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Vibration Design Charts 


iy 
J. N. MACDUFF*' ann R. P. FELGAR? 


The charts, tables, and nomographs presented herewith 
were prepared to provide a quick procedure for estimating 
natural frequencies of uniform and nonuniform beams and 
uniform plates. This enables the designer to assess the 
effect of changing the dimensions, type of support, and 
material of the element. 


INTRODUCTION 


EAMS and plates are structural elements common to all 
mechanical designs. It is frequently necessary to so de- 
sign these elements that they have either a selected 

natural frequency or so that their natural frequencies are suffi- 
ciently far removed from excitation frequencies to avoid 
resonance. 


1 Professor, Mechanical Engineering Department, Duke University, 
Durham, N.C. Mem. ASME. 

? Engineer, General Engineering Laboratory, General Electric 
Company, Schenectady, N. Y. 

Contributed by the Machine Design Division and presented at 
the Annual Meeting, New York, N. Y., November 25-30, 1956, of 
Tue American Society oF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, July 31, 
1956. Paper No. 56—A-75. 


TABLE | 


FREQUENCY CONSTANT FOR UNIFORM STEEL BEAMS ie 
f=NATURAL FREQUENCY, cps 4 
L*BEAM LENGTH, inches 
r*RADIUS OF GYRATION 


were, 


The data for the tables presented in the sii ciiadilialioas 
from readily available references. Undoubtedly, some informa- 
tion available in the literature has been omitted. It is expected 
that, from time to time in the future, the tables will be modified 
and additional information added. 

The theory underlying the data given for the natural frequencies 
of beams and plates assumes small deflections and neglects rotary 
inertia and shear effects. These restrictions must be kept in mind 
when determining frequencies from the charts. 


MeErTHop 


The method is based on the use of a frequency constant defined 
as 


Nomenclature 
natural frequency, cps 
beam length or span length, in. 
radius of gyration = (J/A), in. 
length of plate side, in. 
plate thickness, in. 


Equation Structure 


C = fLt/r 
C = fat/h 


C = fri/h radius of the plate, in. 


thickness of the plate, in. 


Tables 1 to 12, inclusive, give the values of the frequency con- 
stant C for various structures of engineering interest for the dif- 


+ 7 


MODE NUMBER 


3 4 


FREE-FREE 


388.73 | 642.60 


| 


CLAMPED - FREE 


198.30 | 388.73 


9 


CLAMPED - HINGED FREE - HINGED 


| 160.65 | 335.17 | 573.20 


4 [4 € 


CLAMPED - GUIDED FREE-GUIDED 


97.18 | 23998 | 446.25 ree 


GUIDED ~- GUIDED 


126.93 | 285.60 


HINGED-GUIDED 


| 


198.33 | 38873 


71.40 


: 
f = 
: L = 
r= 
lare and 
ctangul 
lates 
ia 
31.73 80773 | 70325 
1459 


FREQUENCY CONSTANT éutith FOR VARIABLE SECTION STEEL BEAMS 
f= NATURAL FREQUENCY, cps 
L* BEAM LENGTH, inches 
r= RADIUS OF GYRATION = inches 
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MODE 


b/by h/h, 


2 


x/L 1709 4889 96.57 


22.30 5818 10990 


15.25 77.78 | 20607 


SYMMETRIC 


21.21 56.97 


35.05 


ANTISYMMETRIC 


32.73 | 76.57 


49.50 | 


SYMMETRIC 


25.66 66.06 
42.02 


SYMMETRIC 


\ANTISYMME TRIC 


Reference 13 


ferent modes of vibration. These tabulated values of C are based 
on a characteristic density of 735  10~* lb sec*/in.* and a 
Young’s modulus of 30 X 10® lb/in.? for steel. Table 13 is a 
tabulation of the correction factor which must be used for non- 
steel structures. 

The nomograph, Fig. 1, may be used with the proper frequency 
constant C and the characteristic dimensions to determine the 
natural frequency directly. Nomographs, Figs. 2 and 3, present 
an alternate method of determining the natural frequency by first 
determining the value of L?/r from the nomograph, Fig. 2, and 
then entering nomograph, Fig. 3, with this item and the frequency 
constant, A third method is presented in Fig. 4, which is a chart 
presentation of the variation of frequency with the frequency 
constant and the ratio L*/r. Figs. 1 through 4 are to be used with 
Tables 1 through 6 in which the frequency constants are tabulated. 

For materials other than steel, the material correction factor 
K,, is obtained from Table 13. With this factor, and the natural 
frequency of a steel member of the same dimensions f,, the 
Nabe iin 5, may be used to determine the natural frequency. 


Some of the less common structural members, such as mem- 
branes, have a frequency relation which is not defined by the 
foregoing equations. In such cases, numerical or slide-rule 
calculation is necessary. The frequency constants for these mem- 
bers are given in Tables 7 through 12. 


EXAMPLE 
Determine the fundamental natural frequency of a titanium 
circular plate, T1-75A, 3-in radius and 0.090 in. thick. The plate 
is fixed at the center. The estimated temperature of operation is 
400 F. 
1 From Table 6 
C/10* = 3.649 


2 From Fig. 1, the natural frequency of a steel plate of these 
dimensions is 
f, = 370 eps 
3 Or, from Fig. 2, with r = 3, and h = 9.09, r?/h = 100 
And, from or 4, a, the natural of a steel 


VARIABLE SECTION BEAMS ‘ 
é 
» 


3 
FREQUENCY CONSTANT C=favh FOR SQUARE STEEL PLATES ~ 


f=NATURAL FREQUENCY, cps 
a*S!DE OF PLATE, inches 
h*PLATE THICKNESS, inches 


_C*CLAMPED 


SQUARE PLATES 


MODE NUMBERS 


3 


Reference 17 a 


plate of these dimensions is Sa 


f, = 370 cps 


5 From Table 13, the material correction factor for T1-75A at 
400 F is 


K,, = 0.910 


6 With this value of K,, and the frequency of step 2 or 4, the 
frequency for the titanium plate is determined from Fig. 5 as 


f = 325 — 350 eps 
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TABLE 4 


f*=NATURAL FREQUENCY ,cps 
a*SIDE OF PLATE, inches 
h=PLATE THICKNESS, inches 


4 
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STEEL PLATES 
FeFREE 


SUPPORTED 
C=CLAMPED 


FIRST MODE 


2.0 2.5 3.0 | INFINITE 


12.00 114 10.67 | 


b/o LO 


1.5 25 


23.01 | 
o/b 1.0 | 
23.01 


| 


+ 


b/a 1.0 


| 28.16 


+ 


a/b 1.0 


c/io* 


28.16 | 


+ 


1.0 


b/a 


| 35.00 


te 


18.39 


15.15 


16.90 


+ + 


3.0 INFINITE 


16.18 15.82 15.01 


3.0 INFINITE 


2.5 


1.43 10.84 9.60 


2.5 3.0 


INFINITE 


22.64 | 2237 | 2176 


2.5 3.0 


INFINITE 


11.80 | 11.05 


— + 


1.5 2.5 3.0 INFINITE 


22.56 


23.12 21.76 


s 


ad? bo 
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— cot | 19.20 | 13.87 | 9.60 
4 
4 | 
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FREQUENCY CONSTANT C=fa/hFOR CANTILEVER STEEL PLATES 


f*NATURAL FREQUENCY, cps 
a* SIDE OF PLATE, inches 
he PLATE THICKNESS, inches 


RECTANGULAR CANTILEVER PLATE a/b 


SKEW | 
ANGLE © 
DEGREES 


SKEWED CANTILEVER PLATE 


15° 
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CLAMPED 


MODE NUMBER 


523 | 21.36 9.98 2418 


8.32 20.86 26.7! | 30.32 


14.52 


21.02 91.92 | 47.39 


33.79 | 20.94 | 54860 103.03 


MODE NUMBER | 


2 3 


8.63 


9.91 
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f=NATURAL FREQUENCY, eps 
r*RADIUS OF PLATE, inches 
h*THICKNESS OF PLATE, inches 

10" 
CIRCULAR PLATE CLAMPED AT BOUNDARY -numaen n=NUMBER OF NODAL DIAMETERS 
circies| n=O 3 
12) 9.936 | 20.65! | 33.906 


et 


86.516 | 


m=NUMBER 
CIRCULAR PLATE WITH FREE BOUNDARY oF Nopa. "*NUMBER OF NODAL DIAMETERS 


CIRCLES 
n=O 2 3 


—+— + —, —— 


5.110 | 11.902 
8.832 19.970 34.295 51.491 


4 
37.487 | 58.255 | 


= 
CIRCULAR PLATE CLAMPED AT ITS cenren m= NUMBER OF NODAL CIRCLES 
fe) | 2 3 


— ai 
| 
Reference 46 


ad 


4 TRANSACTIONS OF THE ASME 
| 
im 
224.100 « ie | 
4 


FREQUENCY FUNCTION = fr/(s/h¥@ FOR CIRCULAR STEEL MEMBRANES 
MEMBRANE RADIUS, inches 
s = TENSION, ib/in AT PERIPHERY 
h «MEMBRANE THICKNESS , inches 


m=NUMBER 


CIRCULAR = NUMBER OF NODAL DIAMETERS 
MEMBRANE ° ‘ 


22.49 30. 2 37.46 | 44.56 | 51.55 


4122 49.44 57.30 6494 | 7222 


59.71 64.94. 7645 84.55 | 92.18 


78.09 8690 | 95.12 (103.34 (111.56 


+ 


96.88 {105.68 N3.91 (122.13 |130.35 


+ 


123.89 | 132.69 140. 91 149.13 


+ 


133.87 142.68 150.90 159.70 167.92 


+ — 


152.07 |160.88 | 169.68 (178.49 186.7) 
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FREQUENCY CONSTANT C=fr®/h FOR STEEL RING VIBRATING IN ITS OWN PLANE 
f “NATURAL FREQUENCY, cps 
r*MEAN RADIUS, inches 
h=RING THICKNESS, inches 


iséss 


C/10* =(fr2n)/10* ar 


CIRCULAR RING n= NUMBER OF FULL WAVES AROUND PERIPHERY 
2 3 4 5 6 7 


Reference 14 


a. 
| 
Pipes, 
251 | 710 | 136 | 2e2 | 322 


UENCY FUNCTION=fLFORLONGITUDINAL VIBRATION OF STEEL BEAMS 


f= NATURAL FREQUENCY, cps 
L*LENGTH OF BEAM, inches 


n=NUMBER OF HALF WAVES ALONG LENGTH 
3 4 5 


5.05 15.15 25.25 3535 45.46 55.56 
CLAMPED-FREE 


30 | 40.41 | 5051 
CLAMPED-CLAMPED | 


TABLE 10 
FREQUENCY CONSTANT C=fl/r FOR CONTINUOUS STEEL BEAM OF k EQUAL SPANS 
EXTREME ENDS SIMPLY SUPPORTED 


f= NATURAL FREQUENCY, cps 3 
Re 
SPAN LENGTH, inches 


r= RADIUS OF GYRATION=" T/A inches 


C/10*% ( 


UNIFORM BEAM NUMBER AOA A 
EXTREME ENDS “MODE NUMBERS 


SIMPLY SUPPORTED tees 3 4 
31.73 126.94 285.61 507.76 


31.73 49.59 12694 160.66 
31.73 | 40.52 59.56 126.94 
| 31.73 | 37.02 | 49.59 | 63.99 
| 31.73 | 34.99 | 44.19 | 55.29 
| 31.73 3432 4052. 49.59 


31.73 33.67 38.40 45.70 


31.73 | 33.02 | 37.02 | 42.70 


31.73 | 33.02 | 35.66 | 40.52 


31.73 | 33.02 | 34.99 | 39.10 


4 


31.73 | 32.37 | 34.32 | 37.70 


31.73 | 32.37 


: 
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fL/10° 
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TABLE ii 


FREQUENCY CONSTANT C=fL/r FOR CONTINUOUS STEEL BEAM OF k EQUAL SPANS 


EXTREME ENDS CLAMPED 


f= NATURAL FREQUENCY, cps 
L= SPAN LENGTH, inches 
r*RADIUS OF GYRATION=VT/A_ itches 


C/10*= 


UNIFORM BEAM 
EXTREME ENDS MODE NUMBERS 


CLAMPED 2 3 4 
198.34 | 38875 | 64263 


ee ee 2 59 | 72.36 | 160.66 | 19834 


—— 


59.56 | 72.36 | 143.98 
a 4959 | 63.99 | 72.36 


44.19 | 55.29 | 66.72 


40.52 | 49.59 5956 
Tes 38.40 | 45.70 | 53.63 
. 


37.02 | 42.70 | 49.59 


Wer lage 


tote 02 | 34.99 | 39.10 | 44.19 


35.66 40.52 | 46.46 


| (ORE | 37.70 | 41.97 
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TABLE 


4h ee ae _ FREQUENCY CONSTANT C=fL/r FOR CONTINUOUS STEEL BEAM OF k EQUAL 
SPANS. EXTREME ENDS CLAMPED - SUPPORTED 


f= NATURAL FREQUENCY, cps 
RADIUS OF GYRATION-VI7A inches 


(FE/r)/10* 


FORM M 
ry TRE ME ENDS MODE NUMBERS 


CLAMPED SUPPORTED 2 5 


49.59 | 160.66 | 335.2 | 57321 874.69 


PEE. 37.02 6399 13730 185.85 | 301.05 


34.32 4 9.59 6765 13207 | 160.66 


ti thn 


+ 


129.49 


33.02 3910 4959 61.31 | 7045 


gees 32.37 3702 4494 5446, 6399 


3237 3566 | 57.84 


32.37 | 34.99 


| OF 31.73 33.67 
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31.73 33.02 
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TABLE 


MATERIAL CORRECTION FACTOR 2 
YOUNGS MODULUS FOR MATERIAL, Ib/in® 
@* MASS DENSITY FOR MATERIAL, Ib-sec*/in* 


E,* YOUNGS MODULUS FORSTEEL+ 
e,*MASS DENSITY FOR STEEL + 735 "107° 
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MATERIAL 


STEEL 


ALUMINUM ALLOYS 2S,35S,4S,17S,245,25S, 51S, 52S 


BRASS, BRONZE 


NICKEL 


MONEL METAL 


MAGNESIUM 


TITANIUM 
TI-75A 


TEMPERATURE °F 


80° 


200° 


400° 


600° 
800° 


Reference 26, 47 
Wai 


0673 
bs 0.965 
0.985 | 0.975 
Pot — 0.932 0.910 | 
4 
0.866 | 0.835 
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Discussion 


Cu This paper performs a very useful purpose by 
assembling widely scattered information on an important sub- 
ject. The authors are to be congratulated on an excellent 
presentation. 

While an extensive bibliography is given at the close of the 
paper, it would be desirable to have specific references for each 
table. This would permit the user to review the derivation of 
the frequency constants, all of the assumptions used in the 
derivation, and to note if there is any experimental verification 
as to their validity. 


W. B. Drsott, Jr.‘ For anyone who has spent many hours 
searching for beam and plate vibration information, this paper 
will be well accepted. The collection of information is excellent, 
and the bibliography is extremely welcome. 

Some analytical work in the field of vibration of plates has re- 
cently been published, which the writer would like to offer as an 
addition to the bibliography.® 


K. Kuorrer.* The authors have set out to perform a very use- 
ful service to designers; namely, to provide them with ready- 
made charts and tables giving the natural frequencies of the 
elastic vibrations for construction members. Because it may be 
expected that these charts and tables will find their way into 
more permanent records (as “Design Data”’ or the like) the writer 
would like to offer some suggestions aimed at improving the 
usefulness of the compilation. The first two of these sugges- 
tions are minor ones; the third, however, if followed, would, 
in the writer’s opinion, enhance considerably the usefulness of the 
work performed. 


* Professor, Chairman of Mechanical Engineering Department, 
New York University, New York, N.Y. Mem. ASME. 

* Department of Mechanical Engineering, Washington University, 
St. Louis, Mo. 

+ “Boundary Value Problems,” by S. T. A. Odman, The Swedish 
Cement and Concrete Institute, Royal Technical Institute, Stock- 
holm, Sweden, Parts 1, 2, and 3 (in English). 

* Professor of Engineering Mechanics, Stanford University, Stan- 
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1 The dimensions of the figures are given “by implication” 
only; they should be shown explicitly. 

2 All figures in Tables 1 through 12 are based on the values of 
Young’s modulus and the density of steel. The specific values 
used in computing the figures of these tables are not shown ex- 
plicitly; and only after some searching can they be found, again 
by implication, in the caption of Table 13. They should be 
stated clearly in the introduction. 

3 Although the authors present an extensive list of refer- 
ences, at no point is there an indication as to from which of the 
references the values in a particular table are derived. This 
leaves the user completely in the dark as to the basis of the 
computations, and hence, to the degree of accuracy which may 
be attributed to a specific figure (the numbers of digits listed 
hardly may be expected to furnish this information). 


Some of the tables (namely, 1, 6, 7, 8, 9) contain figures which 
may be (and probably are) based on the solutions of rather simple 
transcendental equations. The figures of a second group 
(namely, 2, 3, 4, 5) require strictly approximate methods (as e.g., 
Ritz or the like). A third group (10, 11, 12) may be calculated 
either from (rather complicated) transcendental equations or 
else by approximation procedures. Which course actually was 
followed, the reader is not told in any one case. 

The writer’s suggestion, hence, is to use some code symbol with 
either every figure or (where applicable) with a whole table 
which would tell either about the method of calculation or of the 
specific literary sources used (and which, presumably, are al- 
ready included in the bibliography of the paper). _ ‘. 

The primary purpose of this paper is to provide the designer 
with useful information. We wish to express our appreciation to 
the authors of the discussions for their constructive comments 
which will make the paper more nearly meet this objective. 

As Professor Church and Professor Klotter point out, the spe- 
cific reference for each table should be given. This addition has 
been made since the preprints. Also Professor Klotter’s sugges- 
tion that the values of the density and Young’s modulus for steel 
be given early in the paper has been followed. wih = 4 
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Tw ‘o Applications of a Digital Computer to 
Machine-Design Problems 


By JOSEPH T. LESTER, JR.,1 WILMINGTON, DEL. 


Two examples are presented that illustrate two types of 
problems wherein a high-speed computer can provide im- 
portant aid to the design engineer: (a) Tedious table- 
making computations; (4) solution of complex differential 
equations. The two applications represented are, re- 
spectively, a cycloidal crank-drive mechanism and a swing- 


type hammer mill. 


| NoMENCLATURE ded nce 


The following nomenclature is used in the paper: 


Cycloidal-Crank Example 
A = angular displacement of input shaft of a cycloidal-crank 
mechanism, deg. A is zero when crank radius d is in 
line with center line between the two gears and its outer 
end is at its closest approach to the gear-pitch point 
angular displacement of output shaft of a cycloidal-crank 
mechanism, deg. B is measured from same reference as 
A 
crank radius from planet-gear center, in. : 
gear ratio = R/r 
crank ratio = h/(R + r), for spur-gear design it 
= h/(R — r), for internal-gear design wim be 
pitch radius of fixed gear, in. " 
pitch radius of planetary gear, in. 
angular acceleration of output shaft, radians/sec? 
constant angular velocity of input shaft, radians/sec 
angular velocity of output shaft, radians/sec 


Hammer-Mill Example 


= radius from hammer pivot to its center of gravity, ft 

radius from rotor center to hammer pivot center, ft 

hammer mass, slugs 

rotor center 

hammer pivot point 

energy delivered to product by a single blow of a 
hammer, ft-lb 

rotor moment of inertia about its center o, slug-ft? 

hammer moment of inertia about its pivot p, slug-ft? 

time, sec 

rectangular co-ordinate axes fixed with origin at O. 
Z coincides with mill-rotor axis 

rectangular co-ordinate axes with origin at hammer 
pivot p, X’ — Y’ always remain parallel to X — 
Y 

angle between L and X, radians 

angle between X’ and b, radians 

hammer swingback angle, radians = 0 — @ 


b 
L 
m 
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! Research Project Supervisor, Mechanical Development Laboratory, 
E. I. du Pont de Nemours & Company. Assoc. Mem. ASME. 

Contributed by the Machine Design Division and presented at a 
joint session of the Machine Design and Applied Mechanics Divisions 
at the Annual Meeting, New York, N. Y., November 25-30, 1956, 
of THe AMERICAN Society OF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual exp ions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, August 
2, 1956. Paper No. 56—A-98. 


T = total kinetic energy of rotor-hammer system, ft-lb 
S = constant angular velocity of rotor before and during 
impact, radians/sec 


INTRODUCTION 


The high-speed computer represents a powerful new tool for the 
design engineer. The usefulness of this tool is due to its ability 
to perform, accurately and efficiently, simple arithmetic opera- 
tions at an extremely high rate of speed. Because of this unique 
feature the computer can make significant contributions to de- 
sign engineering in two important ways: (a) Simply by perform- 
ing the many tedious computations required in design faster and 
more accurately than a human computer using a desk calculator, 
the automatic computer can effect large savings in time and 
money. (b) The computer’s high speed opens up for practical 
use the powerful field of mathematics known as numerical analy- 
sis. No longer need we limit ourselves to simple linear equations. 
The computers make possible the analysis of highly complex non- 
linear systems. 

It is the purpose of this paper to present two problems that 
illustrate the two chief ways in which a computer can aid the de- 
sign engineer. 


ANALYSIS 


The first example is representative of the tedious computations 
encountered in preparing design tables. The mechanism involved 
in this study is called a “cycloidal-crank drive.’’ It is a device 
that produces a controlled periodic motion of an output shaft 
when the input shaft is driven at constant speed.* In the course 
of a research study on this mechanism, it was desired to compute 
the angular displacement, angular velocity, and angular accelera- 


2 “Cyclic Variations in Speed Obtainable From Cycloidal Cranks,” 
by E. H. Schmidt, Machine Design, vol. 19, no. 3, 1947, pp. 108-111, 
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Fig. 1 Cycromat-Crank Drive—Prrspective 


tion of the output shaft during one complete cycle of operation 
for many different combinations of design parameters. 

Fig. 1 shows a perspective of a simple cycloidal-crank drive. 
The input shaft, running at constant speed, causes a planetary 
gear to rotate about a fixed spur gear. A crank arm attached to 
the axle of the planetary gear transmits motion to the output 
shaft by means of a slotted lever. The end of the crank arm de- 
scribes epicycloids; hence the name cycloidal-crank drive. 
The output shaft goes through one cycle of motion for every revo- 
lution of the planetary gear. It is possible for the output shaft to 
come to a complete stop during the cycle, or even to move in re- 
verse for part of the cycle, the latter condition being obtained by 
making the crank length greater than the pitch radius of the 
planetary gear. 

The cycloidal-crank mechanism has many advantages as a de- 
vice for producing cyclic motion: 


1 It can be made from relatively simple parts; no compli- 
cated cam profiles are required. 

2 The output shaft is in line with the input shaft. 

3 It has great versatility for producing a wide range of 
variable-speed programs. 

4 The accelerations of the output shaft are generally lower 
than with similar mechanisms (e.g., Geneva stop) designed to 
accomplish similar objectives. 

5 It can transmit large loads. 


The main disadvantage of the cycloidal-crank mechanism is 
that it is not possible to produce a finite amount of dwell as is the 
case with a Geneva stop. 

Figs. 2 and 3 show the pertinent geometry associated with 
cycloidal-crank mechanisms. Two variations of the basic idea 
are shown, one consisting of a fixed spur gear with a planetary 
gear revolving around on the outside and the other consisting of a 
fixed internal gear with the planetary gear on the inside. In an 
actual design it is customary to employ pairs of planetary gears 
for better balance. 

The motion of the output shaft is completely determined by 
two dimensionless parameters; namely, the gear ratio K and the 


K=GEAR RATIO= R/r 


N=CRANK RATIO= 
R+r 


¢ SLOTTED LEVER— 
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crank ratio N, which is equal to the ratio of the crank arm to the 
center distance between the gears. For the internal-gear design it 
is impossible to use a gear ratio of 1.0 or less, and it is also im- 
possible to use a gear ratio of 2.0 with a crank-arm length equal 
to the pitch radius of the planet gear. The reason for the latter 
restriction is the well-known fact that, with K = 2.0, a point on the 
pitch circle of the planetary gear performs simple harmonic mo- 
tion. Except for these restrictions it is possible to obtain a wide 
variety of output motions by using suitable values for K and N. 

The equations for the angular displacement, velocity, and 
acceleration of the output shaft as functions of the input-shaft 
displacement are as follows: 


Spur-Gear DesIGn 
Displacement 


sin A — Nsin(K + 1)A 
cos A — Ncos(K + 1)A 


= arctan 


Velocity 

1+ (K + — (2+ K)N cos KA 

Q 1+ N? — 2N cos KA 7 


Q2 + N? 


Acceleration 


— 2N cos KA]? 
INTERNAL-GEAR DeEsIGN 

Displacement 

sin A — N sin (K — 1)A 

cos A + N cos (K — 1)A 


B = arctan [ 


Velocity 
o 1 — (K — 1)N* + (2 — K)N cos KA 


1+ 2N cos KA 
a 


Acceleration 
 (1—N*)NK*sinKA 

+ N2 + 2N cos KA]? 
{t) 
Faas oth 
K=GEAR RATIO=R/r 
20. 
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In these equations it-is assumed that the rotational speed of the 
input shaft 2 remains constant. The problem of speed variation 
of the input shaft will be treated later. Note that the output 
angular acceleration is expressed in dimensionless form as the 
ratio of angular acceleration to the square of the input rotational 
speed. 

Two special values of importance to the designer are the maxi- 
mum and minimum output velocities. .These may be obtained as 
follows: 

Minimum velocity occurs when 


360M 


= ——, M [7] 


N — KN 
1+ ——— (internal gear) 


velocity 


occurs when 


A 


M = 1,3, 5, 


1+N+KN 
1+WN 


1—N+ KN 


(internal gear) 


a _ determining peak inertia loads and peak power require- 


ments it is essential that the designer know the maximum ac- 
celerations. These may be obtained as follows: 

For the fixed spur-gear design the maximum acceleration oc- 
curs when 


—(1 + N2) + V(1 + 34N2 + 


KA = are cos | 4N 


The maximum acceleration is then obtained from Equation [3]. 
For the internal-gear design the maximum acceleration occurs 
when 


KA = are cos| = 


The maximum acceleration is then obtained from Equation 
(6). 

For designing a cycloidal-crank mechanism it is necessary to 
evaluate some or all of the foregoing expressions for a range of 
values of the input angle A for each pair of values of K and N that 
is being investigated. For one using a desk calculator and a set 
of trigonometric tables this can be a tedious and time-consuming 
operation. Here is where the high-speed computer can effect im- 
portant savings in time and money by performing these computa- 
tions for the engineer. 

The methods for preparing such problems for a computer 
have been simplified greatly in recent years. The foregoing equa- 
tions were programmed for solution on the I.B.M. Card Pro- 
grammed Calculator (CPC), a medium-sized digital computer 
that uses punched cards for placing data and coded instructions 
into the machine. The over-all scheme of organizing a problem 
for solution by a digital computer is worthy of note. The com- 
putation is separated into two steps: 


ters are loaded into the storage units of the computer. For the 
cycloidal-crank equations these parameters are the gear ratio K, 
the crank ratio N, the initial value of the input angle A,, and the 
increment of the input angle AA. 

(b) The second phase of the computation consists of a repetitive 
cycle during which the computer takes the parameters it re- 
ceived during the load cycle and calculates the results for the 
initial value of the independent variable, A,. At the end of this 
cycle the computer increases the independent variable by the 
increment and inserts this new value into the storage unit where 
the initial value was loaded. Then the computer is ready to re- 
peat the calculate cycle until the desired range of values has been 
covered. On the CPC the results can be printed out and also can 
be punched out on cards. 

A simple flow diagram of these operations is shown in Fig. 4. 
The big advantage of planning a problem in two phases for the 
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computer is that the calculate cycle never has to be changed. Dif- 
ferent cases can be calculated simply by changing cards in the 
load cycle that represent gear ratio or crank ratio. 

The present CPC program can compute in 2 hours as many 
cases of the cycloidal-crank equations as a man with a desk cal- 
culator can compute in one week. 


or COMPUTATIONS 


Results of a typical computation are shown in Table 1. Here 
the angular displacement, velocity, and acceleration are listed as 
functions of the input-shaft angular displacement for both the 
spur-gear and the internal-gear design. The equations for the 
two designs are so similar that it was easy to incorporate them 
both in the same program. Also listed are the values of maximum 
acceleration and the angular positions where they occur. 

Typical results for a spur-gear design are shown in graphical 
form in Figs. 5, 6, and 7. In this example the gear ratio was 4.0 
and curves are plotted for four different crank ratios. Note that 
for N = 0.20 the output shaft dwells instantaneously at the be- 
ginning and end of the cycle. For N > 0.20 reversal occurs, and, 
as shown in Fig. 6, the peak accelerations become much larger. 

With the information provided by the computed curves it is 
an easy matter to compute the input torque and horsepower ver- 
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TABLE 1 CYCLOIDAL CRANK DRIVE 


T. U 

ABLES OF ANG LAR DISPLACEIENT, VELOCITY AND 


A B 

0.00 0.00 0.000 0.000 

5.00 0.18 0.109 2.362 
10.00 1.37 0.383 
15.00 3.770 
20.00 8.47 1,022 3.212 
25.00 14.22 1.269 2.458 
‘welt le 28.64 1.57% 1.089 


12.90 


Internal Gear 0.00 0.00 -30 


ned 15.00 6.05 
20.00 9.22 Fie. 6 Output VeLocity Versus Input ANGLE—Spur- 
25.00 13.47 Gear Desien. K = 4.0 

35.00 26.37 J ; ANGULAR ACCELERATION RATIO 

4 40.00 35.18 

SPUR GEAR DESIGN 
32.10 (Por Max. Accel.) 3.843 (Max), K= 4.0 
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suming constant input speed. In the actual case the input speed 
would vary owing to the fluctuating load. However, the mag- 
nitude of the fluctuation can be estimated from the characteristics 
of the input drive. It is also possible to determine the size fly- 
wheel required to maintain the speed fluctuations within specified 
limits. 

The chief conclusion drawn from this application is that with 
the aid of a computer it is possible to obtain extensive design in- 
formation about a proposed mechanism in less time and at a cost 
considerably lower than that required by older methods. 


ANALYsIS 


The second example of computation techniques is taken from 
that category of problems which simply could not be solved 
on a practical basis without the aid of a high-speed computer. 
This problem involves the solution of differential equations that 
describe the motion of a hammer mill. The hammer mill is a 
well-known device that is used for crushing ore, rock, limestone, 
and other materials. A sketch illustrating the basic operation of 
a hammer mill is shown in Fig. 8. The mill consists of a heavy 
rotor with several rows of pivoted hammers attached to it. In 
operation the material to be crushed enters through the chute at 
the top. The hammers pound the material against a back plate, 
and the final product is discharged through the bottom opening 
which often contains a grating to prevent large pieces from get- 
ting through. There are two important advantages arising from 
the use of pivoted hammers: (a) Smaller impact loads are de- 
livered to the rotor shaft than would be the case with rigid cut- 
ters. (b) If a pluggage occurs, the hammers can pivot out of the 
way, and there is less likelihood that the mill will stall. 

The swingback of the hammers is generally limited in most 
designs by backstops. Typical values for the maximum swing- 
back angle lie between 60 and 120 deg. For normal operation it 
is necessary that the hammers not rebound against the backstop 
since continuous pounding inevitably would lead to structural 
damage of the mill. However, the problem of designing and sizing 
a hammer mill for a new application and have it operate with no 
rebounding of the hammers is a difficult job. Most of the ap- 
plications of hammer mills over the years have been for crushing 


rock, limestone, coal, and similar materials; but the empirical 
data available from crushing these materials do not apply to 
many of the materials used in modern chemical processing. 

The advent of high-speed computers enables us to attack such 
a problem from a more fundamental standpoint than was formerly 
considered feasible. The method used here consisted of two 
phases: 


(a) Experimental phase in which the energy required to per- 
form a grinding operation was measured very accurately in an 
available small-size mill. 

(6) Analytical phase in which the results of the experimental 
phase were used as data for the solution of the equations of mo- 
tion of the rotor-hammer system. 


It is not the purpose of this paper to discuss the details of the 
experimental phase. Suffice it to say that even here the computer 
effected appreciable savings by converting large quantities of ex- 
perimental data to useful form and from these calculating energy 
consumed. 

The purpose of the analytical phase of the study was to com- 
pute the motion of a hammer after it had delivered a single blow. 
Of particular interest was the maximum value of the swing-back 
angle and the period of the hammer-swinging motion. In order to 
derive the equations of motion a simplified model was chosen 
consisting of a rotor and a single hammer as shown in Fig. 9. 
This model has two degrees of freedom, and consequently two 
generalized co-ordinates (e.g., 6, @) can be used to describe the 
system. By using this simplified model we are assuming that a 
blow on one hammer causes negligible motion of the other ham- 
mers. 

For the analysis the following type of operation is assumed: 
Initially the rotor and hammer are rotating at constant speed 
with no input torque and no dissipative forces acting. Att = 0, 
6 = @ = O, the hammer delivers an impulsive blow and in so doing 
loses a finite amount of kinetic energy. After this impulse the 
motion is conservative. 

With these assumptions in mind the first step consists in deriv- 
ing the equations of motion for the hammer-rotor system that 
occurs after the blow. This can be done with the aid of the 
Lagrangian equations of motion, the details of which are given in 


st 


Fic. 83 Hammer Mut. Schematic Drawine SHowine Principte Fic. 9 Hammer Mitt. Co-OrpinaTEe SysTeM FoR EQuATIONS OF 
or OPERATION 


= 
‘Tht 
a 
: 
a {a 


OCTOBER, 1957 
the Appendix. The resulting equations for the two co-ordinates, 
6 and ¢, are 
(I, + + mLb cos (6 — 


wilt tc 


H + mLb cos — 
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a 

Solutions to Equations [15] and [16] would give plots of 6 and @ as 
functions of time. From these the swingback angle 8 can be de- 
termined since 


ae [15] and [16] are simultaneous, second-order, non- 
linear ordinary differential equations; a closed-form analytical 
solution is not feasible. This is the point where the computer can 
lend a powerful hand to the engineer by enabling him to solve com- 
plex nonlinear equations such as Equations [15] and [16] on a 
practical basis. These equations were programmed for the 
CPC using a step-by-step numerical procedure known as the 
Adams method.* In order to solve a system of second-order 
differential equations, it is necessary to specify the values of the 
dependent variables (@ and @) and their first derivatives (d@/dt 
and d@/dt) at the initial time (¢ = 0). From the choice of the co- 
ordinate system 6 = @ = 0 whent = 0. The constant initial ro- 
tational speed of the mill S was used for (d@/dt)o. The value 
for (d@/dt),.0 was calculated from the impulse theory relating 
the change in rotational velocity of the hammer to the amount of 
energy delivered by a single blow. Consequently, the energy de- 
livered to the product by a single blow of a hammer is an im- 
portant physical parameter for the system. This was determined 
in the experimental phase of the hammer-mill study. The equa- 
tion for determining (d@/dt),.o is given by the neue ary ar 


1 do \? 
2 
As in in the cycloidal-crank computation, the computer program 
consisted of two distinct cycles: (a) A load cycle during which 
the physical parameters of the mill were loaded into the storage 
units of the computer, and (b) a repetitive calculate cycle during 
which the unknown variables, 6 and ¢, were computed for finite 
increments in the independent variable, time. The load cycle 
included a computation for the initial value of d¢/dt using Equa- 
tion [18]. 


a Resutts or 


: Results from a typical calculation are shown in Fig. 10. Here the 
swingback angle 6 is plotted against time for one set of design 
parameters and for several values of FZ, the energy transferred per 
blow. Note that the maximum value of the swingback angle is 
almost directly proportional to the energy delivered when the 
energy and the maximum angles are small. However, when the 
maximum swingback angle is large, a small increase in energy 
causes a large increase in the swingback angle. Furthermore, 


3 ‘‘Numerical Solution of Differential by W. E. Milne, 
John Wiley & Sons, Inc., New York, N. Y.., first edition, 1953, pp. 


the period of hammer motion is independent of the energy for 
small values of energy but becomes longer as the energy and the 
maximum angle increase. For small swingback angles, the ham- 
mer natural frequency, when expressed in terms of the number of 
revolutions of the mill rotor, is independent of the rotor speed. 
In the example shown in Fig. 10, the hammer frequency for small 
oscillations is 1.23 cycles per rotor revolution. For the maximum 
curve shown in Fig. 10 (EF = 1600 ft-lb) this ratio has decreased 
to 0.86 cycle per rotor revolution. 3 
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ConcLusIONS 

The two examples presented in this paper have illustrated the 
two chief ways in which a high-speed computer can aid the design 
engineer. The first example, preparation of design tables for the 
cycloidal-crank drive, was representative of the many straight- 
forward, yet tedious, calculations required in machine design. 
For such problems the computer can effect important savings in 
time and money. The second example, the differential equations 
of motion for a hammer mill, represents the “impossible’’ type of 
problem which the computer has rendered solvable on a practical 
basis. 

It is for this latter type of problem that computers have opened 
up new horizons for the designer. With computers we can analyze 
complex mechanisms for high-speed and high-performance opera- 
tion while they are still on the drawing board and thus eliminate 
many of the costly trial-and-error methods used in the past. 

As demands for efficient, high-performance machines grow in all 
industries the high-speed computer will play an ever-increasing 
part as an essential tool for the design engineer. 
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Appendix 


DertvaTion or or Motion 


If we neglect the effect of gravity and dissipative forces, the 
Lagrange equations of motion’ become 


= 
28 


dt \ oe 


where dots represent differentiation with respect to time and T 
is the total kinetic energy of the system. ee to Fig. 9 


+ mLb6¢ cos (8 — ¢) [21] 


When Equation [21] is inserted into Equations [19] and [20], the 
result is the Equations of Motion [15] and [16]. 


2 = 262 
T 1,8 + + mL 


DerIvaATION oF Equation For IniT1AL VALUE oF E 
Assumptions: 


1 Prior to the blow the rotor and the hammer are rotating at 
constant speed, S = (d0/dt); <o. 

2 The blow, which occurs instantaneously, results in a change 
in the velocity of the hammer but not in its position. 

3 The rotational velocity of the rotor remains constant during 
the blow; i.e. (d0/dt).9 = S. 

4 The energy delivered to the product results in a change in 
kinetic energy of the hammer only. 


Before Blow. Kinetic energy 


(I, + Ig + mL* + 2mLb)S* 


After Blow 
Kinetic energy 


d d 1 

+ ( + 2 (I, + mL?*)S?* [23] 
Subtracting Equation [23] from Equation [22] yields an ex- 

pression for E which after rearrangement gives the quadratic 


Equation [18] for (dd/dt),.o. 


Discussion | 


Harry Souon.* The first high-speed computers were designed 
and built in the 1940’s. They were used initially to aid in the 


4 Engineering Research Laboratory, E. I. du Pont de Nemours & 
Co., Wilmington, Del. 

‘Mathematical Methods in Engineering,’’ by Th. von Karman and 
M. A. Biot, McGraw-Hill Book Company, Inc., New York, N. Y., 
first edition, 1940, pp. 101-106. 

* Associate Professor, University of Pennsylvania, Philadelphia, 
Pa. 


solution of ballistics problems. With the close of World War II 
the drive was to the use of such computers by management in its 
payroll and inventory departments. 

Relatively few computers were purchased primarily for sci- 
entific purposes because the engineers were not familiar enough 
with computing methods and facilities to demonstrate their 
economy in the engineering program. Some companies now find 
that their computers are not needed by management all of the 
time and they therefore invite their engineering departments to 
use the computers during the period when they would otherwise 
be idle. 

Papers such as the author’s will be valuable in advising other 
engineers as to what kinds of problems are susceptible of solution 
on high-speed computers and will help them to plan and proceed 
with their solution. The author indicates that the computer 
could compute in two hours what an engineer could do in a week 
at his desk. There is another parameter that will be very useful 
to other engineers who have not yet solved problems on high- 
speed computers. The setup time is important. Will it take 
three people three or four days to prepare the program? 

For high-speed computers the setup time is usually fairly large 
in man-hours; therefore the problem must be one whose solution 
time is also long if it is to make efficient use of a computer facility. 
In some cases it may be more economical to stay at one’s desk for 
a week to obtain a solution, rather than use two hours’ computing 
time plus setup. On the other hand, a problem that would re- 
quire twenty weeks at one’s desk would generally be well worth a 
week’s computing time plus the setup time. 

As more and more engineers make use of high-speed computers 
for their engineering problems we will find that more companies 
will provide them full time for their scientific staffs. In addition, 
the computer manufacturers will be encouraged to incorporate 
special procedures and routines to make further savings in setup 


as well as in computing time. 4 


AuTHOR’s CLosuRE 


The author wishes to thank Professor Sohon for his very per- 
tinent comments. The set-up time is certainly important and 
must always be considered in deciding whether or not any problem 
should be processed on a digital computer. 

In the first example presented in the paper (design tables for 
cycloidal-crank drives) approximately three days were required 
to prepare and check the program for the CPC. However, this 
was the first program tried on the CPC and it is believed that an 
experienced programmer could have done the same job within 
one day. Approximately ten hours’ CPC time were required to 
prepare the required set of design tables. Since this would have 
taken five man-weeks to do by hand the use of the computer was 
economical and considerably faster. (Note: The cost of operat- 
ing a CPC installation is approximately $20 per hour.) 

By the time the second example was programmed more expe- 
rience had been gained and the job was checked out within one 
day. Approximately two days of production running were done. 
It is estimated that this would have required three months for a 
man with a desk calculator. Here again the computer was con- 
siderably more economical, reliable, and faster than the hand 
method. 

It has been our experience that if a problem requires more than 
two days for a man to do with a desk calculator it is more eco- 
nomical to run the problem on the computer. For some of the 

Ww -sized computers this Gide line will be even 


horter. 
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pesiae Application of Digital Computers 


_ This paper describes the application of modern digital 
computing equipment to a study of the operating charac- 
teristics of journal and thrust bearings. Results of such 
a study are used in the design of these bearings. As origi- 
nally programmed for the Card Programmed Calculator, 
approximations to the pressure distribution, side leakage, 
and total load in journal bearings were made under the 
assumptions of rigid bearings and constant temperature. 
Present development of the type 650 Magnetic Drum Cal- 
culator permits a more rigorous solution accounting for 
variations in viscosity and density of the lubricant, as 
well as any prescribed shape of the oil film. Faster and 
more precise solutions are possible both for thrust and 
journal bearings. In addition to the calculation of pres- 
sure, temperature profile, flow, and load, results for the 
thrust bearing include a determination of the moments 
acting on the bearing sector, and a consequent locating 
of the center of pressure. A numerical example and a 
computer flow chart are included as guides to the design 
engineer. Operating techniques, time, and cost factors 
also are discussed to throw light on the application of a 
computer from both the engineering and economic 
standpoints. A derivation of the governing equations 
in dimensionless form is contained in the Appendix. 
veil dt jo welt 
‘The following nomenclature is used in the paper: rencps hos 
ai 


Bar above symbols indicates per unit. 
hat 


A, B = constants (see Equation [6}) 

a = coefficient (see Equation [5}) 
specific heat at constant pressure, Btu/gal deg F 
specific heat at constant volume, in?/sec? deg F 
dimensionless vertical force 
accelerating factor 
specific enthalpy, in*/sec* 
film thickness, in. 
horsepower, hp 


doode ti dads inal 
chek 
current, amp 
radial length of pad, in. 4 errs! 
number of mesh subdivisions in @-direction 
number of mesh subdivisions in r-direction = = —__ 
revolutions per second, rps 
pressure, psi 
oil flow, gpm 
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co-ordinates of center of pressure an 

shear stress, psi all 
voltage, volts wee bo ial 
rectangular co-ordinates of apoint 
attitude angle, radians eebon 
error J 
angle, radians 

viscosity, Ib sec/sq in. 

kinematic viscosity = u/p, in*/sec 

mass density, lb sec?/in.* 

angular velocity, radians/sec 


outer radius of sector, in. 
radius, in. 


Subscripts 


j 


index defining the value of r in thrust-bearing 
mesh (z in journal bearing) running from 1 to n 
index defining value of @ in thrust or journal- 


bearing mesh running from 1 tom 
in r-direction 7 
ery no 


Of 
total 
minimum : 
constants (see Fig. 1) 
k = iteration number the 


r 
6 = in 6-direction 
1 = inlet quantities 
= outlet quantities 


Superscript 


_ Prior to the advent of large-scale analog and digital com- 
puters, the most effective way to tackle a complex engineering 
problem was to seek a closed or formal solution to the set of 
mathematical equations which expressed the physical relation- 
ships. Failing this one might seek an approximate solution, 
possibly in the form of a power-series expansion. Because of 
the drudgery and expense of long manual numerical methods of 
solution, much time and effort justifiably could be spent in literal 
analysis of the equations. 

Today styles have changed. The engineering analyst puts 
his efforts into devising the best numerical analysis possible with 
the intention of making a high-speed computer carry out his 
calculation. This frequently means that we are able to start 
with the fundamental relationships; i.e., with the basic differen- 
tial equations. We may not have to approximate experimental 
data by the best straight line; we may be able to fit the data 
as closely as we please and for all values of the independent 
variable or variables. In short, by starting with the numerical- 
analysis approach and letting a computing machine do the la- 
borious time-consuming arithmetic, we may now be able to obtain 


r= 
7,6 = 7 
S = 
T = 
U = 
V= 
z,y= 
Y= 
a= 
€= 
A= 
v= 
I= 
L= 
m= 
n= 
N= 
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solutions which more nearly approach the physical phenomena 
we are trying to represent mathematically, and at the same time 
conserve engineering manpower and save money. 

One of the purposes of this paper is to show how a high-speed 
digital computer was employed in the solution of a particular 
problem, but one of fairly wide scope—the design of bearings. 
Major emphasis will be placed on the digital computer and 
an attempt will be made to guide the reader in choosing a 
particular class of computer commensurate with the scope of 
the particular problem to be solved. 


Use or Computers IN BEARING DESIGN 


Probably the first computer method of solving bearing prob- 
lems was Kingsbury’s electrolytic tank method (1).* A similar 
method for the solution of two-dimensional journal-bearing prob- 
lem involves the use of a d-c network analyzer. This is merely 
a collection of adjustable resistors which may be interconnected 
to form a resistance network. By application of d-c currents at 
the various nodes in this network, punntitien in the electric circuit 

fine 


Fic. 1 Exvement or D-C Network 


become analogous to quantities in the hydrodynamic lubrication 
problem. For example, Fig. 1 shows schematically the quan- 
tities adjacent to one mode in the network. If we sum up 
and set equal to zero all the currents flowing into that node as 
required by Kirchoff’s law, the resulting Equation [1] 
Y4Va + + YeVe+ +1 

Ygt+ 


is identical in form with Equation [2] 


+ 45,5-1 Pi 


Vo = 


Py; = + 


derived in the Appendix which gives the approximate value of 
the pressure at a point in the oil film of the bearing. 

We may therefore set up a network with nodes distributed in 
space corresponding to pressure points in the developed surface 
of a journal bearing, and by measuring voltages in the electrical 
network determine corresponding pressures in the fluid film. 
This device obviously allows us to study the two-dimensional 
case, but with a practical restriction that the viscosity must 
either be a constant or a known function of position. We do 
not have the means of setting up simultaneously the energy 
equation and obtaining therefrom the viscosity as a function 
of temperature. A further restriction in the use of this method 
lies in the difficulty in balancing the current inputs to all the 
nodes. Furthermore, precision components are not usually used 
in such devices. Consequently, this method probably will not 
yield best results particularly where pressure gradients must be 
determined. 


3 Numbers in parentheses refer to the Bibliography et the end of 
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A second computer method had as its aim the inclusion of the 
energy equation. Most prior solutions had assumed constant 
viscosity or a known temperature distribution. The mechanical 
differential analyzer was employed in an attempt to include 
the actual temperature distribution in the oil film. Since this 
device is designed to solve ordinary differential equations, it 
was necessary to go back to a one-dimensional case. For an 
infinitely wide journal bearing, then, based on the assumption 
that all the heat generated in the oil film was carried off with the 
oil, a few solutions were generated. 

The inadequacy of the solutions obtained by the d-c network- 
analyzer method and the mechanical differential-analyzer method 
led to a finite-difference digital method to be applied on a digital 
computer. 

For the two-dimensional thrust bearing the form of the dif- 
ference-equations representation of Reynolds equation in polar 
co-ordinates is given by Equation [30] in the Appendix. Al- 
though this is explicitly derived for a thrust bearing, it is formally 
identical with Equation [2]. 

In order to obtain the pressure field digitally by means of this 
equation, an iterative procedure is used. This procedure is con- 
tinued many times until the differences in the pressures calcu- 
lated between successive iterations are so small as to be negligible. 
Thus iteration is a method of successive improvements until we 
are satisfied that there is no more to be gained by further itera- 
tions. When we use a digital computer to perform this calcula- 
tion we must be able to store in the computer the most recently 
calculated value of the pressure at each point in the field. 

The first digital computer on which a serious attempt was made 
to solve the Reynolds equation was the IBM Card Programmed 
Calculator (CPC). This machine has a small storage capacity 
which limits us to a pressure field of approximately 50 mesh points 
and a slow speed of operation which makes it require approxi- 
mately one hour for each new pressure field calculated. The 
size limitation also prevents us from obtaining simultaneously 
the solution of the energy equation with Reynolds equation, 
and consequently we are limited to cases in which the viscosity 
is assumed constant or a known function of position. 

The IBM 650 differs from the CPC in that it is a stored 
programmed computer. This means that instructions as well as 
data are stored internally in the computer. The memory capac- 
ity of this machine is 2000 ten-decimal-digit numbers which are 
stored as magnetic impulses on a surface of a rapidly rotating 
drum. The speed of operation is approximately indicated by the 
fact that it takes about 2'/, millisec to add two numbers together 
and about 12 or 15 millisec to multiply two of these ten-decimal- 
digit numbers. 

With the 650, we are able to solve for both pressures and tem- 
peratures existing in the fluid film using Equation [27] derived 
in the Appendix. Following this, certain auxiliary calculations 
permit us to determine total load, side-leakage flow, center of 
pressure, and, in the case of a journal bearing, direction of load 
application. All results are punched out automatically and the 
machine halts its operation. 

Because of its larger capacity and higher speed of operation 
the 650 computer gives us the possibility of calculating still 
other effects such as the mechanical distortion of the bearing 
surface under load. We are able to obtain greater accuracy by 
considering field meshes with finer subdivisions and the high 
speed of the computer allows us to perform a complete solution 
in approximately 10 to 15 min, far more rapidly than the CPC. 

Where the volume of the calculations to be performed becomes 
very large, or where it is necessary to go to extremely fine sub- 
divisions, a still more powerful digital computer such as the IBM 
704 may be considered. Here the working storage may be 
4000 to 8000 ten-decimal-digit numbers and multiplication speeds 
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of 250 microsec, and addition times of approximately 50 microsec 
may be obtained. Where these speeds and capacity are needed, 
economics will demand that we go to one of these more powerful 
machines. 


Logica, DIAGRAM 


As an example of the programming which an engineer must be 
able to carry out in applying his problems to the digital computer, 
we will follow through step by step a simplified flow diagram 
for the solution of the one-dimensional Reynolds equation for 
a journal bearing 


By the methods shown in the Appendix, this may be reduced to 
a difference equation which for constant viscosity will take the 
form 


P; = 


jn + — 6uU Ar — hj-an) 
Wise + 


This, in turn, may be reduced to 


[4] 


= Pi + ja + ajo 


The subscript j refers to any general point. Then j + 1 is the 
next succeeding point, a distance Ar from j. Values of h, the 
film thickness, used in the difference equation are evaluated 
at points midway between the pressure points. For an infi- 
nitely long journal bearing, Equation [4] will apply if we substi- 
tute rA@ for Az and the film thickness h will have the form 


h = A + Bcos(@—a@)............... [6] 


Fig. 2 shows the locations of the pressure points along the 
bearing surface. As stated in the Appendix, we have divided 
the field into m subdivisions and will evaluate the pressure at 
these m points. 


Fic. 2 Nopes ror SoivuTion oF 
BEARING 


One-DIMENSIONAL 


For boundary conditions we will assume there is an image- 
point pressure P, across the boundary from P; and an image point 
P+, across the boundary from P,,. In order to force the 
boundary pressures at each end to be zero, we will require that 
P, always be the negative of P; and that P,,4; always be the 
negative of P,,. 

To instruct the computer when to stop calculating, we will 
require that the iterations be carried on until the fractional change 
in pressure over the whole bearing be less than some specified 
amount. 

The flow chart or flow diagram is a logical description of 
the problem solution. It is so constructed that a person familiar 
with machine language can write a set of instructions which the 
machine will follow numerically in carrying out a solution of the 
problem. The logical description does not necessarily tell the 
programmer how to solve equations or what numerical techniques 
to use but rather gives the flow of information through the ma- 
chine. Fig. 3 is such a flow diagram for the problem we have 
been discussing. 

Once the program and the data have been stored in memory, 
the computer takes over and does the entire calculation making 
all the necessary logical decisions to do what the programmer 
wants done, and finally punches out a complete set of results. 
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Fie. 3 Frow Diagram For Soivutiwn oF 
One-DimMENSIONAL BEARING 


This is all done automatically and without any further supervision 
required by the engineer or programmer. 


Turust BEARING-PERFORMANCE CALCULATION 


It should now be obvious how the transition can be made 
from the one-dimension, constant-viscosity calculation to the 
practical two-dimensional one in which energy considerations 
are accounted for. This part of the paper points out how we 
have employed the IBM 650 digital computer in the design of 
sector thrust bearings. In particular, it shows how the governing 
equations can be set up in generalized form and solved on the 
computer. 

In bearing design, there are five very important considerations. 


Load-carrying capacity as a function of film shape. 
Oil-flow requirements. 

Horsepower loss. 

Temperature distribution. 


5 Stability. 


The first four characteristics are considered in this paper. 
Certain assumptions were made in order to simplify the analysis 
and at the same time point out the highlights of the bearing de- 
sign. Thus, for this bearing analysis, the inertia effect was 
neglected. It was assumed that viscosity is a function of tem- 
perature only; consequently, pressure effects are neglected. 
It is further assumed that load-carrying capacity is not affected 
by changes in density and specific heat. These effects can be 
included if desired, but they complicate the analysis and generally 
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have little effect on the load-carrying capacity of commonly used 
bearings. 

The first consideration in bearing design is the load-carrying 
capacity. It is this which establishes the size of the bearing and 
the minimum oil-film thickness under which it will operate. 
The minimum oil-film thickness in turn governs the oil-filter 
specifications, for the filter is designed to eliminate particles 
that are larger than the minimum film thickness. The next 
consideration in the design of the lubricating system is the oil 
requirements. Once these requirements are established, it is 
possible to determine the sizes of the accessories such as pumps, 
coolers, oil tank, orifices, and so on. Then we must determine 
the bearing efficiency, since we are always anxious to minimize 
the horsepower losses. Bearing efficiency also plays an important 
role in determining the sizes of coolers and other accessories. 
Calculations of the energy loss determines the temperature dis- 
tribution in the bearing. High temperatures reduce the fatigue 
life and increase the creep rate of the bearing materials, which 
may result in bearing failure; thus knowledge of bearing tempera- 
tures is essential. Furthermore, the maximum temperature de- 
termines the choice of suitable bearing material. This clearly 
indicates that bearing design plays a very important part in 
the over-all design of the lubricating system and, for proper de- 
sign, all of the foregoing points must be considered. 


PRESSURE-FIELD CALCULATIONS 


The basic Reynolds equation in dimensionless form is derived 
in Appendix Equation [28]. This equation is transformed into a 
difference Equation [29] and solved by the process of iteration 
for pressures at every point in the mesh. Referring to Equation 
[30] and Fig. 4, it is seen that pressure P, ; is expressed in terms 
of the surrounding pressures, viscosities, and film thicknesses. 
Thus, a two-dimensional bearing may be divided into a mesh of 
m X n points and the pressure at every point determined. The 
boundary conditions influence the pressure distribution. In 
the case of a thrust bearing, the pressure along the boundary 
lines is equal to zero. In order to meet this condition, fictitious 
image points outside the boundary are set equal in magnitude 
and opposite in sign to the value of pressure points inside the 
boundary. 

In the case of a journal bearing, where symmetry is considered, 
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the pressure points along the axis of symmetry are equal in magni- 
tude and sign to the image points. This results in zero pressure 
gradient across the axis of symmetry. 

In order to accelerate the process of iteration, an accelerating 
factor f is employed. The following equation is used for the ad- 
justment of pressure between successive iterations 


Thus, in the succeeding iteration, an accelerated pressure P,,,; 
is used. In case the solution of Equation [7] results in a nega- 
tive pressure, P, ; is arbitrarily set equal to zero. 

This process of iteration is continued until the entire pressure 
field converges to within a prescribed error. In this analysis, 
the maximum error was specified to be less than 0.1 per cent 


> |P,.;*| 


j=1s=1 


This quotient should converge in successive iterations. If it 
does not, it usually means that the accelerating factor f has 
been chosen too large. 


TEMPERATURE CALCULATIONS 

The load-carrying capacity of a bearing is greatly influenced 
by the oil viscosity. In order to obtain reliable bearing design, 
then, it is essential to include energy considerations in the solu- 
tion. This is done by the simultaneous solution of the Reynolds 
and the energy equations. The energy equation is derived in 
the Appendix as Equation [31] and is transformed into dif- 
ference Equation [32] which is evaluated for temperature 7’ at 
every point in the mesh. Boundary conditions must be con- 
sidered once again. For this analysis, only the inlet-edge oil 
temperature has to be assumed for a specific design. This tem- 
perature generally is quite well known, and the result can be 
quite accurate. In the case of the thrust bearing, the image 
points on the inner and outer radius of the pad are set equal to 
the temperatures inside the boundary. This therefore estab- 
lishes a zero radial temperature gradient at the inner and outer 
radii. These boundary conditions are based on experimental re- 
sults of temperature distribution at the boundaries. 

There is no necessity for image consideration at the outlet 


The calculation procedure is started by assuming some value 
of inlet temperature and zero pressure throughout the field. 
The temperatures are then determined throughout the field by 
employing Equation [33] in the Appendix. Since the viscosity 
is a function of temperature, once the temperature is established 
it is possible to compute the viscosity at every point. The si- 
multaneous solution of the Reynolds and energy equations is per- 
formed in the following manner: 


1 The value of the film thickness at every point is determined. 

2 P,,; is assumed equal to zero and an arbitrary value is 
assumed for the inlet temperature 7’. 

3 The values of 7 are then determined at every point from 
Equation [33]. 

4 Variable u can now be calculated from 7’. 

5 Having the values of u, h, and P; , the first approximation 
to the pressure field is determined from Equation [30]. 

6 This pressure field-is improved several times by iteration 
as has been described previously. 

7 The iterated pressure field is now used to calculate another 
temperature distribution from which new set of yu’s is determined. 

8 Another pressure field can now be computed and this cycle 
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of pressure and temperature iterations is continued until P;,, 
reaches the tolerance factor specified for the run, Equation [8]. 

9 The final pressure field is then used to compute the final 
v-'ue of temperature. Once the pressure distribution is obtained, 
it 1s possible to calculate the total load carried by the bearing. 

The force at a point is equal to the pressure at that point 
times the area. The total force on the bearing is the integral 
of pressure times area summed over the whole bearing. 

Thus 


Since the form of a thrust-bearing pad is a sector and the area 
of a sector is r d@ dr, the equation becomes 
m n ) 
j=1i=1 
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Once the pressure distribution is established, it is possible 
to determine the hydrodynamic flow. Using Equation [24] of 
the Appendix, the hydrodynamic flow is determined. To gen- 
eralize the solution, a dimensionless factor Q is set up in Equation 


[11] 
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Equation [24] in dimensionless form resolves to Equation [12] 
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When the pressure gradients, reference (2), are substituted into 
Equations [12], we obtain, referring to Fig. 5 
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Once the dimensionless flow is determined from Equations [13], 

by using Equation [11] and the bearing parameters, it is pos- 

sible to convert the per unit flow to the actual hydrodynamic 

flow from each edge of the bearing. To this flow must be added 


Fie. 5 Secror Turust-Bearinc REPRESENTATION FOR Hypro- 
DYNAMIC From Eacu 


the flow resulting from the linear-velocity component which is 
included as part of Q» and is represented by Equation [24] in 
the Appendix and the following equation 
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Referring to Equation [24], it is evident that this flow is added 
to Q, and it is subtracted from Q,. The flow on the inner radius 
and outer radius is obtained by dimensionalizing Q; and Q, of 
Equation [14]. This neglects inertia effects. 4 
We are now ready to calculate the horsepower loss. In this 
calculation we assume that all of the heat generated goes into 
the temperature rise of the oil. Based on this assumption, the 
horsepower loss is a function of the flow and oil-temperature 
rise which was calculated previously. 
Thus 


in dimensionless form, referring to Fig. 5, the equation is basically 
HP = 
4 (3.00 Pym — 1.5 Paman 
+ 0.333 PamahT: — Ti) 
(3.00 — 1.5 Piss 


+ 0.333 Pint, 


(3.00 Pan 1.5 


+ 0.333 Prams — Ti) ) 
= BP, + BP, + BP, 
which converted to real units gives hydrodynamic HP loss. 


To this horsepower must be added the HP loss which results 
from the linear-velocity gradient on the outlet edge 
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reduction in cost and time could be effected by using trapezoidal 
rather than step integration. 

Since flow calculations depend on pressure gradients rather 
than on the pressures themselves, it is essential that the slopes 
be obtained with the greatest precision possible. 


Flow Chart (refer to Fig. 7) ye a 
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It can be seen by inspection that the horsepower Equation [16] « CONVERGENCE 
is quite similar to Equation [13] and can be solved concurrently ee re 
with the flow equation. 

Very often it is necessary to locate the point through which the he => = 
resultant load vector passes. This is especially important in ADJUST 11 = 

pivoted-shoe thrust bearings and in misaligned bearings. ya 

Referring to Fig. 6, one can readily obtain the co-ordinates of allies a) 

the resultant force. Summing moments in Equation [18] we get : | 2-20 


m on 1 Read in 7’ versus yu table and constants fora run. Since 
40 = 0 viscosity is a function of temperature there will be a curve 
‘ eveieaee j=1i=1 relating temperature and viscosity for each lubricant used. 
Solving for # we get The machine is digital and cannot accept graphical data. There- 
fore, a table of T versus u was set up which covered the range of 

viscosities for the calculations. 
The constants for a run are values such as: 6,7, L/R, 11, 

m, n, hmin, ete. 


2 
Caleulation of Ar, 8, r, (3) 
ss 


3 Computation of K = 


r;? sin 6 P,, # 46 Ar 


_ From Equation [10] we have ae formation of 7 versus @ 

120 N 
table. (N’ is defined in Appendix.) 

F = Addr Per unit temperature 7 by multiplying dimen- 

 saptbears Y tie sional temperature (7') by the constant (K) for the run. In the 

’ table of temperature versus viscosity, the dimensional tempera- 

ture is replaced and stored by per unit temperature. ‘The di- 

mensional viscosity is divided by avg to obtain per unit 7 and 

this value replaces the dimensional value of viscosity. Thus 

a per unit uw can be calculated directly for each value of 
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4 The inlet temperature 7; is converted to per unit and 
stored in the proper registers. 
5 Calculation of h. 
6 Calculation of Aé Ag, 541). 
7 Calculation of h*. The values of h? are placed in storage 
registers formerly held by h except for the h-values computed at 
the center of each mesh square. 
8 Calculation of 1/r;, ;?. 
9 Clear pressure field. The pressure is assumed to be zero 
in the first temperature calculation and therefore each register 
OPERATING TECHNIQUES in the field must be cleared or made zero. 
The accelerating factor, f in Equation [8], is a device used to 10 Store Z@ at inlet edge. 
speed convergence of pressure iterations. 11 Calculation of temperature of each point. The IBM 650 
In the force calculations it was observed that a 60 per cent when instructed will perform an operation called table-lookup 


resultant force. 
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(TLU), thus when the value of 7 is calculated the TLU operation 
will give the location of the next highest value of 7 in the tables. 
By means of this location and an interpolation subroutine, it is 
possible to calculate the value of 7 which corresponds to this 7. 
Therefore, the values of 7 are calculated for each T as it is com- 
puted. 

12 The values of Z calculated in step 11 are at the center 
of the mesh square. In order to calculate the coefficient neces- 
sary for pressure calculation the values of 7 at (i — */2, j), 
(i + '/2, 7), (i,j — */2), and (i, 7 + '/2), (see Fig. 4) must be com- 
puted. Thus interpolation is used to compute these values. 

13 Initialize pressure-iteration count. A certain number 
of pressure iterations are performed for each calculation of tem- 
perature. Each time a set of pressure iterations is completed, it 
is necessary to set the register which is keeping count back to 1. 

14 Calculation of h?/rp. 

15 Calculation of r (Ar/A@)?. 
of pressure in the pressure equation. 

16 Calculation of the reciprocal of the sum of pressure term 
coefficients around point i, 7. This sum of coefficients is the 
denominator of the pressure Equation [30]. The reciprocal is 
taken in order that a multiplication operation will be used during 
calculaticn instead of a divide operation. 

17 Calculation of pressure field. This is a complex calcula- 
tion involving tests of position in row and column, storage of 
image points. 


18 Test for convergence wi 
< 0.1 per cent? = 


These are the coefficients 


(a) No—more pressure iterations are necessary, therefore go 
on to step 19. 

(b) Yes—Reynolds equation is equal to zero. Go to step 20 
to compute the final temperature distribution. 

19 Test for number of pressure iterations: Is number of 
pressure iterations per temperature calculation less than or 
equal to the number specified? 

(a) Less—another pressure iteration is needed, go to step 17. 

(b) Equal—the number of pressure iterations per temperature 
calculation is satisfied, therefore go to step 10 to repeat tempera- 
ture calculation. 

20 Modify instructions so that step 11 will be followed by 
step 21. Return tostep 11. The final temperature distribution 
will now be calculated, and we will prepare to summarize the 
calculations and punch out the results 

21 Convert final values of 7 and P to T and P. 

22 Read in punch-instruction deck and punch out the 7 and 
P fields and the T and P fields. 

23 Read in rest of program cards. The portion of the pro- 
gram described to this point used practically all the available 
storage registers, thus the instructions for the last section are 
read in at this time. All the data necessary for the subsequent 
sections have been left in proper storage registers, however. 

24 Flow computations. 

25 Horsepower calculations. 

26 Trapezoidal integration of pressure field. 

27 Moment and force calculations (sine and are sine sub- 
routines ). 

28 Punch out final results 

pee hmin b L/R r% 0% 
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NUMERICAL EXAMPLE 


A numerical example is given for a tapered-land thrust bearing 
(tapered in radial and circumferential direction). The taper is 
shown in Fig. 8 and is represented in dimensionless form by 
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Input quantities for calculation of Fig. 8 and Table 1: 
"Temperature 


0, = 0.69 radian 

R = 11.12 in. 

L/R = 0.5618 

8 pads 

N = 60 rps 4 

p = 84 X 10> lb sec?/in‘* 

Maximum permissible error = 0.1 per cent 
Fig. 8 indicates the close agreement that exists between experi- 
mental and theoretical results when mixing oil temperature is 
considered at the inlet edge. Table 1 shows some of the subsidiary 
quantities calculated. 

To give some idea of the cost of using a computer such as the 
IBM 650 for bearing-design calculations, each of the conditions 
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here calculated required between 20 and 30 min of actual running 
time. At an hourly rate of $70 to $80 per hr, this means a cost of 
$25 to $40 percase. It should be remembered, however, that this 
does not include the cost of developing the program which may 
take a matter of two to three man-months. 


ACKNOWLEDGMENT 


The authors wish to acknowledge the assistance of Mrs. Marie 
Modic and Miss Marilyn Rogers whose patient care in program- 
ming and performing the calculations made this paper possible. 


BIBLIOGRAPHY 


is 1 “On Problems on the Theory of Fluid Film Lubrication With 
an Experimental Method of Solution,” by A. Kingsbury, Trans. 
ASME, vol. 53, 1931, p. 59. 

2 “Formulas and Tables of Coefficients for Numerical Differen- 
tiations With Functional Values Given at Unequally Spaced Points 
and Application to Solution of Partial Differential Equations,” 
by Chung-Hua Wu, NACA TN 2214, November, 1950. 

3 “Modern Development in Fluid Dynamics,” by 8. Goldstein, 
Oxford University Press, London, England, vol. 1, 1938, pp. 95-96; 
vol. 2, 1938, pp. 602-603. 

4 “The Hydrodynamical Theory of Film Lubrication,’ by W. F. 
Cope, Proceedings of the Royal Society of London, England, vol. 
197, 1949, p. 201. 

5 ‘Heat Transfer in Bearing From the Lubrication of the Gliding 
Surfaces,”” by G. Vogelpohl, VDI Forschungsheft 425, July-August, 
1949. 


Appendix 


5 

A Although the fundamental energy equation is well known 
(reference 4, vol. 2) it will be presented here together with the 
momentum equation (Reynolds equation) and set up in a dimen- 
sionless form for use in the analysis of sector thrust bearings. 
Thus, the energy and momentum equation may be represented by 
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Substituting Equations [24] into Equation [23] we get 
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To put the foregoing equation in dimensionless form let 


r= R7; A= 6 = 6; Mavell 
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Substituting Equations [26] in [25] we get 
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The first part of Equation [27] is identically equal to zero and is 
the Reynolds equation. The remainder of Equation [27] is the 
energy equation (reference 4, Equation [5b]) derived by Cope 
which can be reduced to Equation [27] by setting his Equation 
[5b] below in dimensionless form 
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It is assumed that the specific heat of the fluid is constant. Equa- 
tion [5b] states that all of the heat generated within the fluid due 
to viscosity is carried away by the mass transfer of the fluid; and 
that no heat is gained or lost through the bearing surfaces. This 
is a comparatively good assumption, for the heat-transfer co- 
efficient at the fluid boundaries (5) is very small. 


Next we can set the dimensionless Reynolds and energy equa- 
tions into difference equations. 
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This equation will be reduced to a difference equation. Thus referring to Fig. 4 we get Ti 9 Pet roaitl 
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Rewriting Equation [31] we get  sredwuos 
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which may fu further be expressed as 
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Referring to Fig. 4, the foregoing equation reduces to a difference equation Utyib « an aed? aban ad 


To conform with the flow chart, the numerator and denominator of Equation [30] must be multiplied by A6? 
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Discussion 


E. K. Garcomssz.‘ It is my opinion that the oil film at the 
trailing edge of the slipper bearing may be thinner than 0.001 in. 
Thus it might be well to investigate those cases in which this 
film is thinner than 0.001 in. 


S.E. Werpter.’ The authors are to be congratulated on their 
paper. If it is not the first, it is at least one of the first papers on 
computer application to practical bearings. 

It is a forerunner of papers to come. As the authors have 
indicated, bearings of complete generality can now be programmed 
on large-scale computers such as the IBM 704. For example, 
sector-pad problems including effects of viscosity a function of 
temperature and pressure, heat capacity a function of tempera- 
ture, flow work and conduction can now be programmed for a 
441 mesh-point field. Distortion of the stator pad as a result of 
temperature and loading also can be included. If for this case, 
it is desired to keep all of the program, etc. in, say, the high- 
speed storage of the IBM 704, then the mesh field probably will 
have to be reduced to 121. Acceleration effects can be approx- 
imated posteriori so that a good estimate of error in the pressure 
distribution may be obtained. Acceleration and transient effects 
as an integral part of the general bearing program need investi- 
gation. 

As a design tool, these general programs may be specialized 
according to the various bearing classifications and conditions. 
As a research tool, these general programs fit in and overlap 
somewhat the regimes and working areas of the experimenter 
and the functional adherent of the applied mathematicians. 
The proponents of these two extremes may feel somewhat crowded. 
Actually, they should not since this comparatively new tool is 
complementary as well as supplementary. The functional-bent 
applied mathematician states that the results obtained from 
numerical processes are too difficult to interpret in terms of 
physical phenomena. Whereupon is heard the ofttimes re- 
joinder: ‘No more so than a lot of open and closed solutions of 
specialized problems seen in present-day literature.’’ On the 
other hand, the experimentalist should not find the array of 
results from a computer uncomfortable. His interpretative 
processes are already well set up. The experimentalist may be 
further comforted by a loose analogy of the following: The 
test-stand is the computer, the setup is the program, the control 
and valve settings are the input data, and the output are the 
measurements taken. He should readily admit that no finer 
‘control’ on conditions nor more accurate ‘‘measurements’’ can 
be made than on a digital computer. 

Once confidence can be established that the mathematical 
model and the numerical processes used do represent the physical 
phenomena to the required degree of accuracy, an ambitious but 
very inexpensive ‘“‘experimental’’ program can be set up and 
pursued. One such program is the question of bearing failures. 
One type of bearing failure that occurs in taper-land bearings is 
where metal-to-metal contact is made near the outlet edge as a 
result of, say, overload. The question here is: What kind of 
pressure condition should be applied as a boundary condition 
at the outlet edge? Perhaps, zero-pressure slope is proper. At 
any rate, these conditions can be determined by carrying out a 
series of calculations for decreasing values of minimum film 
thickness. These results then present a time-history of effects 
for a very slowly increasing load from which a more realistic 
boundary condition can be postulated. 


‘Professor, Department of Mechanical Engineering, USN Post- 
graduate School, Monterey, Calif. Mem. ASME. 

’ Engineering Analyst, Analytical Engineering Section, General 
Electric Company, Schenectady, N. Y. Assoc. Mem. ASME. 
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os Turning now to direct comments on the authors’ paper, the 


writer would like to have comments on the nodal arrangement 
as exemplified by Fig. 4 versus the ‘“mesh’’ arrangement 
where the points of interest occur at the intersections of the 
meshes. It seems to the writer that at interior points and for 
average temperature, pressure, or total load calculations, and 
the like, there are practically no differences. On the other hand, 
where edge conditions or where edge effects such as distortion due 
to load are under investigation, it appears that the so-called 
mesh arrangement would be more accurate. 

Next, in temperature calculations the authors write two tem- 
perature boundary conditions in the radial direction and one in 
the tangential direction. However, the energy partial-differen- 
tial equation has only first-order partial derivatives of tempera- 
ture with respect to the two independent variables. If the pres- 
sure and film-thickness distributions are specified functions of 
the radius and the angle, then only one boundary condition may 
be written for each of the co-ordinates. Now, the writer believes 
that even though the pressure distribution is actually specified 
by a partial-differential equation, this does not alter the foregoing 
requirements; i.e., conduction in the radial direction is necessary 
before two boundary conditions can be written in the radial 
direction. The net effect on the results of imposing two versus 
one boundary condition, especially of the type specified by the 
authors, is probably small, since generally, the conduction effects 
in the fluid are negligibly small. 

The writer also notes that the authors set any negative cal- 
culated pressures to zero during their iteration procedure. 
This will tend to damp out any massive instability changes that 
might occur. The writer often has wondered if there is more 
than one mode of operation in, say, a spring-supported bearing. 
In other words, do the governing relations, in themselves, state 
that there shall be no negative pressures? If not, the first mode 
would correspond roughly to a half sine-wave in a cylindrical 
surface and the second mode would be a full sine-wave. Now 
suppose these modes and others can exist mathematically for a 
particular set of conditions. However, one mode, when com- 
pared with the rest, is the most stable. Naturally, actual bear- 
ing operation would occur in the most stable mode and numeri- 
cal solutions would tend to find the most stable mode. Thus 
this question can only be answered by the use of function theory. 
Physically, a mathematical region of negative pressure would 
delimit the region of oil foaming or perhaps oil striation, where 
presumably, the actual pressure is near atmospheric and is 
governed by another set of relations. = 


Autuors’ CLOSURE 


OV, 

The authors are in general agreement with the point raised by 
Mr. Gatcombe. The numerical example presented in this paper 
was chosen at random. Since the experimental measurements 
of minimum film thickness were carried only to 0.001 in., the 
calculations for comparison purposes were also made to cover 


the experimental range. It should be pointed out, however, 
that other factors such as loading, pressure, and thermal distor- 
tions may become important and should be included in the 
analysis of large thrust bearings where the trailing edge minimum 
film thickness is less than 0.001 in. 

The comments of Mr. Weidler are greatly appreciated for they 
show keen and thorough knowledge of the field in which the 
paper is written. It is quite true that the computer can be con- 
sidered as an experimental tool of both the experimenter and the 
applied mathematician. It is only necessary to establish the 
mathematical model which represents the physical phenomena 
and the experiment can be conducted. 

In answer to Mr. Weidler’s specific question, the following may 
be stated. Either a nodal arrangement, as exemplified by Fig. 4, 
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or a “mesh’’ arrangement, where the points of interest occur at 
the intersections of the meshes, may be used. We have made 
some comparisons between these two arrangements and found, 
as Mr. Weidler expects, practically no difference in average 
temperature, pressure, total load, and moments. However, in 
flow calculations we found closer agreement between theory and 
experiments when the nodal arrangement was used. It is quite 
possible that a mesh arrangement will prove more satisfactory 
when elasticity equations are considered. We plan to investi- 
gate this point in the future. 

In regard to the boundary conditions on temperature, it is 
quite true that the energy equation can be solved by imposing 
only one boundary condition. The two boundary conditions in 
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the radial direction were imposed in order to partly compensate 
for conduction. Closer correlation between experimental and 
theoretical results was obtained when this was done. 

In answer to the point raised in regard to negative pressures, 
the mathematical equations are of such a form that negative 
pressures can result. In fact, in the analysis of compressible 
fluid journal bearings a large region of negative pressure exists 
and this gives additional load-carrying capacity to the bearing. 
However, since oil foaming and cavitation prevent incompres- 
sible fluids from being put in tension, it was necessary to impose 
the condition that at any point where negative pressures were 
calculated, zero pressures were set. Tests on spring-supported 


bearings indicate no region of negative pressure. 
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Discussion 


E. K. Gatcomss.‘ It is my opinion that the oil film at the 
trailing edge of the slipper bearing may be thinner than 0.001 in. 
Thus it might be well to investigate those cases in which this 
film is thinner than 0.001 in. 


S.E. Werp.ter.’ The authors are to be congratulated on their 
paper. If it is not the first, it is at least one of the first papers on 
computer application to practical bearings. 

It is a forerunner of papers to come. As the authors have 
indicated, bearings of complete generality can now be programmed 
on large-scale computers such as the IBM 704. For example, 
sector-pad problems including effects of viscosity a function of 
temperature and pressure, heat capacity a function of tempera- 
ture, flow work and conduction can now be programmed for a 
441 mesh-point field. Distortion of the stator pad as a result of 
temperature and loading also can be included. If for this case, 
it is desired to keep all of the program, etc. in, say, the high- 
speed storage of the IBM 704, then the mesh field probably will 
have to be reduced to 121. Acceleration effects can be approx- 
imated posteriori so that a good estimate of error in the pressure 
distribution may be obtained. Acceleration and transient effects 
as an integral part of the general bearing program need investi- 
gation. 

As a design tool, these general programs may be specialized 
according to the various bearing classifications and conditions. 
As a research tool, these general programs fit in and overlap 
somewhat the regimes and working areas of the experimenter 
and the functional adherent of the applied mathematicians. 
The proponents of these two extremes may feel somewhat crowded. 
Actually, they should not since this comparatively new tool is 
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as exemplified by Fig. 4 versus the ‘“mesh’’ arrangement 
where the points of interest occur at the intersections of the 
meshes. It seems to the writer that at interior points and for 
average temperature, pressure, or total load calculations, and 
the like, there are practically no differences. On the other hand, 
where edge conditions or where edge effects such as distortion due 
to load are under investigation, it appears that the so-called 
mesh arrangement would be more accurate. 

Next, in temperature calculations the authors write two tem- 
perature boundary conditions in the radial direction and one in 
the tangential direction. However, the energy partial-differen- 
tial equation has only first-order partial derivatives of tempera- 
ture with respect to the two independent variables. If the pres- 
sure and film-thickness distributions are specified functions of 
the radius and the angle, then only one boundary condition may 
be written for each of the co-ordinates. Now, the writer believes 
that even though the pressure distribution is actually specified 
by a partial-differential equation, this does not alter the foregoing 
requirements; i.e., conduction in the radial direction is necessary 
before two boundary conditions can be written in the radial 
direction. The net effect on the results of imposing two versus 
one boundary condition, especially of the type specified by the 
authors, is probably small, since generally, the conduction effects 
in the fluid are negligibly small. 

The writer also notes that the authors set any negative cal- 
culated pressures to zero during their iteration procedure. 
This will tend to damp out any massive instability changes that 
might occur. The writer often has wondered if there is more 
than one mode of operation in, say, a spring-supported bearing. 
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that there shall be no negative pressures? If not, the first mode 
would correspond roughly to a half sine-wave in a cylindrical 
surface and the second mode would be a full sine-wave. Now 
suppose these modes and others can exist mathematically for a 
particular set of conditions. However, one mode, when com- 
pared with the rest, is the most stable. Naturally, actual bear- 
ing operation would occur in the most stable mode and numeri- 
cal solutions would tend to find the most stable mode. Thus 


complementary as well as supplementary. The functional-bent 
applied mathematician states that the results obtained from 
numerical processes are too difficult to interpret in terms of 
physical phenomena. Whereupon is heard the ofttimes re- 
joinder: “No more so than a lot of open and closed solutions of 
specialized problems seen in present-day literature.’’ On the 
other hand, the experimentalist should not find the array of 
results from a computer uncomfortable. His interpretative 
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processes are already well set up. The experimentalist may be 
further comforted by a loose analogy of the following: The 
test-stand is the computer, the setup is the program, the control 
and valve settings are the input data, and the output are the 
measurements taken. He should readily admit that no finer 
“‘eontrol’’ on conditions nor more accurate ‘‘measurements’’ can 
be made than on a digital computer. 

Once confidence can be established that the mathematical 
model and the numerical processes used do represent the physical 
phenomena to the required degree of accuracy, an ambitious but 
very inexpensive ‘experimental’ program can be set up and 
pursued. One such program is the question of bearing failures. 
One type of bearing failure that occurs in taper-land bearings is 
where metal-to-metal contact is made near the outlet edge as a 
result of, say, overload. The question here is: What kind of 
pressure condition should be applied as a boundary condition 
at the outlet edge? Perhaps, zero-pressure slope is proper. At 
any rate, these conditions can be determined by carrying out a 
series of calculations for decreasing values of minimum film 
thickness. These results then present a time-history of effects 
for a very slowly increasing load from which a more realistic 
boundary condition can be postulated. 


* Professor, Department of Mechanical Engineering, USN Post- 
graduate School, Monterey, Calif. Mem. ASME. 

5’ Engineering Analyst, Analytical Engineering Section, General 
Electric N. Assoc. Mem. ASME. 


this question can only be answered by the use of function theory. 
Physically, a mathematical region of negative pressure would 
delimit the region of oil foaming or perhaps oil striation, where 
presumably, the actual pressure is near atmospheric and is 
governed by another set of relations. 


AvutTHors’ CLOSURE 


The authors are in general agreement with the point raised by 
Mr. Gatcombe. The numerical example presented in this paper 
was chosen at random. Since the experimental measurements 
of minimum film thickness were carried only to 0.001 in., the 
calculations for comparison purposes were also made to cover 
the experimental range. It should be pointed out, however, 
that other factors such as loading, pressure, and thermal distor- 
tions may become important and should be included in the 
analysis of large thrust bearings where the trailing edge minimum 
film thickness is less than 0.001 in. 

The comments of Mr. Weidler are greatly appreciated for they 
show keen and thorough knowledge of the field in which the 
paper is written. It is quite true that the computer can be con- 
sidered as an experimental tool of both the experimenter and th 
applied mathematician. It is only necessary to establish the 
mathematical model which represents the physical phenomena 
and the experiment can be conducted. 

In answer to Mr. Weidler’s specific question, the following may 
be stated. ar nodal arrangement, as b; by 4, 
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or a “mesh’’ arrangement, where the points of interest occur at 
the intersections of the meshes, may be used. We have made 
some comparisons between these two arrangements and found, 
as Mr. Weidler expects, practically no difference in average 
temperature, pressure, total load, and moments. However, in 
flow calculations we found closer agreement between theory and 
experiments when the nodal arrangement was used. It is quite 
possible that a mesh arrangement will prove more satisfactory 
when elasticity equations are considered. We plan to investi- 
gate this point in the future. 

In regard to the boundary conditions on temperature, it is 
quite true that the energy equation can be solved by imposing 
only one boundary condition. The two boundary conditions in 
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the radial direction were imposed in order to partly compensate 
for conduction. Closer correlation between experimental and 
theoretical results was obtained when this was done. 

In answer to the point raised in regard to negative pressures, 
the mathematical equations are of such a form that negative 
pressures can result. In fact, in the analysis of compressible 
fluid journal bearings a large region of negative pressure exists 
and this gives additional load-carrying capacity to the bearing. 
However, since oil foaming and cavitation prevent incompres- 
sible fluids from being put in tension, it was necessary to impose 
the condition that at any point where negative pressures were 
calculated, zero pressures were set. Tests on spring-supported 
bearings indicate no region of negative pressure. 
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} the zone; namely, to subcool the condensate. 
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Heat leakage through the subcooling zone wall in com- 
bination feedwater heaters tends to defeat one purpose of 
Equations 
are presented for the determination of the mean temper- 
ature difference, feedwater and condensate-outlet tem- 
peratures, and minimum subcooling terminal approach 
under such conditions. These are given in terms of pa- 
rameter K = (U,A,/U,A,), the relative heat-transfer ca- 
pability of the zone envelope as compared to the tube 
surface enclosed. 

NOMENCLATURE 

The following nomenclature is used in the paper: 

A, = heat-transfer surface of tubes in zone, sq ft 
heat-transfer surface of zone shroud, sq ft 
specific heat of feedwater, Btu/lb deg F 
specific heat of condensate, Btu/Ib deg F 
differential operator 
diameter of shell, in. 
2.718 = base of natural logarithms 
(T, Lore T:)n/R, deg F 
At,,/ Atiog 
heat-transfer coefficient, Btu/hr-sq ft-(deg F/ft) 
UA,/U,A, 
logarithm to the base e 
(4 — 4) /(T, — 

(T, — T2)/R(T, — th) 
we/WC 
{1 + R(K + 1)]/2 


c 
Cc 
d 
D 
e 
E 
F 
K 
In 
P 
P 
R 
Ss 
t 
T 
T, 


S S 


saturation temperature, deg F 
over-all heat-transfer coefficient through tube walls, 
Btu/hr-sq ft-(deg F/ft) 
flow rate of condensate, lb/hr 
fraction of total surface measured from condensate inlet 
deg F 
fictitious temperature difference at condensate inlet, 
Contributed by the Heat Transfer Division and presented at a joint 
session with the Power Division at the Annual Meeting, New York, 
Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 


feedwater temperature, deg F 
condensate temperature, deg F 
Btu/hr-sq ft-(deg F/ft) 
over-all heat-transfer coefficient a zone wall, 
(T, T2)/(T, th) 
flow rate of feedwater, lb/hr 
zone wall thickness, ft 
base temperature difference defined by Equation [19], 
deg F 
1 Chief Engineer, The Griscom-Russell Company. Mem. ASME. 
N. Y., November 25-30, 1956, of Tae American Society or Me- 
CHANICAL ENGINEERS. 
of the Society. Manuscript received at ASME Headquarters, July 
18, 1956. Paper No. 56—A-69. 


perature Difference in Feedwater 
Heater Subcooling Zones 


By KARL A. GARDNER,' MASSILLON, OHIO 


fictitious temperature difference at condensate outlet, 
deg F 
= logarithmic mean temperature difference, deg F 
effective mean temperature difference applicable to sub- 
cooling tube surface and condensate cooling duty, 
1 = inlet value 


deg F 
2 = outlet value 


/ one 
exp (U,A,/we) 

s = subcooling tube surface reference 

z = zone shroud surface reference 


At, 


Subscripts 


The modern boiler-feedwater heater is a relatively complex 
item of central-power-station equipment consisting, as it may, of 
as many as three distinct heat exchangers within a single pressure 
shell. Since these components all have the feedwater stream, or 
a portion of it, in common, considerable nicety of design is in- 
volved in proper apportionment of heat-transfer surface among 
them. The design problem is not simplified, although the 
equipment is, by housing the components within a common 
shell, and an appreciation of this may be afforded by a brief 
definition and discussion of the separate elements. 

The simplest type of heater condenses steam bled from a tur- 


INTRODUCTION 


bine stage at the saturation temperature corresponding to the 


pressure at the bleed point (less line losses), regardless of the de- 
gree of superheat. The feedwater cannot possibly be heated 
beyond this saturation temperature in a simple condensing heater 
even with surface of infinite extent. The portion of the total 
surface of a combination heater which performs this function is 
called the “condensing zone.’’ The difference between steam- 
saturation temperature and feedwater-outlet temperature is 
commonly called the “approach’’; it is not generally economical 
to provide surface for approaches less than about 3 deg F in 
condensing heaters or zones. 

A “zero approach”’ or a “‘crossover,”’ i.e., heating the feedwater 
to or beyond the steam-saturation temperature, may be ac- 
complished under some conditions of superheat by inserting a 
gas cooler in the line between the turbine and the condensing 
heater, using the feedwater from the latter as the coolant. Ina 
combination heater this is referred to as the “desuperheat 
zone.”’ It is not possible in such a zone, however, to cool the 
steam all the way down to the saturation temperature since con- 
densation will start at that point in the zone where the combina- 
tion of local temperatures and heat-transfer coefficients results 
in “wet tubes,”’ i.e., in a tube surface temperature equal to the 
saturation temperature corresponding to the local pressure. The 
steam-outlet temperature from a properly designed desuperheat 
zone may vary with conditions between rather narrow limits 
within which 50 deg F above saturation temperature may be con- 
sidered typical. 
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Additional heat may be transferred from the steam condensate 
to the feedwater by incorporation of a “condensate cooler’’ or a 
“gubcooling zone’’ in the feedwater circuit. The difference in 
temperature between condensate outlet and feedwater inlet is 
referred to as the “subcooling approach’’ and is normally specified 
as 5 to 15 deg F. The difficulty or impossibility, under certain 
conditions, of providing a close approach at this point is the pri- 
mary subject of this paper. 

The three zones—condensing, desuperheating, and subcooling 
—of a combination heater may be arranged in various ways as 
shown diagrammatically in Fig. 1. The single stream arrange- 
ment of Fig. 1(a) is typical of vertical heaters installed with the 
stationary head down Fig. 3(a) and of some horizontal heaters 
where a complete tube pass is enveloped by the subcooling zone 
shroud as shown in Fig. 2(a), and subcooling surface available is de- 
termined by the length of the pass enveloped by the shroud. The 
split-pass arrangement of Fig. 1(b) is typical of vertical heaters in- 
stalled with the stationary head up as shown in Fig. 3(b), and of 
horizontal heaters in which the lower portion of the tube surface 
is flooded with condensate Fig. 2(b). In both these cases it is 
essential that the zone shroud extend full length of a tube pass, 
so the subcooling surface available is determined by regulating 
the number of tubes within the shroud, leaving the remainder in 
the condensing zone. 
wi 
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The advantage of the combination heater is of course that the 
cost for construction, installation, and maintenance of nonheat- 
transfer parts such as shells, water heads, flanges, and nozzles, 
is less for one large unit than for three separate smaller units. 
There are, however, certain disadvantages, and it is the purpose 
of this paper to call attention to one of these which is not widely 
recognized, and to present the design method which should be 
used to insure against operating difficulties. 7 

A separate counterflow condensate cooler, adequately insulated, 
should have no difficulty in reducing the condensate tempera- 
ture to within a few degrees of the feedwater-inlet temperature. 
The design method is straightforward and the construction gener- 
ally simple. 
shroud inside a combination heater shell, however, it is sur- 
rounded by steam or condensate at saturation temperature, and 
heat flow through the zone walls imposes a temperature limit 
below which the condensate cannot be cooled, even with infinite 
surface. A relatively simple, though inexact, consideration will 


When this same surface is enclosed within a zone 
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show that if the rate of heat flow through the zone wall into the 
condensate becomes equal to the rate of heat flow from the con- 
densate into the feedwater, the condensate will suffer no further 
decrease in temperature and will merely act as a convective me- 
dium for transfer of heat from outside the zone to the feedwater. 
In equation form 


UALT,— = U ALT: — 


or aah 


where 


thas 


Obviously there are certain values of the subcooling approach 
(7: — t) which cannot be met, especially if the ratio of zone 
wall surface to tube surface enclosed is relatively large. In- 
creasing the tube length is of no avail since the ratio (A,/A,) is 
independent of length. 

This condensate-reheat effect is ignored by many designers and 
users of feedwater heaters with the result that design conditions 
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are sometimes never met. Others attempt to allow for it empiri- 
cally by reducing the subcooling zone heat-transfer coefficient 
by an arbitrary amount in cases where it appears reheat might 
be a problem; this method is sometimes successful although there 
is a fair chance that the purchaser, buying on price alone, would 
award the contract to the designer who failed to recognize the 
problem and therefore had a lower price. In other cases, how- 
ever, no reduction in heat-transfer coefficient, however drastic, 
can compensate for a truly inoperable set of conditions, and this 
method also fails. The proper design method, used by the 
author’s company for many years, involves evaluation of the 
effective mean temperature difference for internal zones of com- 
bination feedwater heaters. 


Meruop or ATTACK 


As in most mean temperature difference problems, the fol- 
lowing assumptions can be made without serious error: 


1 The over-all heat-transfer coefficient U, for the enveloped 
tube surface is constant. 

2 The rate of flow of each fluid is constant. 

3 The specific heat of each fluid is constant. 

4 There is no change of phase of either fluid within the zone. 

The following assumptions are made specifically for enveloped 
zones: 

5 The over-all heat-transfer coefficient U, from ambient 
fluid to fluid within the zone is constant. 

6 The temperature of the ambient fluid, be it saturated 
steam or condensate, is constant at the saturation temperature, 

7 Heat leakage, other than that postulated through the zone 
wall, is negligibie. 

By making heat balances on cross-sectional elements of dif- 
ferential length for the feedwater stream and the condensate 
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stream separately, Fig. 4, the following differential equations 
can be set up 


wedt = —U,A(T — t)dz...... 
WCaT = —[U,A(T — t) — — T)]dz [5] 


Considering the dependent variables to be (7, — ¢) and (7, — T), 
and rearranging, these become 


UA. 


we dz... [4a] 


1 
aT, —1) = —(7,— 


and 


T)) dz. . [5a] 


where 3 


These simultaneous first-order equations might be solved as 
second-order equations by differentiating once and making the 
appropriate substitutions. For present purposes, however, a 
first-order equation in a new parameter may be arrived at by 
defining 


Noti 

Noting that 
aT, — T) = — t) + (T, — t)dv......... [8] 


Equations [4a] and [5a] may be combined to give 


[1 + R(K + 1)]v + R} 
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and 


(4) lz Fs 2 r, 
=. 
R Jo We R we 
i 


OCTOBER) 1067" 


T,—T: 

where ( T.—t 
The usual expression for the heat transfer from the conden- 


sate is written 


(T,— Ts) 
(Oy 4 ,/WC) 
The effective mean temperature difference appropriate to the 


heat abstracted from the condensate, from Equations [10] and 
[12] is 


= . [13] 


dv 
fot — (1 + RK + 


which, upon integration, becomes 


2(T, — T:) Vs? — 


V/(S* — R)] 
Tei 
where 


+ R} 
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Normally, the aim at this point would be to determine a cor- 
rection factor by which the logarithmic mean temperature dif- 
ference could be multiplied to determine the effective MTD. 
Charts of such correction factors are customarily drawn in 
terms of two parameters, P = (t; — t,)/(T: — 4), and R = 
(T, — T:)/(4 — th). In the present case, however, the correc- 
tion factor mode of presentation is awkward for these reasons: 


1 The equivalence of (we/WC) and (7; — 7)/( — ti) does 
not hoid under the conditions of the problem because of the 
postulated heat leakage. The temperature rise of the feedwater 
is greater than it would be for the same temperature loss of the 
condensate in an insulated exchanger. 

2 For the same reasons the feedwater outlet temperature, 
t, is not generally known in advance. Hence, (»;/R) is not de- 
terminable solely in terms of terminal temperatures. 

3 An additional parameter K is involved which would re- 
quire an atlas of MTD correction factor charts if this method of 
presentation were adopted. See for example the author’s 
papers on unequal tube-pass exchangers (1),? and on MTD in 
multipass exchangers when the over-all heat-transfer coefficient 
varies as a function of shell side temperature (2). 

A more practical mode of presentation for three parameter 
cases was proposed by Hurd (3) in a paper on MTD in bayonet 
tube heat exchangers. With minor modifications it may be 
adapted to the current problem; the result for subcooling zones 
of combination feedwater heaters is 


2 Numbers in Poon refer to the Bibliography a at the end of the 


paper. 
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These expressions are derived by assuming that an equation of 
the form of Equation [16] is equivalent to Equation [14], sub- 
stituting (At, — At) for 2(7, — T:) \/(S? — R)/R and (At,/At) 
for the expression within curly brackets, and solving for At, and 
At;. The result is obviously a logarithmic MTD based on 
fictitious terminal temperature differences which are quite easily 
determined. In the cases cited by Hurd (3) these fictitious 
terminal values are even simpler, since Af) becomes equal to the 
arithmetic mean terminal temperature difference, and the ex- 
pressions for Z are easily memorized. 


E =(T,—T:) 


EVALUATION oF K 


Before the effective MTD can be computed it is necessary to 
evaluate K. This parameter is the measure of the heat-transfer 
capability of the zone envelope with respect to that of the tube 
surface enclosed, and may be considered as the product of a sur- 
face ratio A,/A, and an over-all coefficient ratio U,/U,,. 

The over-all heat-transfer coefficient for the tube surface in 
the zone U,, is determined as for any heat exchanger by summing 
reciprocals of individual coefficients. Among these is the con- 
densate-film coefficient h,, and it is reasonable to assume that 
this same coefficient applies to the inner surface of the zone en- 
velope. The metal coefficient is readily computed from the 
shroud thickness and thermal conductivity as h,, = k/z. The 
coefficient at the outer surface of the shroud depends on the type 
of zone in question. If it is a submerged zone as in split-pass 
horizontal heaters, or in vertical, head-down, heaters, a natural- 
convection coefficient on the order of h, = 150-250 is appropriate. 
If, as in short, full-pass, horizontal heaters or in vertical head-up 
heaters, the zone wall is directly in contact with saturated steam, 
a condensing coefficient is applicable. The ratio U,/U, may 
range from about 0.3 in the former case, to 0.7 in the latter. 

The ratio of shroud to tube surface A,/A, is determined by the 
configuration of the zone. The fully enclosed tube-pass type, 
whether horizontal or vertical, provides the smaller values of this 
ratio. A fair approximation for §/,-in. tubes is given by (A,/A,) 
= 2.5/D, where D is the heater shell diameter in inches; values 
for the full-pass type of zone thus range from 0.05 to 0.12. 

Split-pass zones naturally have higher values of A,/A,—as high 
as 0.35 on occasion. 

From the foregoing discussions of U,/U, and A,/A, it is pos- 
sible to tabulate typical values of K as in Table 1. 

TABLE 1 TYPICAL K-VALUES 
Heater 


The vertical, head-up type of heater suffers most from conden- 
sate reheat because its subcooling zone is normally surrounded 
by saturated steam which produces a high over-all heat-transfer 
coefficient through the zone wall, and because its wall surface 
to enclosed tube surface ratio is high. The split-pass horizontal 
heater has similar disadvantages, offset to some extent by the 
partial insulation afforded by the condensate in which it is sub- 
merged. 
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; ee, Fully enclosed tube-pass zones are least susceptible to reheat, 


particularly in vertical, head-down, heaters where the zone is 
normally submerged. In no case, however, should it be as- 
sumed that true counterflow MTD can be obtained in a subcool- 
ing zone. 

It might appear obvious at first glance that the best way to 
prevent condensate reheat in subcooling zones would be to in- 
sulate the zone shroud to a point where K becomes so small as to 
have a negligible effect on the MTD. Unfortunately, applied 
coatings suitable for this purpose from a heat-transfer standpoint 
are of uncertain reliability over the 20 to 30-year operating life 
expected of a feedwater heater. Leaching out of such coatings 
would not only destroy their insulating value but also might lead 
to undesirable deposits in other parts of the system. Other in- 
sulating means tend to constructions more expensive than the 
tube surface they are designed to save. It is reasonable to con- 
clude, therefore, that subcooling zone reheat is a problem the 
feedwater-heater designer will continue to face. 


Discussion oF RESULTS 


P With a knowledge of the values of K to be expected under vari- 


ous conditions, it is now possible to consider the significance of 
equations [14] through [20] quantitatively. From Equation 
[14] (or [18] and [20]) it can be seen that the effective MTD 


vanishes when 
R 


i.e., that the subcooling approach can be no smaller than this 
value regardless of how the surface may be increased. This 
demonstrates the basic unsoundness of attempting to compensate 
for zone-wall heat leakage by empirical modifications of the heat- 
transfer coefficient. Co:uparison of Equation [21] with Equation 
[2] shows that the latter is a fair approximation provided that 
the value of 2 is large, but not otherwise. For example, if K = 
0.15 and R = 10, the smallest possible approach is 14.1 per cent 
of the difference between saturation and feed-inlet tempera- 
tures; Equation [2] predicts 13 per cent. 

Perhaps more useful is the solution of Equation [21] for K, 
given R and (73 4)/(T, — 


T,—t (B=*) er [22] 
T.—t 


With a 5 F subcooling approach, (7,— 4) = 50, and R = 5, 
for example, the value of K must clearly be less than 0.091 if the 
zone is to perform its required function. Reference to Table 1 
shows that it is quite possible that some vertical, head-up, heat- 
ers could not operate at all under these conditions. 

It should be borne in mind that both Equations [21] and [22] 
represent limiting conditions which are impossible to meet, and 
that a fair margin in either (7; — t) or K below these limits 
must be allowed to make the subcooling zone surface a reasonable 
proportion of the total. 

A typical MTD calculation for a subcooling zone might be as 
follows 


K = 0.08 
R =6 


(71 4) = (T, — 4) E 


= 7s) = 40F 
S => (1 +6 X 1.08) = 3.74 


/(3.74)2 — 
rs = 18.84 F 


= 25.07 + 1884—=43.91F 
Ah = 25.07—1884=623F 
43.91 — 6.23 


6.23 


The logarithmic MTD for the same conditions is 22.7 ae F 
so an additional 17.6 per cent of tube surface within the zone is 
required as compared to an external counterflow condensate 
cooler. By comparison with a two-pass tube, single-pass shell 
external cooler, however, which would have a correction factor of 
0.9, the increase in surface would be only 5.9 per cent. In either 
case the additional tube surface within the zone would still be 
less expensive than the nonheat-transfer parts of a smaller ex- 
ternal cooler. 

A more serious consideration, as pointed out in the introductory 
section of this paper, is what would happen to the subcooling 
zone performance if its surface were chosen on the basis of counter- 
flow MTD, ignoring condensate reheat; this is discussed in the 
following section. 
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TERMINAL TEMPERATURES 


It is frequently necessary to reverse the process of calculat- 
ing surface requirements for specified conditions and, for a given 
surface, determine what temperatures may be obtained. Equa- 
tions [12] and [14], upon solving for », = (7, — 7:)/(T, — th), 
provide an expression for the condensate-outlet temperature from 
a subcooling zone; thus 
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R = we/WC 


The solution for the feedwater-outlet temperature from a sub- 
cooling zone cannot be obtained readily from any of the equations 
presented thus far, and is largely of academic interest as will ap- 
pear later. Nevertheless, the second-order equations resulting 
from differentiation of Equations [4a] and [5a] have been solved 
by Parker* with the result that 

=i+ P — th) 


=]— — 2SP’ R(P’)*]) < 
+ R [27] 


R \(T,—4) [((S + — (S — 9)] 
Note that P is defined in the customary way as the temperature 


rise of one stream (the feedwater) divided by its maximum pos- 
sible temperature rise, and that P’ is the value which would ob- 


. [28) 


*R. O. Parker, Manager, Research-Test Department, The Gris- 
Massillon, Ohio. 
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tain if the zone wall were perfectly insulated and there were no 
heat leakage. The value of P necessarily must be larger than that 
of P’. 

The question posed in the preceding section may now be 
answered. If the surface of the subcooling zone had been chosen 
on the basis of a counterflow MTD, the value of (U,A,/wc) 
would be only 85.0 per cent of what it should be to give the de- 
sired subcooling approach of 10 deg F. The latter value, upon 
solution of Equation [23] for In@, is found to be 0.346; therefore, 
the optimistic value would be 0.850 X 0.346 = 0.294. Proceed- 
ing from this point, using Equation [23] with S = 3.74 and 7 = 
2.83 


6(5.27 — 1) 
+ 2.83) — (3.74 — | 


T,—T7: = 50 


Since the desired subcooling of the condensate was 40 F, this 
result indicates that the subcooling approach would be 12 F 
instead of 10 F as specified. 


Errect oN ConDENSING ZONE 
Since the heat picked up by the feedwater in passing through a 
subcooling zone is equal to the heat removed from the condensate 
plus the heat leakage into the zone, it would not be unreasonable 
to expect that one effect of condensate reheat would be to reduce 
the surface requirement in the condensing zone by some amount 
approximating the surface of the subcooling zone envelope. 
Quantitative examination of this effect reveals that the benefits 
are almost negligible, however, since the decrease in condensing 
zone MTD due to a higher feedwater-inlet temperature nearly 
offeets the decreased heat load. Continuing with the same ex- 
, and id using Equations [26] through [28] 
=-—(—)=0. 
P=1—<J/(i—2 X 3.74 X 0.133 + 6(0.133)*] 
2.74 
1 — 0.91 X 0.133 ]2X2.83 
1 — 6.57 X 0.133 


This means that the feedwater temperature increases 50 X 0.160 
=8.0 F in the subcooling zone as compared to 50 -X 0.133 = 6.7 F 
in an external cooler. The temperature difference at the feed- 
water outlet is 50(1 — 0.160) = 42.0 F instead of 43.3 F. 

Under typical conditions, the temperature approach at the 
other end of the condensing zone might be 4 F. Since (7, 
— t) is taken as 50 F, the total feedwater temperature rise 
from subcooling zone inlet to condensing zone outlet is 46 F, 
of which 6.7 F would be accounted for by an external con- 
densate cooler and 39.3 F by the condensing zone. The actual 
heat load on the condensing zone, however, has been reduced 
by (8.0 — 6.7)/39.3 = 3.31 per cent as a result of heat leak- 
age into the zone, while the MTD has been reduced from 
16.48 F to 16.16 F or 1.94 per cent. The net effect on the 
surface requirement of the condensing zone is to reduce it about 
1.4 per cent. 

More drastic examples of condensate reheat indicate similarly 
small benefits to the condensing zone, all well within the limits 
of accuracy of rating data. It is the author’s recommendation, 
therefore, that condensing zones in combination feedwater heat- 
ers be calculated as though there were no heat leakage into the 
subcooling zone; i.e., that both condensing heat load and MTD 
be based on the assumption that the outlet temperature from the 
subcooling zone is t’;) = t + P’(T,—). To attempt closer 
calculation is to suffer delusions of precision. 


Considerable error in heat-transfer surface calculations for the 
condensate subcooling zones of combination feedwater heaters 
may be introduced by ignoring heat leakage into the zone from 
ambient fluid. Certain subcooling approaches cannot possibly 
be met, regardless of surface extent. In other cases, the use of 
the effective mean-temperature difference presented in this paper 
will insure meeting desired approaches which could not be met if 
surface were chosen on the basis of a logarithmic mean tempera- 
ture difference. 

In spite of the fact that a portion of the condensing zone duty 
is performed by heat leakage through the subcooling zone en- 
velope, which may have a drastic effect on required subcooling 
surface, the condensing surface requirement is affected only to a 
negligible extent. 

Mean-temperature difference may be determined from Equa- 
tions [16-20]. 

Condensate-outlet temperature may be determined from Equa- 
tion [23]. 

Feedwater-outlet temperature may be determined from Equa- 
tions [26-28]. 

Minimum subcooling approach is given by Equation [21]. 

Typical values of K are shown in Table 1. These values are 
illustrative of the order of magnitude only. Individually calcu- 
lated values should be used for each specific case. 
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Discussion 


G. H. Van This paper is very much appreciated 


it shows the problems involved in attaining a small temperature 
difference (ITD) between feedwater in and drains out. This 
ITD is important for several reasons. Too large an ITD can be i 
problem for the power-station operators. 
In the first place, the reduction of one degree in the ITD can 
be evaluated roughly at one dollar for every thousand kilowatts ” 
turbine capacity. This dollar value per degree F is ae 
not as high as that for the terminal temperature difference be- — 
cause the ratio of the drains to feedwater is as one to five or tcn. 
Thus some money can be spent to improve this initial tempera- _ 
ture difference for the larger units we build today, and especially — 
for the low-temperature heaters where a few dollars will buy the 
most cooling surface. 
Another point where this ITD is quite important is for heaters — 
with drain pumps where the net positive suction head (NPSH) 
on the drain pump should be kept as high as possible for safe 
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Russell Company, Massillon, Ohio. 

5 Mechanical Engineer, Production Department, The Detroit — 
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operation. We want to be sure that the calculated NPSH is 
accurate and that we have spent the money to obtain this se- 
curity. The paper gives methods of checking up on these values. 

Perhaps the most important spot to have a small ITD is for 
the low-pressure heaters. The drain lines at the low-pressure 
end of the cycle have to be of tremendous size after the drain 
relief valve, to prevent erosion of this piping due to flashing of the 
drain. Drain-line sizes nearly equal to the heater diameter 
are needed if the ITD is not kept small. A small ITD is also of 
real importance for cycles with heater-drain pumps, when a 
heater-drain pump breaks down and the drains have to be cas- 
caded. The load of the turbine will have to be restricted under 
these cascading conditions because the ITD is too large. In 
that case the drain lines, which are designed for cascading, will 
be far too small for the noncascading condition, and flooding 
of heaters, and possibly the turbine, may occur. 

The manufacturer would have to find the solution to the in- 
sulation of the subcooling zone, but it may be that we can take a 
lesson from the condenser builders who for many years have been 
using a double ceiling on air coolers in condensers. It may be 
that this double ceiling, at least for horizontal split-pass 
heaters, may be the cheapest solution, as a dead space of con- 
densate is good insulation. It may require a somewhat larger 
shell diameter at a higher cost, but it also would give a a larger 
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regulating space in the horizontal heater which would be an 
advantage. 
AUTHOR’s CLOSURE 

Mr. Van Hengel’s discussion is welcome since it presents a 
point the author failed to mention—namely, the reason why the 
problem of condensate reheat arises in the first place. 

As stated in the paper, most of the problems encountered in 
practice are fairly economically overcome by the provision of 
additional subcooling surface, as determined by the method 
presented. This involves no complication of the structural 
design. In more critical cases, the author’s company has 
occasionally adopted various partial insulation means relying on 
stagnant water blankets, as suggested by Mr. Van Hengel. 

The double ceiling method has been considered but, to the 
best of the author’s knowledge, not actually used. There is no 
reason why it should not work if the heat leakage transfer rate 
is properly computed, but the structural design becomes rather 
fussy from the standpoint of transmitting deadweight bundle 
loads through a double jacketed envelope to the shell during 
shipment, operation, or maintenance procedures. The other 
advantage attendant on this design cited by Mr. Van Hengel 
does certainly exist but, unfortunately, most users appear to 
attach no dollar value to such items in evaluation of competitive 
bids. 
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ee theoretical analysis of natural convection and of boil- 
ing heat transfer is presented. Instead of approaching 
these problems according to a conventional concept, a 
short-cut method is introduced by the application of 
wave motion. Above the heating surface a boundary layer 
is assumed whose thickness depends upon the heat flow. 
Inside this layer there is wave motion, stable in the lower 
part but unstable in the upper. It has been recognized 
that, if there is a temperature gradient across a stratum of 
‘ liquid, a wave motion will occur. Each loop of this wave 
can initiate vortexes in the natural-convection process and 
also can facilitate the formation of bubbles in boiling. A 
unified formula is thus obtained for convection and for 
boiling. The calcuijated results agree excellently with ex- 
periments as conducted by previous investigators. This 
paper does not profess to be a complete treatise, but shows 
how the concept of wave motion can be made of use in 
giving a new picture of these heat-transfer processes. 


NOMENCLATURE 
The following nomenclature is used inthe paper: 
A = constant 
a = amplitude of wave, ft oe 
Br = boiling number mt 
velocity of wave propagation, fph 
C,,C: = constants 
Cp = specific heat, Btu/(lb (deg F) 
d, = depth of fluid, ft 
f = frequency of wave, cycles per hr (cph) 
g = gravitational acceleration, ft/(hr)* ow 
kh = film coefficient of heat transfer by convection, Btu/(hr) 
(sq ft)(deg F) 
sink hy = film coefficient of heat transfer by nucleate boiling, 
Btu/(hr)(sq ft)(deg F) 
+= 
k = thermal conductivity, Btu/(hr)(sq ft)(deg F per ft) 
| = wave length, ft 
a q = rate of heat flow in convection, Btu/(hr)(sq ft) 
‘youl q@ = rate of heat flow in nucleate boiling, Btu/(hr)(sq ft) 
= Prandtl number 
t = time, hr 
‘J = temperature, deg F 
WV = volume of one vapor bubble at the instant of breaking 
as” from the heating surface, cu ft 
zx, y = co-ordinates 
1 Professor of Mechanical Engineering, Taiwan College of Engineer- 
ing, Tainan. 
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~ in Natural Convection and in Boiling 


By YAN PO CHANG,' TAIWAN, CHINA 


velocity components in z and y-direction, fph 
thermal diffusivity, (ft)?/(hr) 

equivalent thermal diffusivity of boiling liquid, (ft)#/(hr) 
thermal coefficient of expansion 

contact angle of liquid with solid surface, deg 

latent heat of vaporization at boiling point, Btu/Ib 
absolute viscosity, (ft)?/(hr) 
kinematic viscosity, sq ft per hr 
surface tension, lb/ft 


period of wave motion, hr 
eddy diffusivity of boiling, (ft)*/(hr) ¥ 


a function 
velocity potential of irrotational flow 


~KBER 


Physical properties with subscripts a and f are to be evaluated 
at mean temperature of the wave layer and boundary film, re- 
spectively; those without subscript are to be evaluated at the 
mean temperature of the gross film. 


INTRODUCTION 


Assuming the view that heat transfer, either conduction, or 
convection, or radiation, or any other mode, is merely a process 
of transport of energy, it is natural to guess that there would be 
fundamentally a similar law to govern all these processes. In the 
process of radiation, heat is propagated as an electromagnetic 
wave motion, but in the processes of conduction and of convection, 
the action of matter through which the heat travels becomes of 
prime importance. In liquids, heat conduction is due to the 
movement of molecules and atoms. However, the random trans- 
latory motion of liquids is small and so is the translatory energy due 
to this motion. The most promising theory of liquid conduction 
is to suppose a heat transfer by longitudinal vibration. Based 
upon this assumption, Paschki (1)? first developed an equation 
with which the thermal conductivity of liquids was presented 
theoretically. 

In fact, the conduction in fluid can be considered as a convec- 
tive motion on a molecular basis while the convection without 
ebullition is a convective motion of groups of molecules in mass 
motion, and boiling is a strong convection with change of phase. 
Then it seems reasonable to ask why the coefficient of heat transfer 
in convection could not be determined according to the vibratory 
motion of groups of molecules, or wave motion. 

It is well known to the hydraulic engineer that the gravitational] 
effect at the interface between two fluids of different densities, 
even very slight, is closely related to free-surface wave phe~ 
nomena. Density differences of this nature can result from 
variations in temperature, as in the ocean or in the atmosphere, 
and so on. 

The occurrence of wave motion in convection can be seen from 
the following simple facts: When a uniformly distributed heat is 


*? Numbers in parentheses refer to the Bibliography at the end of the 
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applied to the free surface of a homogeneous liquid, every particle 
in each horizontal stratum will tend to rise up under equal oppor- 
tunity. Then waves will be formed, not only in the free surface, 
but in every strata of the liquid. In a like manner, if the lower 
surface of the liquid is heated uniformly the tendency of wave 
formation in every lower strata will undoubtedly exist, despite 
the fact that the waves may be either stable or unstable. These 
waves will cast light on the selection of which part of the liquid 
will have the priority of moving upward first. Thus eddy current 
in convection may be estimated by such selections. In boiling, 
the theoretical locations where bubbles would prefer to form can 
be selected in a similar manner. When there is a change of 
phase, the surface tension as well as latent heat will produce 
additional effects as in capillary waves and in vapor bubbles. 

To simplify the derivation of a general formula and to facilitate 
the discussion, here starts a two-dimensional analysis for the heat 
transfer of convection and of boiling on a horizontal surface, fac- 
ing upward. 

This paper is presented in the first place to introduce a new 
concept of the mechanism of heat convection without and with 
boiling. It does not profess to be an exhaustive and a complete 
treatise but it only aims to show how this concept can be made 
useful in solving many heat-transfer problems which have not 
been solved by the current theories. 


1—NONBOILING CONVECTION 


ProposeD or ConvEcTION 


In the flow of heat from a boundary to a fluid sufficiently ex- 
tensive for convective currents to exist, the operation of both 
conduction and convection will be interdependent. Near the 
surface, where momentum and heat exchange are due solely to the 
movements of the molecules, the molecular viscosity is important, 
conduction alone is operative, the thermal resistance is high, and 
the temperature gradient is steep. Farther from the surface, in 
the bulk of the fluid, where impulse as well as heat is exchanged by 
mixing movements, the effect of molecular motion is negligible, 
the convection is operative, and the fluid is so well stirred up as to 
be all at the same temperature. Thus it may be imagined that 
there are different regions; namely, the boundary film and the 
convective core. Between these two regions, however, there must 
be a transition zone to correlate these two regimes without 
abrupt change of temperature or motion. The division of zones is 
schematically illustrated in Fig. 1. 


/sotherms 


will fade away completely in the middle of the transition zone, 
and hence this wave layer will occupy about one quarter of this 
zone. 

When the quasi-stable wave breaks into vortexes, the cooler 
fluid will spill over the boundary film where the viscous stable- 
motion fluid will not give place so promptly to let the denser fluid 
go down farther to touch the boundary surface. At this moment 
owing to the continuous supply of heat, a new wave will come up 
again and thus the cycle will repeat itself. In every strata the 
temperature is constant; that is, all wave surfaces are also iso- 
therms. Waves in different strata have different amplitude but 
the same frequency. 

It might be that as a result of wave motion, considerable 
periodic motion of fluid parallel to the boundary surface exists. 
Therefore, in the boundary film of a horizontal surface the fluid is 
actually not in stagnation. Furthermore, due to the reciprocating 
motion of fluid in the boundary film within half the range of a 
wave length, there no longer will be a film of uniform thickness, 
but one which varies periodically. Hence in this presentation, 
only the average thickness is considered. Once the average thick- 
ness of the boundary film and the amplitude of the wave are de- 
termined, the heat flow across a unit area in a unit time may be 
estimated readily by the Fourier equation of heat conduction 


Wave Morion 


The most important quantity to be obtained for the solution of 
this problem is the frequency of oscillation of the interface. The 
simplest way to evaluate this quantity is to consider the motion as 
irrotational, for the viscosity can be considered solely as rendering 
a damping effect. Also, since the persistence of the occurrence of 
waves is maintained by the continuous animation of heat, no de- 
cay of the wave motion will result from the influence of viscosity. 
Consider, first, the wave motion of any stratum of the fluid. As 
long as the amplitude of the wave is very small, the sinusoidal 
wave profile provides a satisfactory approximation. Thus 
the wave that would possibly exist on the interface may be 
taken as of the form 

where 7 is the ordinate; taking the neutral axis as z-co-ordinate, a 
is the amplitude of oscillation, 1 the wave length, and c the 
velocity of wave propagation. The period and frequency of the 
oscillation will be, respectively 


= asin 


Consider the problem from the first 


<a instant. Suppose the fluid is at rest 


fable Wave 


initially and heat is applied suddenly. 


Bourndea ry Film 


Fie. 1 


In the process of heating from a horizontal surface facing up- 
ward, the wave generally will be in the unstable condition, for the 
density of fluid is lower in the lower strata. However, when the 
property of a real fluid is taken into consideration a “stable 
wave” might be assumed to exist in the thin boundary film. The 
motion in the transition zone changes from stable wave to full tur- 
bulence. It may consist of four types; quasi-stable wave, starting 
vortex, scattered vortex, and turbulent. The term “quasi-stable 
wave” is used to designate that the wave forms and then col- 
lapses alternately. For future reference, the part where the qausi- 
stable wave exists is called the “wave layer.” The wave profile 
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Gross Boundary Film 


Then the temperature as well as the 
density will be different in the strata 
above the heating surface. The mo- 
tion of the fluid in the upper strata and 
in the lower strata will be represented 
by the following velocity potentials (2) 


+ B sinh cos 


@ = C cosh (y +d’) con 

where A, B, and C are the arbitrary constants and d’ is the depth 

of the fluid above the interface concerned. By imposing the con- 

dition for continuity of pressure at the interface, the frequency 
equation will be 
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where d denotes the depth of the lower heated strata. If d/2 is 
assumed to be small, and if d’ is comparatively large, at least 
equal to the wave length, the coth 2rd/l will be very large and 
coth 2rd’/I will be in the order of unity. Therefore the foregoing 
equation will reduce to 


(2xf)*p (coun coth + 


». 
— (2xf)*9p + coth 


f? = 0isa trivial solution, but f? = g/(2z1) is a practical solution. 
This gives the velocity of wave propagation as 
~ 


This is the same as the free surface wave (3). In fact, this 
result can also be obtained no matter whether d is assumed 
smaller or Jarger than l. 

Superposition of two progressive waves will produce a standing 
wave. Let z, y be the co-ordinates of a particle relative to its mean 
position (x, y). Neglecting the squares of small quantities and 
noting that the depth of fluid is very large, the velocity of the 
particle will be (4) 


Thus at the node the velocity is horizontal and is equal to 


So far the discussion has been of wave motion in general. What 
is important in the solution of the heat-transfer problems is the 
wave in the upper stratum of the wave layer, for its amplitude 
will determine the thickness of the boundary film, as will be 
shown later. Therefore, in the following sections of this paper, 
any quantity relative to waves is referred to the wave in this 
surface. 


FREQUENCY OF OSCILLATION 


Now, the frequency of oscillation of the interfaces is still not 
known because information about the wave length is unavailable 
from hydrodynamics. However, it can be traced from the heat- 
flow consideration. Since the wave collapses periodically and 
becomes vortexes, the fluid above the wave layer where the tem- 
perature is nearly constant will be brought suddenly to the 
temperature of the upper surface of 
the boundary film 7,, and remain at 
that temperature until the next cycle. 
In fact, there must be a temperature 
gradient from this wave stratum to the 
convective zone, but it is usually small 
and therefore can be disregarded in 


Since the substance concerned is fluid the process of heat trans- 
fer from the boundary film to the convective zone will, in general, 
involve both laminar and turbulent motion. However, it must be — 
borne in mind that the detailed motion of starting vortexes is 
more laminar than turbulent, and so the eddy motion of the fluid | 
immediately above the wave layer will be insignificantly small. 
Hence the eddy diffusivity can be disregarded in comparison with — 
the thermal diffusivity in the course of studying temperature dis- © 
tribution across the wave layer whose loops are generated and — 
destroyed alternately. Thus the temperature distribution across — 
the wave layer can be expressed by the differential equation 
06 
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where @ is the thermal diffusivity of the fluid and is equal to 
With ky, pg, and c,, denoting thermal conductivity, density, 
and specific heat at the mean temperature of the wave layer, and 0 

is the temperature difference between any point in the wave layer 
and the upper surface of the boundary film. Using the proper Ms 
boundary conditions, the solution is well known as 


where 6 = T, — T and 6,, = T,—T,. The time required 
suit a given temperature at a distance from the upper ‘waned 
of the boundary film is proportional to the square of the distance 


y. Aty = 2a, 0 = 0 and then 
rf = 
E 


Theoretically, this value will not be obtained until the quantity 


inside the bracket becomes infinite. But when 
= 2.0 
2 (at) 


the foregoing condition can be obtained without much error, that a 
is at 


us the time saanived to to heat up the fluid to a depth of 2a w 1080 
surface is heated from temperature 7, to T, will be ¢ = a?/(4a). ) 
At this time, the loop of the wave newly formed will have risen 
up to its highest position and will have started to collapse. This 
should be the period of the wave motion, if such a wave exists. 
Therefore, the period and the frequency of the wave will be, re- 
spectively 


Thus for a given fluid in a given condition the period of the wave — 
is proportional to the square of its amplitude. Combination of — 
Equations [2], [3], and [7] gives the relation between amplitude © 
and wave length 


the following analysis. To facilitate the 
mathematical analysis, the average 
thickness of boundary film is designated 
by 6, as shown in Fig. 2. 
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THICKNESS OF THE BounDARY FILM 


The fluid under the upper surface of the wave layer for a half 
wave length is subjected to a periodic force of 


V/4 
Where p, is density of the fluid in the convective zone and p, de- 


notes the average value of the density of fluid in the wave layer. 
By making use of the profile of the standing wave, thie force be- 


a Therefore the average force applied per unit mass is obtained by 


1 
dividing this by pl(a + 6) 


ma + 6) 


_ Now the problem becomes approximately one of fluid flow in a 
U-shaped corner, of depth (a + 6) and length //2. However, if 
only the motion across the vertical plane through the nodes of 
waves is concerned, the problem will be reduced into an equivalent 
case of a horizontal force F acting uniformly upon a mass of liquid 
of uniform depth (a + 65). If the origin be taken at the bottom 
surface, the boundary conditions will be z = 0 for y = 0 and 02/dy 
= Ofory = a+ 4. Solving the Navier-Stokes equation 


and noting that the motion and the force shouid be in phase, the 
velocity distribution becomes 
i= y(2a + 26 — y) 
where v is the kinematic viscosity of the fluid at the mean tem- 
perature of the gross boundary film (Fig. 2). Applying Equation 
[9], and noting that at the upper surface of this film y = a + 4, 
the maximum velocity becomes 


9(P. — Pa) a(a + 4) 
vp 


So long as the velocity given by Equation [5] is less than that of 
Equation [10], the wall shear stress will not interfere with the 
wave motion in the gross boundary film. Since the upper surface 
of the wave layer was assumed as the highest level where a possi- 
ble wave may exist, velocities given by Equations [5] and [10] 
must be equal 


Pa) (a +5) 
vp T l 


Introducing Equation [7], this becomes 


= 2raf 


+6) = 


The relation between a and 6 is entirely unknown. But they 
should be in the same order and can be written asa = x6. By 
introducing this relation into Equation [11], the amplitude of the 
wave will be 
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Pe — Papa 


and the thickness of the boundary film will be 
d 


x1 + x) Pe — 


It follows that the higher the temperature difference, the lower 
will be the value of amplitude and boundary-film thickness and 
hence the shorter the wave length, as it can be seen from Equation 
[8]. Then the heat transfer in convection may be thought of as 
pure conduction through a boundary film of the thickness ex- 
pressed by Equation [12a]. - 


HeEat-TRANSFER COEFFICIENT OF CONVECTION 


By assuming a constant-temperature gradient across the bound- 
ary film, the heat transferred can be calculated from Fourier’s 
equation of heat flow 


where 0,, = 7, — T, and k, = conductivity of the fluid at the 
mean temperature of the boundary film. Introducing Equation 
[12a] gives 


Pe = 
Pa 

with 8, being the coefficient of thermal expansion of the fluid at 
the mean temperature of the wave layer. The relation between 
6,, and 6,, can be obtained by the consideration that the gradient 
of temperature of the boundary film must be the same as that of 
the wave layer at their border line. The average heat flow enter- 
ing the wave layer is 


. 14] 


since 


Equating this with Equation [13] yields 


Combining Equation [16] with the relation 0,. = 6,. — 


4 
4+ 

since k,/k, is approximately equal to unity. Substituting the 
value of 0,, of Equation [17] into Equation [14] will give the heat 
transmitted due to convection 


and the heat-transfer coefficient is 
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It is common practice to express the foregoing equations in 
terms of physical properties at the mean temperature of the gross 
boundary film cen 
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This agrees excellently with experiments of McAdams (6). It 
must be remembered that in the foregoing analysis the small tem- 
perature drop in the convection zone has been neglected. This 
negligence is quite safe for fluids of high Prandtl number where 
the thickness of boundary film is very small. In the case of fluids 
of low Prandtl number in which the film thickness is comparatively 
larger, this approximation will lead to some error. In general, 
therefore, the coefficient 0.146 should not be a constant, but a 
function of Prandtl number. Consequently a smaller value of this 
coefficient should be for taken fluids of low Prandtl number when 
the temperature drop is taken as 
equal to the difference of surface tem- 
perature and the bulk temperature of 
the fluid. This will explain why all ex- 
perimental curves plotted on a logarith- 
mic paper are not straight lines, but 


Os- = Smeai/ 


concave slightly upward as the quantity 


(Gr Pr) increases. It must also be 
borne in mind that in the evaluation 


of wave amplitude, Equation [12], the 
average density in the wave layer was 


The problem now is to determine the value of the factor x. 


This can be done by the study of the average temperature-dis- 
tribution curve across the gross boundary film. All experimental 
curves show that x should be nearly equal to 1 in order that the 
nearly constant temperature-gradient part lies within the 
boundary film, as shown schematically in Fig. 3. The assump- 
tion of x = 1 is justified in the observation that the boundary film 
and the transition zone here are to be comparable with the 
laminar sublayer and the buffer zone in fluid dynamics. Niku- 
radse’s experiments (5) show that the thickness of buffer zone is 
about four times that of sublayer. Thus the wave layer which 
occupies about one quarter of the transition zone will have the 
same thickness as the boundary film. Taking x = 1 and introduc- 
ing a characteristic length L gives the Nusselt number in function 
of Prandtl and Grashof numbers 


k (PrGr,]'/* deat av 


With the aid of the temperature curve, numerical calculations 
wil] show that the quantity in the first bracket is slightly dif- 
ferent from unity. The maximum range of its variation is 
between 1.05 and 1.15 


a used. This undoubtedly will lead to 
a slightly higher value of the amplitude 
and hence a lower value of the heat- 
coefficient. 
Comparison of Equations [8] and [19] will give an alternative 
expression for the film coefficient of heat transfer in terms of wave 
frequency 


h = 1/2 V(c,pkf) 


It follows that the heat-transfer coefficient by natural convection 
is one half the square root of the product of thermal conductivity, 
specific heat, density, and wave frequency in the fluid. Equation 
[21] is comparable to the expression for thermal conductivity 
of liquids which is proportional to the velocity of sound in the 
liquid (7). 


RELATIONS OF Wave AND Fim Tuickness 
TEMPERATURE DIFFERENCE 


In the above analysis it has been shown that the wave length 
and its amplitude are two important parameters in the determina- 
tion of heat flow. A numerical calculation of them will not only 
give a general insight into the mechanism of convection but also a 
result comparable with experiments. From Equations [8] and 
[12] the following relations are obtained 


for liquids and between 2.0 
1.06 and 1.25 for gases, Z 
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depending on whether 
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the temperature dif- 
ference 6,, is low or 
high. It can be, there- 
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fore, taken as equal to 
1.08 and the foregoing 
equations are simpli- 
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In Figs. 4 and 5 are shown the variations of wave length and film 
thickness with the temperature difference for water at 60 F and 
for air at 100 F, respectively. From these figures it is seen that in 
the case of water both the film thickness and the wave length de- 
crease rapidly with the increase of temperature of the heating 
surface. As to the air, however, the film thickness changes very 
slowly despite the fact that the wave length continues to decrease 
when the surface temperature is increased. While there are no 
experimental data available, at least to the author, for comparison 
with the calculated results of water, the film thickness calculated 
for air is in good agreement with the experiments of Kennard (8). 
Sud 
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It is recognized that a bubble cannot originate from a surface 
whose radius of curvature is infinite and boiling will not start un- 
less finite curvatures are present, such as are formed by the surface 
roughness or by gas bubbles or other impurities in the liquid. Thus 
if the heating surface were perfectly smooth and the liquid 
were perfectly homogeneous and pure, there would not be ebulli- 
tion. So in dealing with boiling heat transfer an ideal system has 
to be assumed; that is, the roughness of the surface is uniform 
and impurities of the liquid, if any, are evenly distributed through- 
out its mass. 

It has been mentioned previously that boiling is a process of 
strong convection with change of phase. Therefore, the concep- 
tion of wave motion will be readily employed in attacking heat- 
transfer problems in connection with boiling. In Fig. 6 is shown 
a typical experimental result of the relation between heat flow q¢ 
and temperature difference 0,. This can be explained con- 
veniently by the aid of wave motion. 
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In the range AB, when heat flow is low, the wave length is com- 
paratively large and the frequency is low. The point right under 
the loop of the wave is supposed to be the favorable location for 
bubble formation along the heating surface because of the more 
stagnant nature of fluid in that location. Therefore, in the range 
AB, the number of locations of bubble formation is less and the 
stirring effect of the rising bubbles upon the liquid will be of negli- 
gible importance. The liquid may be considered as superheated 
by natural convection and evaporation occurs only at the free 
surface. In this range, both the amplitude and wave length de- 
crease with the increase in temperature difference. 


TRANSACTIONS OF THE ASME 


In the range BC, the wave length becomes shorter and shorter 
with the increase of 8,,, and so more favorable locations of bubble 
formation increase in number. The stirring effect of rising 
bubbles no longer can be overlooked. It will be shown later that, 
in this range, the amplitude of the wave increases slowly at 
beginning and rapidly when point C is approached, despite the fact 
that the wave length continues to become shorter. This will 
serve to explain why there is an inflective point along curve BC. 

At point C the wave length has become so short as to permit all 
nuclei to give bubbles. But by this time the heating surface has 
become so well peppered with bubbles that they may be in con- 
tact with each other. This corresponds to the maximum heat 
transfer. The range BC is generally called nucleate boiling. 

If the temperature is raised further, a vapor film will start to 
form. Owing to the large amplitude already existing, this film is 
entirely unstable. Moreover, as soon as a vapor layer is created, 
the heat flow will be reduced suddenly. In consequence, the 
wave length will not stay in its short value but longer waves will 
be liberated to adjust themselves to suit the new environment, 
such that the gravitational effect will make the liquid fall down 
suddenly to touch the heating surface. In the following instant, 
the heat condition does not permit the existence of such a long 
wave, and thus the wave again will become shorter, rising up 
against the interface, and the cycle repeats itself, resulting in an 
unstable condition of heat flow. The range CD is usually called 
partial film boiling or the transition regime of boiling. 

When point D is reached, the vapor generated will balance that 
given away by bubbles and hence a continuous vapor film will be 
formed. From D onward further increase of the surface tempera- 
ture will promote the increase of wave frequency, the decrease of 
wave length, and also a decrease of amplitude, since the bubble 
rising has no effect on the motion of this vapor layer. Conse- 
quently a stable wave layer will be established. Certainly, owing 
to the high surface temperature, radiation heat cannot be dis- 
regarded. Bromley (9) has shown that when @,, = 2000 F, the 
heat transmitted by radiation is about the same as that by con- 
vection. This range DE is called film boiling. 

The foregoing interpretation of the mechanism of boiling seems 
consistent with the observations made by previous investigators, 
such as the photographs obtained by Castles (10), Sauer (11), and 
recently by Westwater and Santangelo (12). Nevertheless, they 
have not endeavored to attack the problems of boiling on the 
basis of wave motion. Pictures given by Westwater’s work show 
clearly the wave shadow in nucleate boiling as well as in film boil- 
ing. Bromley (9) gave a good comment on the existence of 
sinusoidal wave form of the interface in film boiling. All pictures 
(12) taken on film boiling show the presence of ripples. These 
are probably the higher harmonics of group waves occurring on 
the interface which result from the disturbance of bubbles rising. 

It is to be noted that all experiments were executed on a heat- 
ing element of a definite size and the waves formed would have to 
be determined according to three-dimensional analysis such that 
a more complicated wave, as of the Bessel type, would replace the 
simple sinusoidal type and peculiar forms of group waves would 
be bound to occur whenever any disturbance was imposed. 


Wave FREQUENCY AND AMPLITUDE IN NUCLEATE BoILInG 


In the convection process it has been assumed that in the wave 
layer as well as in the boundary film the influence of eddy diffusivity 
is of negligible importance. This, however, will not be acceptable 
in the analysis of heat-transfer problems relative to nucleate 
boiling, owing to the presence of vapor bubbles. The formation 
of bubbles will increase the turbulence of the fluid and also will 
promote the removal of heat from the heating surface. As to the 
latter, Jakob and his co-workers have shown that the generation 
of the bubbles is only of secondary importance to the magnitude 
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of the heat flow from the heating surface. Jakob opines that the 
main part of heat flow makes a detour through the liquid—from 
the heater over the liquid to the bubbles and to the open space 
above the free surface of the liquid. This can be stated alterna- 
tively; the heat flow can be considered, similar to that of con- 
vection, as an “equivalent conduction process”’ through the gross 
boundary film and the absorption of heat by bubbles has negligible 
effect on the temperature distribution across this film. The 
principal effect of bubble generation is attributed to its stirring 
action on the liquid. Consequently, in the gross boundary film 
the rate of momentum exchange due to particle motion and that 
due to molecular diffusion are of about the same order of magni- 
tude. It is generally assumed that there is no mutual interaction 
and the heat flow across any section of the wave layer can be 
written as 


q = + 


where € is the eddy diffusivity. In general € is not a constant, but 
for a given system at a given condition its average value can be 
taken as a constant. Under such a manipulation, the differential 
equation of temperature distribution across the wave layer will | will be 
in the form of 

26 

= (a +e) = % 
where a, = @ + € and may be called the equivalent thermal dif- 
fusivity of a boiling liquid. Following the same procedure as em- 
ployed in obtaining Equations [6], [7], [8], and [12], expressions 
of temperature distribution, wave frequency, amplitude, and 
boundary-film thickness can be similarly obtained, with a, re- 
placing @ in this case. 
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The determination of eddy diffusivity is extremely difficult be- 
cause of the multifarious factors involved in the phenomenon of 
eddy formation in the process of boiling. Therefore not only a 
straightforward derivation of a theoretical equation would be im- 
possible but even to secure an approximate formula, sufficient for 
engineering use, would not be easy without making use of the 
experimental observation. 

It is obvious that the more bubbles which are formed per unit 
area of the heating surface, the higher will be the turbulence and 
hence the higher the eddy diffusivity. The number of bubbles 
formed per unit time from a unit area of the heating surface de- 
pends directly on the rate of heat flow and inversely upon the heat 
required to create a bubble which is equal to the mass of a bubble 
times the latent heat of vaporization. In this respect, therefore, 
smaller bubbles give higher turbulence. On the contrary, how- 
ever, larger bubbles will produce greater movement of the liquid 
and so will intensify the turbulence. Moreover, while the gravi- 
tational effect might piay a certain role, the influence of molecular 
viscosity should not be overlooked. With these considerations 
the following correlation may be established by dimensional 


analysis 


where V is the volume of the bubble at the instant of breaking 
from the heating surface, D the diameter of the bubble, A the 
latent heat of vaporization, and the subscript v denotes the physi- 
cal properties of the vapor. In order to render Equation [23] 
comparable with the eddy diffusivity in turbulent flow as sug- 


gested by von Karman (13), it seems profitable to try to take the 


where c, and n are constants to be determined by experiments. 

The size of the bubble can be estimated by the equilibrium con- 
dition between buoyant force and the tensile strength of the 
bubble surface. According to Fritz (14) the volume of a bubble 
at the instant of breaking from the heating surface can be ex- 
pressed by 


/s 
V = (0.011 
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Since p, is small in comparison with p, this may be simplified as 


V = (0.01199)* (22)" | 


where ¢ is the contact angle of liquid-vapor interface with the 
solid surface in degrees. The diameter of the bubble is propor- 
tional to one-third power of the volume. Substituting these re- 
lations into Equation [24] yields 
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with all constant numbers absorbed into the constant c. ails 


Heat-TRANSFER COEFFICIENT OF NucLEATE BoILine 


By following the same procedure as in deriving Equation [19], 
the average heat-transfer coefficient of nucleate boiling is given 


where ky = k + ¢,pe and is called the equivalent thermal conduc- 
tivity of boiling liquid. Inserting value of ¢ of Equation [25] into 
this expression gives 


t/, 13 
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and the average heat flow 


Introducing a characteristic length L into Equation (26] will 
give the Nusselt number 


Nuz = 0.146 [1 + Pr(Br* — 1)]" [28] 


qv p te ad? 
and may be called ‘‘boiling number.’’ The constant has to be de- 
termined by experiments. For example, in the case of water boil- 
ing on a horizontal smooth surface, if c; is taken at a value of 9.0 
and n of 4/5 the result calculated by Equation [26] agrees very 
well with experiments of Jakob and Fritz (15). The comparison 
is shown in Fig. 7. All physical properties are to be evaluated at 
the mean film temperature. 

By a reasoning similar to that applied in obtaining Equation 
[21] for nonboiling convection, the film coefficient of nucleate 
boiling heat transfer also can be obtained as equal to one half the 
square root of the product of specific heat, density, equivalent 
thermal conductivity, and frequency of the waves. 
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Heat-TRANSFER COEFFICIENT AND TEMPERATURE 
FERENCE ON A HORIZONTAL SURFACE 
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ReLatTions oF. Wave LENGTH AND Fitm Tuickness WITH 
TEMPERATURE DIFFERENCE 


By virtue of Equations [3], [7], and [12] with a changed to a, 
numerical calculations will show that the wave amplitude and so 
the thickness of boundary film increase with the increase of tem- 
perature difference, while the wave length continues to decrease. 
In Fig. 8 are shown these relations for water boiling on a horizontal 
plate. As in the calculation of h, in Fig. 7, the contact angle ¢ is 
arbitrarily taken as 50 deg. At the heat flow, g, = 13,600 Btu/sq 
ft/hr, which, from Fig. 7, corresponds to 6,, = 18 F, the thickness 
of boundary film is6 = 1.2mm, The value agrees quite well with 
the experiments of Jakob and Fritz (15), which are reproduced in 
Fig. 9. It is seen that the negligence of temperature drop in the 
transition zone for determining the heat-transfer coefficient in- 
volves only a very small error, despite the fact that the actual 
boundary layer is larger than (a + 4). 


Fitm 


When the temperature difference 0,, exceeds a certain value a 
continuous vapor film will be formed over the heating surface. 
Now the wave length will probably remain sensibly constant at 
its critical value as given by hydrodynamics (16) 


so that the buoyant force and the interfacial tension will consti- 
tute an equilibrium condition. Bubbles will be formed from the 
interface instead of from the heating surface. Hence the nuclei 
on the heating surface are no longer the controlling agencies for 
the generation of the bubbles. The creation of bubbles is merely 
due to the continuous liberation of vapor from the interface, and 
so there will be only two bubble columns formed within each 
wave length. The length calculated by Equation [29] for water is 
in fair agreement with the bubble spacing as observed by West- 
water (12) in his moving picture. 

However, since the latent heat should be an important factor in 
evaluating the heat-transfer coefficient, the simple differential 
equation of transient conduction cannot be employed in the de- 
termination of temperature distribution. The solution of this 
problem will require a separate paper and therefore will not be 
discussed here. 
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are quite general. They are applicable to natural convection as 
well. For example, in the case of natural convection, where there 
is no vapor bubble, the term «Br is equal to unity and then all 
equations of nucleate boiling reduce to those of natural convec- 
tion. In fact, this is not only a fortunate result, but a natural 
phenomenon in view of the fact that the curve ABC in Fig. 6 
should represent a continuous function. 

2 If the wave frequency is considered as a parameter, the 
heat-transfer coefficients of convection and boiling are ex- 
pressed by the same equation, and equal to one half the square 
root of the product of thermal conductivity, specific heat, density 
of the fluid, and the wave frequency. It is, therefore, apparent 
that the phenomena of every mode of heat transfer are closely 
related with wave motions; electromagnetic wave for heat radia- 
tion, sound wave for conduction, and hydrodynamic wave for 
convection. 

3 This method of analysis in natural convection can be ex- 
tended readily to determine the heat transferred by forced con- 
vection, without and with boiling. The author has obtained a 
general equation for the case of forced convection with boiling. 
Any particular case is obtainable from this general equation by 
dropping out certain quantities which are not applicable to the 
situation concerned, This, however, will not be discussed here in 
detail and will require a separate paper. 

4 The application of wave motion will serve to explain with 
much facility the phenomena that the heat transfer can be im- 
proved by giving vibratory motion to the heating surface, which 
has been under extensive development in recent years (17). 
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It is interesting that equations derived for nucleate boili 


: a the physical properties of the liquid and its vapor. 


The effect of any variable may be calculated from its effect on 
However, 
_ some remarks on the effect of pressure, surface tension, latent 
heat, and contact angle upon boiling heat transfer will be dis- 
cussed qualitatively. 
_ § An increase in pressure will shift the boiling curve to the left 
in Fig. 6. This can be shown by the numerical calculation of 
_ Equation [26]. The effects of increasing the pressure are mani- 
fested not only by the increase of the value inside the last bracket 
in Equation [26], but also the value of the function y which will 
_ have a maximum value at a certain pressure, above which the 
pressure increase will not have any merit. This prediction has 
been evidenced by the experiments of Cichelli and Bonilla (18). 
6 The effect of contact angle ¢ was first studied by Jakob and 
his co-workers. Large contact angles make it difficult for the 
bubbles to break off from the heating surface and produce less 
turbulence, hence they are unfavorable to heat transfer. This is 
shown clearly in Equation [26]. The importance of contact angle 
® is particularly notable because it possesses a higher order than all 
_ other physical properties. Farber and Scorah (19) used two dif- 
ferent chromel wires as heating elements in their experiments and 
they obtained entirely different capacity of heat transfer, leaving 
the phenomena unexplainable to any degree of satisfaction. This 
probably may be explained by the role of contact angle. There- 
fore investigations on the improvement of coolant properties 
4 should be made simultaneously with the consideration of the 
material of the heater. A small contact angle is important. 
7 Lower values of latent heat and surface tension are ad- 
a vantageous in nucleate boiling. As to the effect of latent heat, 
= investigators have attempted to establish a definite rela- 
tionship between the surface tension of a liquid and its latent 
Whittaker (20) correlated them by an approximately 


heat 
: 4 straight-line relationship. Therefore ¢ and \ have appeared in 


Equation [26] with the same order. 
8 If an ideal system of convection either of nonboiling or of 
boiling could be established, the motion of the fiuid in the 
bs boundary film as well as in the transition zone would be rather 
regularly predeterminative. In other words, the temperature 
gradient causes the formation of waves, the wave gives the vor- 
texes and vortexes originate the turbulent motion of the fluid in 

the convective zone. 

9 When the author had just completed the revision of this 
paper ready for publication, he received letters from Dr. Robert G. 
Diessler and others, informing him that H. Einstein and H. Li 
have given an analysis for fully developed turbulent flow and con- 
sidered the viscous sublayer alternately to grow and collapse. 
Unfortunately, Einstein-Li’s paper is not available to the author. 
But these few words would be enough to show that their observa- 
tion bears some resemblance to the ideas of this paper. The 
author had once assumed the boundary film (corresponding to 
sublayer) as a quasi-stable wave and, by the same principle as 


natural convection on a horizontal surface 


: a given in this paper, he had arrived at the following formula for 


Nu, = 0.466 (PrGr,)'/* 


oT: Simply because the constant 0.466 is too large in comparison 


with experimental data, he abandoned that idea and modified 


* & be his previous assumption by imposing a stable wave layer (bound- 


ary film) below the quasi-stable wave layer, and so a better result 


mi 10 In conclusion, the author wishes to repeat that the pur- 

_ pose of this paper is to introduce a new concept in the convection 
process of heat transfer. It works not only for natural convection 
=. but will be also applicable to forced convection. How close this 


_ concept is to reality will be judged by further developments and 


experiments. The concept as well as the detailed reasoning in this 
paper may not be complete and adequate. Any criticism will be 


highly appreciated. 
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Discussion 


Ti. 
pear that the author wishes to develop a theory of flow and heat 
transfer in turbulent natural free convection and in boiling from a 
model which replaces in essence the irregular turbulent movements 


by aregular wave motion. Obviously, such a model is extremely 
idealized and removed from reality. Therefore, it cannot be ex- 
pected to improve our understanding of such processes; however, 
it might be of use if it helps to develop relations with which test 
results can be extrapolated properly. However, the fact that the 
constant in Equation [20] agrees quite well with experimentally 
Mechanical Department, Institute of Technology, 
University of Minnesota, Minneapolis, Minn. Mem. ASME. | 
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established values and that three calculated points in Fig. 7 lie 
on a curve established by measurements of M. Jakob appears to 
the writer insufficient to establish this usefulness, and he feels that 
its presentation is premature. 


R. F. Larson.‘ The following tentative comments are of- 
fered in the absence of sufficient time to study the postulated 
wave mechanism as operative in free-convective and boiling heat 
transfer. 

It is difficult to conceive how a macroscopic wave phenomenon 
in a liquid or gas could be started by the uniform heat transfer 
from a solid surface to an adjacent fluid. Only the same type of 
random molecular motion as exists in the vibrations of the 
molecules in a solid could be expected to be transferred to the 
fiuid at the interface. Such thermal conduction could result in a 
heated film of considerable thickness before some nonuniformity 
in heating or of surface geometry would upset the quasi or meta- 
stable film resulting in mass flow or thermal convection in the 
gravitational field. Once started, the damping effect of fluid 
viscosity would be controlling, and only some resonance phe- 
nomenon as in the case of an ideal frictionless liquid could be ex- 
pected to take up some of the small amount of energy available. 
Second-law operation could be expected to limit this. 

In so far as this discusser knows, such waves have not been ob- 
served; however, if they are of the dimensions indicated, they 
should be detectable if proper optical techniques are employed. 
Saunders and co-workers*® have observed a cellular type of free 
convection on a horizontal heated plate which behaves in a man- 
ner similar to the proposed waves. It is interesting to conjecture 
how heating-surface geometry, surface irregularities, confining 
walls, and vertical or inclined surfaces would affect the forma- 
tion of such waves. 

The big obstacle to using the wave theory to explain preferred 
bubble nucleation points on a heated surface is that such bubble 
nucleation points do not follow a regular areal pattern as re- 
quired. The statement that bubbles will not form on a smooth 
plane surface is true only to the extent that cavities which act as 
precise nucleation points are eliminated. Otherwise, the bubble 
or vapor nucleating property seems to be tied into the general 
wettability of the surface and not to finite curvatures or surface 
roughness. 

Wettability of a surface may vary both in degree and areal uni- 
formity, the latter not detectable by the usual contact angle. 
Film boiling does not necessarily have to be preceded by nucleate 
boiling but may commence with little or no liquid superheat. 

Except for precise nucleation points that result in bubble 
columns, no particular pattern of bubble or film-patch formation 
appears to be evident, suggesting that general turbulence seems 
to control at high heat fluxes. Bubble nucleation on an ordinarily 
wetted surface seems to be a characteristic of the surface. Only 
with an ideal surface having no nucleation points, could the wave 
hypothesis be tested in boiling. 

The general wave theory as a mechanism for the development 
of turbulence in thermal convective heat transfer should be 
tested experimentally for direct unequivocal evidence of the 
existence of such waves. If confirmed, a singular contribution to 
heat-transfer theory will have been made. 
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4 Professor of Mechanical Engineering, University of Illinois, Ur- 
bana, Ill. Mem. ASME. 

* “Heat Transmission,””’ by W. H. McAdams, McGraw-Hill Book 
Company, Inc., New York, N. Y., second edition, p. 240. 

* Associate Professor, University of California, Los Angeles, Calif. 
Mem. ASME. 

? Assistant Research Engineer, University of California, 
Angeles, Calif. 


Los 


TRANSACTIONS OF THE ASME 


the author has not been permitted to enter our country and present 
his contribution in person, for his paper presents a number of 
provocative ideas and it is probable that since the submission of 
his manuscript five months ago, he has carried some of these ideas 
further. The author has introduced these ideas, as he has 
stated, “. . . to introduce a new concept,”’ and to show how this 
concept can be made useful. 

We find his contribution to boiling heat transfer most stimulat- 
ing. The concept of a bubble-induced contribution to the eddy 
diffusivity (Equation [23] ) seems especially useful. The observa- 
tions concerning waves and Equation [29] is of great importance. 
In a paper,® one of the writers has used the stability criterion to 
make predictions on burnout which agree well with measurements. 

With regard to the free convection the writers believe that a 
great insight will be gained by analyzing the motion in the 
boundary film. However, a number of errors in this paper have 
prevented the author from achieving this. (In the absence of an 
opportunity for discussion with the author we can only conclude 
he is in error but we recognize the difficulty of communication in a 
foreign language. ) 

In connection with the concepts and method presented in this 
paper the following remarks appear pertinent. The essential 
feature of the phenomenon which the author analyzes is thermal 
instability which results from the joint effects of gravity and an 
adverse temperature gradient. 

This problem has been studied by Rayleigh,® Jeffreys,” and re- 
cently by Chandrasekhar." As discussed by Rayleigh, when the 
fluid is inviscid and the higher temperature is below, all modes of 
disturbance are unstable even if heat conduction during the dis- 
turbance is included. However, if the effects of viscosity and 
conduction are included, the system may be stable provided the 
wave lengths of the fluctuations are less than a critical value. 
Jeffreys” has shown that, for a given temperature gradient ||, 
periodic fluctuations of temperature in the vertical direction can 
exist only when the wave length X of the fluctuation is greater 


than the minimum wave length, \min, givenby j= © : 


where k, v, g, and @ are thermal conductivity, kinematic viscosity, 
local acceleration due to gravity, and coefficient of thermal ex- 
pansion, respectively. It is this thermal instability which gives 
rise to the turbulence. It was shown by Chandrasekhar" that in 
a homogeneous, axisymmetric turbulence there exists a smallest 
size of eddies present corresponding to this minimum wave length. 

It is this essential feature of the phenomenon, this thermal in- 
stability, that is omitted in the author’s analysis. From the 
author’s frequency equation it can be seen that when p’ > p, i.e., 
when the upper liquid has the greater density, the angular fre- 
quency (o = 2xf) becomes imaginary, the motion is unstable, and 
the amplitude grows exponentially with time. By neglecting the 


ky 
Amin = 108r* 


‘On the Stability of Boiling Heat Transfer," by Novak Zuber, 
presented at the ASME Heat Transfer Conference, Pennsyl- 
vania State University, University Park, Pa., August 11-15, 1957. 

* “Scientific Papers,” by Lord Rayleigh, Cambridge University 
Press, Cambridge, England, vol. 6, 1920, p. 432. 

“The Stability of a Layer of Fluid Heated Below,” by Harold 
Jeffreys, Philosophical Magazine, vol. 2, 1926, pp. 833-844. 

“Some Cases of Instability in Fluid Motion,” by Harold Jeffreys, 
Proceedings of the Royal Society of London, series A, vol. 118, 1928, 
pp. 195-208. 

“The Instability of a Compressible Fluid Heated Below,” by 
Harold Jeffreys, Proceedings of the Cambridge Philosophicai Society, 
vol. 26, 1930, pp. 170-172. 

11“On Turbulence Caused by Thermal Instability,”” by 8. Chan- 
drasekhar; Philosophical Transactions of the Royal Society of 
London, England, series A, vol. 244, 1952, pp. 357-384. 
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last term in the frequency equation the author leaves out the very 
term which produces the instability. Inasmuch as the wave ve- 
locity c given by Equation [3] is always real, the motion is always 
stable. There is no mechanism in the author’s analysis which will 
cause the amplification and the subsequent breaking up of the 
waves demanded by the system the author wishes to consider. 

The fact that the author obtains results for free convection 
which agree with measurements appears to be accidental, for there 
are a number of errors in the analysis as follows: 

(a) The velocity z = u = —d¢/dz given in Equation [4] is not 
derivable from the equation for the potential fields (the equation 
immediately after Equation [2] ). 

(b) It should be noted that ¢ is the potential for the lower 
stratum, therefore d’ should be replaced by d (see Lamb,’ p. 
372). It can easily be seen that ¢ does not satisfy the boundary 
conditions if it represents the potential for the upper region. The 
velocity, Equation [4], to which corresponds a wave profile given 
by Equation [1] was obtained by differentiating the velocity po- 
tential for a wave motion over a deep water. 

The velocity can be obtained easily by differentiating the ap- 
propriate potential. 

For a wave profile given by Equation [1], i.e., by 


[30] 


where the wave number and the angular frequency are given, re- 
spectively, by 


k= — 
| 
be 


wad) 
wen 


and 
o = = 


the appropriate velocity potentials are 
@ = C cosh k(y + h) sin kz sin ct 
= [A cosh ky + B sinh ky] sin krsin ct 0* <A’... [32] 


—h<y <0-.. [31] 


The constants A, B, and C are determined by satisfying the dy- 
namic and kinematic conditions at the boundaries." 

The condition for the continuity of pressure at the wave inter- 
face is 


w| at y = 7.... [33] 


The condition of constancy of pressure at the free surface is 


= at y =h’ 


The kinematical condition at the wave interface is 


jon enw 
_ In conjunction with Equation [31] and Equation [32], Equa- 
tions [33, 34, 35] lead to the following relations 

p(ce cosh kh — ga) = p'(Ag — ga] 
o*(A cosh kh’ + B sinh kh’] = gk[A sinh kh’ + B cosh kh’] 


biros 


dad —ac = —kC sinh kh = —kB 


The velocity potential for the region —(a + 5) < y < O° is 
then obtained from Equation [35a] and Equation [31], thus 


12 “Hydrodynamics,” by H. Lamb, Dover Publications, New York, 
N. Y., sixth edition, 1932. 


cosh Ky +h) 
firm k sinh kh 


The velocity just below the wave profile, i.e., at y = 0, is then 


= coth kh cos kz sin ot 
Making use of the assumption that the film is very thin, i.e., 
kh< 1 and ash = a + 6 the velocity at y = 0- then becomes 


It should be emphasized here that the velocity z just below the 
wave (i.e., at y = 0-) is not equal to the velocity z just above 
the wave, i.e., at y = 0*. To show this one can solve for B 
from Equation [34a], thus 

ay 


Making use of the a assumption made by the author that kh’ > 1 
(deep water) it follows that 


From Equation [39a], Equation [35a], and Equation [32] the 
velocity just above the wave, i.e., at y = 0*, is given by 


i= + a cos kz sin ot 


It is seen that this is the velocity the author uses, i.e., Equation 
[4]. By comparing Equation [4] and Equation [38] it can be 
noted that Equation [4] does not represent the velocity of any 
particle in the film region [—(a + 6) < y < 07] in which it is sub- 
sequently used and applied. The negative sign which correctly 
appears in Equation [38] was to be expected inasmuch as the 
wave surface is a vortex sheet, i.e., the normal velocity is con- 
tinuous but the tangential velocity changes sign as we cross the 
surface. 

Inasmuch as the author analyzes the flow in the thin film of 
depth, a + 4, i.e., in the region —(a + 6) < y < O07 (cfr. Equa- 
tion [10] and sequel), it seems that Equation [38] should have 
been used instead of Equation [4]. The error (apart from the 
sign) which is introduced by incorrectly using Equation [4] can 
be estimated by taking the ratio of the amplitude of the velocity 
given by Equation [38] and Equation [4]. It is seen that Equa- 
tion [38] exceeds Equation [4] by a factor of 1/2r(a + 5). From 
the results plotted in Fig. 4 of the paper it can be noted that this 
factor can be even larger than 100. 

Because Equation [4] of the paper is used in determining the 
wave amplitude and film depth which in turn determines the 
heat-transfer ratio, the foregoing error is carried throughout the 
analysis. 

(c) The results plotted on Fig. 5 of the paper indicate that coth 
(2rd/l) is of the same order of magnitude as coth (2rd’/l). 
Therefore in the frequency equation it is not justified to neglect 
coth (2rd’/l) in comparison with coth (2md/l). 
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Fig. 11 


Although the writers have detected a number of inconsistencies 
in the paper, none the less the author has presented a number of 
provocative ideas and we congratulate him for contributions 
made under difficult circumstances. 


AvuTHor’s CLOSURE 


The author wishes to thank Professors Eckert, Larson, and 
Tribus, and Mr. Zuber for their comments on this paper. 

The comments of Professor Larson seem centered on the phe- 
nomena of wave existence in the boundary film. Inasmuch as 
the author has not conducted experimental tests to verify the 
existence of such waves, he can only show qualitatively their ex- 
istence by reference to earlier experiments in England and in 
France. 

* Benard" studied this phenomenon on a sheet of liquid lying on 
a horizontal plate heated to a uniform temperature. The de- 
velopment of motion occurs in two distinctive stages: When the 
temperature gradient across the layer of liquid exceeds a certain 
value, a wavy random motion starts and after a few seconds the 
liquid forms cells of polygonal shape, triangular, square, and hex- 
agonal, with the last as the stable one. These cells are later called 
Benard cells. Recently Chandra“ used air as a working fluid 
within two parallel plates and observed the same phenomena. 
Chandra also observed the appearance of a columnar type of mo- 
tion when the spacing of the plates was changed from that of a 
certain critical value. 

The physical phenomena mentioned can be conveniently ex- 
plained by the model of wave motion. The analysis in this 
paper is based on two-dimensional motion, but it will soon be seen 
that it applies as well to the three-dimensional case. 

In three dimensions there would not be any limitation on direc- 
tions of wave propagation, for the degree of freedom of any par- 
ticle of the fluid is multiple. By the principle of least energy dissi- 
pation in motion, however, two patterns of wave motion would 
be favorable in each strata of the fluid: Two orthogonal waves 
creating a square for each wave length, and three waves intersect- 
ing one another at 60 deg and forming triangles, as shown in Figs. 
10 and 11. 

These waves are of unstable nature in the “‘wave layer.’’ They 
will break up soon after formation and yield vortex rings. In 
order to dissipate least energy, these vortex rings will adjust 
themselves in hexagonal form, which are the well-known Benard 
cells, Fig. 12. These vortex rings will remain in their position if 
there is a confining rigid surface suitably placed above them, but 
will rise up or be flattened down if the upper plate is placed at a 
level higher or lower than a critical depth. Therefore, the incipi- 
ent random wavy motion may represent the wave motion during 


14 **Tourbillions cellulaires dans une nappe liquide,”’ by H. Benard, 
Revue générale des sciences pures et appliquées, vol. 11, 1900. 

6 ‘Instability of Fluids Heated From Below,” by K. Chandra, Pro- 
ceedings of the Royal Society of London, series A, vol. 164, 1938. 
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the period of adjustment to the stage of least energy dissipation. 
This motion may then be considered as the first phase of motion 
development leading to the Benard cells. The columnar type of 
motion as observed by Chandra is probably the column of vortex 
rings or flattened vortex rings depending upon the fluid level being 
higher or lower than the critical value. If the fluid level is lower 
than the thickness of the boundary film no Benard cells will ap- 
pear which has been shown in Chandra’s experiments. 

The heating surface geometry and confining walls will naturally 
affect the wave; but their effects are not the significant factors. 
These boundary effects are clearly shown in Chandra’s picture. 
Rough surface, especially when the rough edges penetrate through 
the boundary film, will undoubtedly interfere with the regularity 
of wave motion, lessen the film thickness, and improve the heat 
transfer. The analysis for vertical and inclined surfaces will be 
somewhat different from that presented in this paper due to the 
presence of continuous flow along the heating surface. Neverthe- 
less, the wave motion would also exist. 

With regard to the comments of Professor Tribus and Mr. 
Zuber, the author is glad that a manuscript of this paper was 
circulated to Mr. Zuber in March of 1956 which gave him ample 
time to study it in detail. Their comments in no way affect either 
the reasoning or the results of this paper; rather, use of Equa- 
tion [38] as suggested by them would lead into error. While 
agreement of the calculated results with measurements is not 
accidental, the interchange of d and d’ or the words “above’’ 
and “below’’ in the paragraph following Equation [2] was, in 
fact, a regrettable accident. Their suggestion that the author 
should use @’ derives, perhaps, from this accident. However, 
this can easily be rectified simply by writing d instead of d’ in 
the equations of velocity potential and in the frequency equation; 
which, then, answers their comments (a) and (b), since Equa- 
tions [4] and [5] are exactly the ones the author has used. 

Concerning comment (c) and the discussers’ assertion that the 
author has neglected “the last term in the frequency equation,”’ 
the author wishes to point out that the last term was not 
neglected, but that it cancels under the roots when the simple 
quadratic frequency equation is solved for f*. While carrying 
out the algebraic manipulation it will be seen that Equation [3] 
follows, provided that either d or d’ or both are larger than the 
wave length. 

The “number of errors in this paper’’ which assertedly “have 
prevented the author from achieving great insight’’ seem not to 
exist. The central idea of this paper is the analysis of the thermal 
instability of a fluid heated below; how the discussers could gain 
the impression that in the analysis this essential feature has been 
omitted is beyond the author’s comprehension. 

A check of the results calculated in this paper with Rayleigh’s 
criterion of thermal stability yields good agreement and may be 
of interest to the readers: Using the nomenclature of this paper 
the Rayleigh’s number is expressed as follows 
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ay 
where | 06/dy | represents the absolute value of the temperature 
gradient which can be approximately expressed by 6,,/6 and 
(a + 5) corresponds to the critical depth of the fluid. Inserting 
into this expression the valuesof 0,,/5 and(a +4), obtainable from 
Equations [17] and [22], yields a number of 490 which is not too 
far from Rayleigh’s number of 652. It is to be observed that 
Rayleigh used boundary conditions which were somewhat arti- 
ficial. However, the calculated number agrees very closely with 
the average value of 490 given by Jeffreys for the case of a rigid 
conductive boundary at the bottom and a nonconductive surface 
at the top. 

Here, the author wishes to take this opportunity to answer some 
questions which were brought up by some readers through per- 
sonal correspondence: 

(i) The main purpose of showing the three classical hydrody- 
namic equations at the beginning of this paper is to point out the 
important fact that as long as the pressure is uniform along each 
strata and the total depth is large, at least larger than one half of 
the wave length, the solution of the velocity potential and of the 
stream function for deep water waves can be extended to the case 
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of any number of fluids of different densities across the horizontal 
strata. Actually, there is not any abrupt density change across 
any stratum of the fluid for the present problem. The interface 
between the boundary film and wave layer is only an artificial 
surface where the instability will start to set in. The author 
feels, however, that it would give a better picture and better un- 
derstanding if the cooler fluid in the connective zone were postu- 
lated to fall down right over the heating surface instead of over the 
boundary film; the temperature distribution according to the 
error function would have to be extended from the heating sur- 
face up to the top surface of the wave layer. The calculated re- 
sults are not sensibly affected if this reasoning were followed 
throughout the entire paper. 

(ii) The decision of using y/+/(4at) = 2 at erf [y/+/(4at)] = 1 
was taken with great pain. Some readers asked whether a quan- 
tity of 3, 4, or 10 might give a better approximation. This is not 
the case, for there is always a temperature drop from the upper 
surface of wave layer to the turbulent zone, and the lowest value 
should give a better approximation. 

The author has recently discussed the contents of this paper 
with Professors M. Tribus and H. K. Forster and wishes to ex- 
press his appreciation for valuable advice received. 
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Heat Transter to Lead-Bismuth in 


Turbulent Flow in an Annulus 


i By R. A. SEBAN! anv D. F. CASEY® 


Heat-transfer coefficients for molten lead-bismuth 
eutectic are presented for flow in annuli externally heated 
at a constant rate. Diameter ratios of 1.350 and 1.74 were 
investigated and results were obtained for Peclet numbers 
from 400 to 1600. These results are shown to be related to 
analogy predictions for this system in the same manner as 
exists for pipe flow, and that the theories providing a ration- 
alization of the results for pipe flow do so as well for the 
flow in an annulus. 

in od I 


NOMENCLATURE 


The following nomenclature is used in the paper: 
D = inside diameter of test section 
outside diameter of core tube 
equivalent diameter of annulus, D, = D —d 
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INSULATION 


@ ALUMINUM LAYER 
ALUMIBONDED TO TUBE 


heat-transfer coefficient 
average flow velocity 


HEAT TRANSFER LENGTH 


kinematic viscosity 
thermal diffusivity 
INTRODUCTION 

Results are presented here for heat transfer to molten lead- 
bismuth eutectic flowing in an annulus and these results are an 
adjunct to those for pipe flow previously reported by Johnson, 
Hartnett, and Clabaugh (1).* They were in fact contemporary 
and were obtained with a similar heat exchanger, in the same flow 
system, by the use of the same general test techniques (2). Re- 
liance is therefore taken in the description presented by Johnson, 
et al. (1) for these matters, and attention is given in this paper only 
to the results obtained for annular flow. 

The test section, shown in Fig. 1, was a 48-in-long section of 
0.652 in. inside diameter, 18-gage, stainless-steel tube, to the ex- 
terior of which aluminum was bonded in a */,-in. thickness by the 
Alumibond process. Radial slots subdivided this aluminum jacket 
into axial sections 6 in. in length and thermocouples were located 
in each of these sections. Heating wire and insulation completed 
the external assembly and heat meters were contained in the in- 
sulation to assist in the evaluation of the heat loss to the ex- 
terior. Two tubes of 0.375 in. and 0.500 in. OD provided the 
cores for the test section that produced the annular section for the 
flow and these were maintained in position by two sets of three 
alignment pins within the length of the test section. Thus the 
unit could be tested in pipe flow and with annuli of radius ratios 
of 1.30 and 1.74. 

1 Professor of Mechanical Engineering, University of California, 
Berkeley, Calif. Mem. ASME, 

? Atomics International, North American Aviation, Inc., Canoga 


Park, Calif. Assoc. Mem. ASME. 

* Numbers in parentheses refer to the Bibliography at the end of the 
paper. 

Contributed by the Heat Transfer Division and presented at a 
joint session of the Heat Transfer and Power Divisions at the 
Annual Meeting, New York, N. Y., November 25-30, 1956, of Tuz 
American Society OF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, July 2. 
1956. Paper No. 56—A-62. 
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SECTION A-A 


Fie. 1 Deraits or rue Test Section 


The heat flux through the test-section wall was calculated from 
the electrical dissipation in the heaters, less the losses through the 
insulation. The difference between the inner-wall temperature 
and that observed in the aluminum was evaluated in terms of di- 
mensions and properties of the aluminum and stainless steel. 
Mean fluid temperatures were assumed to vary linearly along the 
test section because of the constant heat input, and the wall tem- 
peratures in the downstream section of the exchanger were 
parallel to this line of mean fluid temperature. The hest- 
transfer coefficient deduced for this section is the one presented. 
This parallelism did not exist near the start of the heating section 
because of thermal-entrance effects, and for the pipe flow of lead- 
bismuth these persisted through the first three sections, while for 
water flow and annular flow at most only the first section was 
affected. 

The test section used in these tests differed from that of John- 
son, et al. (1) in the number of thermocouples placed in the 
aluminum jacket. Two thermocouples were located in each sec- 
tion, diametrically opposite. These produced almost complete 
correspondence, except in the fifth section, counting downstream. 
There, in high-temperature operation, one value was rather high 
and the other slightly low with respect to the line of the other wall 
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temperatures. This was attributed to a failure of the bond be- 
tween the steel and aluminum, producing in consequence a nonuni- 
form circumferential heat input. Because of the consistency of 
the remaining downstream results, this effect is considered to have 
had a negligible influence on the results. The discrepancy was 
never observed during low-temperature operation with water, 
when the thermal stresses were less severe. 


Heat TransFrer Water 


_ The unit was first tested with water in pipe flow to appraise 
the accuracy of the evaluation of the inner-wall temperature 
from the temperature measured in the aluminum, and the dimen- 
sions and properties of the tube assembly. Fig. 2 shows the re- 
sults in terms of the heat-transfer coefficient, and includes results 
obtained after operation with lead-bismuth, to demonstrate the 
continued satisfactory operation of the unit. For the range of 
Reynolds numbers shown in the figure, water temperatures were 
of the order of 70 F, and heat-transfer coefficients from 400 to 
3500 Btu/sq ft deg F hr. A mean line drawn through the results 
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Fie. Heat Transrer TO WATER In ANNULAR FLOw 
Data: propention evaluated at pote fluid temperature 
+ fora diameter ratio of 1.3 
for a diameter ratio of 1. 73 
Monrad and Pelton (3) results for a ratio of 1.85 
represents Equation [1] 


Curve: 


creased sensitivity to the degree to which the thermal resistance 
of the wall needed to be known. While not entirely satisfactory, 
these results with water in annular flow present further evidence of 
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Fic. 2 Heat TRANSFER TO WATER IN Pire Flow 
properties evaluated at mean fluid temperature 
+ before operation with molten metal e: 1 
4 before with molten metal, downward flow _ - Lowe 
alter operation with molten metal 
represents Equation [1] 


Data: 


Curve: 


would be about 5 per cent above the recommended qoeeiatiet for 


pipe flow page 


k v 

While the evaluation of thermal resistance by which the tube-wall 
temperature was related to the measured temperature could have 
been adjusted to eliminate this error, the agreement was suf- 
ficiently close so that the original evaluation was retained. 

After the tests with pipe flow, the cores were inserted into the 
tube and the water tests continued with annular flow, the water 
temperature remaining at about 70 F, and heat-transfer co- 
efficients ranging from 1200 to 5400 in the range of Reynolds num- 
bers shown in Fig. 3. There the correlation of results is inferior 
to that revealed in Fig. 2 for pipe flow, though at the lower 
Reynolds numbers there is some agreement with Equation [1], 
evaluated with the equivalent diameter of the annulus. Much of 
the scatter is attributable to a loss in the accuracy of measure- 
ment with high heat-transfer coefficients, together with an in- 


consistency in measurement, at least except for the highest heat- 
transfer coefficients represented in Fig. 3. Finally, the use of 
Equation [1] for the prediction of the coefficient is tentative, 
though probably correct; the figure contains also some results 
obtained by Monrad and Pelton (3) for a similar diameter ratio, 
illustrating the character of the results which are the basis of the 
recommendations of the use of Equation [1]. 


Heat Transrer Wirn Mo.urten 


With lead-bismuth, the unit was first operated with pipe 
flow, with mean molten-metal temperatures of about 500 F. 
The results are shown in Fig. 4, where the range of heat-transfer 
coefficients is from 1070 to 1600. While the present results re- 
veal a slightly different trend with Peclet number, adequate 
correlation is achieved by the correlation line of Johnson, et al. (1). 
A prediction of the relation between the Nusselt and Peclet num- 
bers for a Prandtl number of 0.3 as given by Sleicher (4) is aleo 
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Fie.4 Heat Transrer To Leap-BismvuTs 1n Pires Flow 
Data: properties evaluated at the mean fiuid temperature (*/a = 0.03) 
Curves: A, correlation of Johnson, et al. (1) " 

B, Martinelli analo; 
C, Sleicher (4) — forr/a = 0.03 
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contained in Fig. 4 and, while slightly lower than the measured 
values, is still within 5 per cent of most of the results. 

Insertion of the cores to provide annular flow produced heat- 
transfer coefficients from 1700 to 3700 in the range of velocities 
investigated, and this maximum heat-transfer coefficient is sub- 
stantially less than the high values, up to 5400, which produced 
most of the uncertainty in the tests with water in annular flow. 
Thus the results for lead-bismuth in annular flow, reinforced by 
the satisfactory results for pipe flow, are presented with confidence 
in Fig. 5. 

Various theoretical results also are shown as curves in Fig. 5. 
Bailey (5), basing his analysis on experimental results for the hy- 
drodynamic character of annular flow at a single Reynolds 
number, provided analogy results of the Martinelli-Lyon type 
for the heat-transfer coefficient when the inner boundary of the 
annular section is heated. Revision of these results for the case 
in which the outer wall is heated yields curves A; and Ag, for the 
diameter ratios of the experiment. The influence of the diameter 
ratio is small, as illustrated by the values at the “slug’’ flow limit, 
where the heat-transfer coefficient for a diameter ratio of 1.74 only 
exceeds by 3 per cent that for parallel walls. Seban’s (8) result 
for parallel walls is indicated by curve C and is above rather than 
below Bailey’s predictions. This illustrates the surmise that 
Bailey’s results may be slightly low, but the differences are less 
than 10 per cent and not particularly significant here. 
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ry for a diameter ratio of 1 
O for a diameter ratio of 1. 4 


Curves: Au Ae Bailey (5) for diameter ratios of 1.74 and 1.30 
ues of A:, As, Fig. 4 
C. "Seban (8) for flow between parallel walls. 
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As in the case of pipe flow, the results for the annulus are con- 
siderably below the analogy predictions, based on equality of the 
eddy diffusivities for heat and momentum, and a number of 
authors have indicated the desirable correspondence that could 
be obtained by postulating an eddy diffusivity for heat sub- 
stantially less thfan that for momentum. If such a ratio is uniform 
over the entire flow cross section, it is easily introduced and ap- 
pears in the final result merely as a multiplier of the Peclet number, 
and almost all the analogy results have been presented in this 
form. Jenkins (6) and Bosanquet (7) first gave arguments which 
indicated that this ratio might be less than unity. Sleicher (4) 
combined his measurements of eddy diffusivity and Jenkins’ 
hypothesis to yield the prediction shown for pipe flow in Fig. 4. 
Curves B; and B, of Fig. 5 have been obtained from the curves A; 
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and A; by an ordinate reduction equal to that relating the 
Martinelli and Sleicher curves in Fig. 4. The agreement with ex- 
periment is fully as good as for pipe flow, though the effect of 
diameter ratio is so small that agreement in that respect, though 
discernible, cannot be concluded from the experimental results. 

The agreement of theory, based on a ratio of heat to momentum 
diffusivities less than unity, with the results for molten lead-bis- 
muth eutectic in pipe flow, and the successful extrapolation of that 
theory for annular flow, would appear to be a decisive affirmation 
of the worth of the theory. There are other factors, however, 
which must yet be resolved, and one regards the magnitudes of 
the heat-transfer coefficient for the alkali metals for pipe and 
annular flow. In both cases these are much closer to the analogy 
prediction based on equal diffusivities, whereas by Jenkins’ as- 
sumptions they would be predicted to be even further from that 
prediction than are the results for lead-bismuth, because for the 
alkali metals the Prandtl number is lower and hence the diffusivity 
ratio would be less. Other possibilities for the difference between 
the lead-bismuth results and the original analogy result must 
therefore be considered, and of these the question of an additional 
resistance at the fluid-wall interface has not yet been settled de- 
cisively. 


CONCLUSIONS 


Tests of the heat transfer to molten lead-bismuth eutectic flow- 
ing in an annulus with constant heat input along the outer wall 
have produced results in the range of Peclet numbers from 400 to 
1600. Results obtained with the same unit in pipe flow corre- 
sponded satisfactorily with other results for pipe flow. For both 
annular flow and pipe flow, the heat-transfer coefficients for the 
lead-bismuth eutectic are below the coefficients predicted by the 
original analogy considerations by a similar amount, and the use 
of a suitable ratio of heat and momentum diffusivities provides an 
analogy solution which is in each case in satisfactory agreement 
with experiment. 
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A. E. Jenkins.‘ The results presented in the paper are of 
considerable interest since they tend to confirm the hypothesis 
that the eddy diffusivity of heat is substantially less than that for 
momentum. It would be of assistance to those who wish to 
examine further the apparent discrepancy between the results 
and the theory if the physical properties on which the dimension- 
less correlation is based could be quoted by the authors. 

It also would be of interest to know the temperature of the 
inner surface forming the annulus. This could be measured 
accurately since there is no heat flux through the surface. The 
difference between this temperature and the bulk mean fluid 
temperature could then be compared with the theoretical value. 

It has been found that a slight eccentricity of the tubes form- 
ing an annulus, in the case of a low Prandtl-number fluid, can 
lead to considerable circumferential temperature variations. 

In the present experiment the aluminum layer would tend to 
minimize such variations; nevertheless, it possibly may be the 
reason for the discrepancy between the thermocouples in the 
fifth section of the heater. 


B. Lusarsky.* This paper represents a welcome addition to 
the experimental investigations of liquid-metal heat transfer. 
There is one point which might be worth noting. In Fig. 4 the 
authors compare the experimental results of Johnson, Hartnett, 
and Clabaugh for lead-bismuth in pipe flow, with the theoretical 
predictions of Martinelli (1)? and Sleicher and Tribus (2). In 
Fig. 5 the authors compare their experimental results for lead- 
bismuth in annular flow with theoretical predictions representing 
adjustments to the theoretical predictions of Bailey (3) and 
Sleicher and Tribus (2). The results of Bailey for annuli are 
based on assumptions similar to those of Martinelli for pipe flow. 
The authors note that the experimental data for lead-bismuth in 
pipe flow, Fig. 4, and annular flow, Fig. 5, are in good agreement 
with the predictions of Sleicher and Tribus, but in poor agreement 
with predictions of the Martinelli type. This, naturally, speaks 
well for the predictions of Sleicher and Tribus. The authors 
point out, however, that the experimental results for alkali 
metals are in much closer agreement with predictions of the 
Martinelli type than they are with the predictions of Sleicher and 
Tribus. 

The point which might be worth noting is that the experimental 
results for the heavy metals are not all in good agreement with 
Sleicher and Tribus, and in poor agreement with Martinelli. 
Fig. 6 of this discussion shows some of the experimental results 
for fully developed heat transfer to mercury in pipe flow. The 
heavy solid lines represent the predictions of Sleicher and Tribus 
for Prandtl numbers of 0.015 and 0.025. This range of Prandtl 
number approximately brackets the Prandtl numbers of the 
experimental results. The heavy dashed curve represents the 
Lyon (4) equation, the familiar approximation to the results of 
Martinelli. The solid line represents the data of Johnson, 
Clabaugh, and Hartnett (5) for mercury in pipe flow. These 
data and all the other experimental data have been recalculated 
using the new values of thermal conductivity of mercury due to 
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Ewing, Seebold, Grand, oa Miller (6). The data of Johnson, 
Hartnett, and Clabaugh for lead-bismuth in pipe flow, if plotted, 
would fall very close to their data for mercury (the Prandtl- 
number range is somewhat higher for the lead-bismuth, however). 
The dotted line in Fig. 6 of this discussion represents the data of 
Trefethen (7, 8). These data were adjusted by Lubarsky and 
Kaufman (9) and are shown as readjusted to account for the new 
thermal conductivity of mercury discussed in the foregoing. The 
dash-dot line represents the data of Stromquist (10); the dashed 
line represents the data of Isakoff and Drew (11, 12); the dash- 
double dot line represents the data of Brown, Amstead, and 
Short (13). 

It will be noted that the data of Johnson, Hartnett, and 
Clabaugh, of Trefethen, and of Stromquist are better repre- 
sented by the predictions of Sleicher and Tribus but that the data 
of Isakoff and Drew and of Brown, Amstead, and Short are better 
represented by the Lyon equation. This indicates, as mentioned 
earlier, that the experimental results for heavy metals are not 
all in good agreement with Sleicher and Tribus. 
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CLOSURE 


In reply to Mr. Jenkins’ comments, it may be noted that the 
physical properties used for the evaluation of results are presented 
in detail in reference (1) of the paper. 

His important remark concerning the utility of temperatures 
that could have been measured on the inner tube was a con- 
sideration that had been made, and provided for, in the initial 
form of the apparatus, but which was unfortunately omitted in 
its later aspect. The modification concerned primarily the 
provision of the alignment pins for maintaining the position of the 
inner tube. In its original form, without the pins, tests with 
water revealed anomalous variation of the wall temperature 
both longitudinally and circumferentially, a situation which was 
olndanted by the better alignment provided after the instal- 
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lation of the pins. While the unit was not operated with lead 
bismuth in its misaligned condition, and while a greater influence 
of misalignment with lower Prandtl-number fluids is possible, 
the erratic behavior of the thermocouples in the fifth section was 
so localized an occurrence as to be more attributable to a local 
bond failure than to eccentricity. This, particularly, since that 
behavior also occurred without the inner tube in place. 

Mr. Lubarsky has fortunately enlarged the consideration of 
the comparison of theory and experiment in the case of pipe 
flow of liquid metals to include those two sets of experiments in 
poorer correspondence with Sleicher’s prediction. His remarks 
reveal concisely the uncertainty that remains in this realm of 
heat transfer after the arduous work of many experimenters. 
Much of this difficulty has arisen from the problem of measure- 
ment of the wall temperature, or its inference from measurement 
made externally or within the fluid itself. It may be significant 
that the two sets of results, by Isakoff and by Brown, et al., 
that are in question, were those in which wall temperatures were 
inferred from an outward extrapolation of the temperature 
distribution measured within the molten metal stream. This 
involves the possible inaccuracies in temperature measurement in 
a region of large temperature gradient in a fluid stream, and of 
position errors themselves. Also, while the temperature gra- 
dient near the wall is quite linear because of the large effect of 
thermal! conduction, it is not exactly so, and this leads to errors 
in extrapolation. This latter point has already been noted by 
Schleicher i in bis discussion on (13). 
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New Finite-Differende for 
of the Heat-Conduction Equation, Especially — 
Near Surfaces With Convective | 


Heat Transter 


By G. ELROD, JR.,! NEW YORK, N. Y. 


Finite-difference methods have come into wide use for 
solving special problems including transient-heat conduc- 
tion. Dusinberre* has ably presented the possibilities of 
finite-difference methods. The success of most such meth- 
ods depends on the existence of a certain degree of uni- 
formity of behavior of the temperature over the finite 
intervals of both space and time selected for the computa- 
tion process. In some cases, however, this required uni- 
formity constitutes a handicap since temperatures are 
changing so rapidly that inconveniently short time inter- 
vals have to be chosen. This paper represents an effort to 
develop a finite-difference method free from the foregoing 


defect. he 
NOMENCLATURE 


The following nomenclature is used in the paper: 


A, = temperature-influence coefficient defined in Equa- 

tion [26] 

a B, = temperature-influence coefficient defined in Equa- 

tion [26] 

temperature-influence coefficient defined in Equa- 
tion [26] 


contributions to the temperature at z = 0 from 
the regions z > 0 and z < 0, respectively 

temperature-influence coefficient defined in Equa- 
tion [26] 

temperature-influence coefficient defined in Equa- 
tion [26] 

“function of” 

“rth derivative of” 

heat-conduction function defined by Equations 
[43, 44], 

heat-conduction function defined by Equation [78] 

heat-conduction function defined by Equation 
[52] 

convective heat-transfer coefficient, Btu/hr sq ft 
deg F 

the ratio, (h)/k, as used in reference, footnote 3, 


C,(0, 


1 Associate Professor, Department of Mechanical Engineering: 
Columbia University. Assoc. Mem. ASME. 

2 “*Numerical Analysis of Heat Flow,"’ by G. M. Dusinberre, Mc- 
Graw-Hill Book Company, Inc., New York, N. Y., 1949. 

Contributed by the Heat Transfer Division and presented at the 
Annual Meeting, New York, N. Y., November 25-30, 1956, of Tue 
AMERICAN Society oF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, July 31, 
1956. Paper No. 56—A-112. 


H, heat-conduction function defined by Equation 
[53] 

integral defined by Equations [58, 59, 60], deg F 

thermal conductivity, Btu/hr ft deg F 

heat-conduction modulus, (Azx)*/« At 

heat-conduction Nusselt number, (hAr)/k, often 
called the “Biot number” 

time, hr 

temperature, deg F 

distance in one-dimensional medium, f t 

dummy space variable, ft ; 

“finite difference of” 

base of natural logarithms, 2.718 

dummy variables 

thermal diffusivity, sq ft/hr 

dummy time variable, hr 

function describing the ambient temperature, deg F 


Numerical subscripts applied to temperatures, as in 7, To, T+ 
refer to temperatures located at z = Az, z = 0, andz = —Az, 
and so on, at the time ¢ = 0. 

Positive and negative superscripts applied to temperatures 
mean that the temperatures are to be evaluated at the plus and 
minus:sides of the points in question. 


INTRODUCTION 


In recent years finite-difference methods have been used to 
solve a vast number of special problems involving transient heat 
conduction. In flexibility of use and simplicity of concept these 
methods excel those of classical mathematical analysis, and, in- 
deed, on many occasions they are not to be regarded as substitutes 
for more precise methods, but as the only possible methods to use. 
The possibilities of finite-difference methods for many problems 
akin to those considered in this paper are well presented in a book 
by Dusinberre.*? 

The success of most finite-difference methods depends on the 
existence of a certain degree of uniformity of behavior of the 
temperature over the finite intervals of both space and time 
selected for the computation process. There are, however, a 
number of occasions when this requirement of uniformity is a 
handicap, since temperatures are changing so rapidly that in- 
conveniently short time intervals have to be chosen. This awk- 
ward feature usually arises near the boundary of the computation 
region; for example, it may arise near the surface of a casting 
during quenching. 

The present investigation represents an effort to develop a 
finite-difference method free from the foregoing defect. Formulas 
are derived which do not imply a uniformity of behavior with re- 
spect to time. Within the interior of a solid, these formulas re- 
duce, in general, to those obtainable by the simpler technique of 
heat balances. However, near a convective heat-transfer surface 
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they do not reduce to earlier formulas. In this region they 
possess greater potentiality, in that they will handle with uniform 
precision cases of variable, and even discontinuous, ambient tem- 
perature, with the heat-transfer coefficient ranging from zero (in- 
sulation) to infinity (perfect contact). 

In actual practice, the new formulas merely introduce new 
weighting factors into the standard finite-difference equations. 
A numerical table of such weighting factors is given for the tem- 
peratures on, and adjacent to, a convective heat-transfer surface 
when the space and time intervals are chosen to conform with 
the Binder-Schmidt selection of 


M = (Ar)*/xAt = 2 


DERIVATION OF FORMULAS FOR THE INFINITE MEDIUM 


Formulas will here be derived which are appropriate for use in 
computing the transient conduction of heat in an infinite medium 
of uniform, constant properties. The differential equation to be 
applied is as follows it 


This is a linear differential equation, and the response at some 
time ¢ is linearly related to the temperature distribution input f(x) 
at time zero by the solution*® 

wink 


+o - x’)? 
at 


At the point z = 0 this last equation reduces to 


+o 
1 
Now let the contribution to 7(0, 2) originating within the re- 


gion z > 0 be denoted by C,(0, ¢). This contribution can be writ- 


ten in the following manners 


(xt) © dé 


C,(0, i= 


The integral in Equation [5] can be successively integrated by 
parts to give 


if< 
C0, 1) = 5 erfe (0) 
‘oe? 


where the i" erfe (£) are the iterated error functions defined by 


erfe == ff” erte 


*“Conduction of Heat in Solids,” by H. S. Carslaw and J. C. 
Jaeger, Oxford University Press, London, England, 1947. 


The presumption in writing Equation [6] is that the first n 
derivatives of f(z’) are continuous on the plus side of z’ = 0. 
These derivatives may, or may not, be continuous through z’ = 0. 
If they are continuous, then when the contribution C,(0, ¢) is 
added to C;,(0, t), all odd temperature derivatives cancel, leaving 
the following result for 7'(0, t) 


(2A 


x fr + [2EV/(at)] } erfe (E)dE.. 


T(0, t) = > 4xt)"i® erfe (0) + 
r=0 


When the last integral in Equation [9], which is the error term, 
is neglected, and when use is made of the fact that 


Equation [9] then reduces to 


t” erfc (0) = —— 


(xt)*f"(0) 


r=0 


T(0, t) = 


Thus when the temperature distribution in an infinite medium 
conforms at t = 0 with some polynomial in z, Equation [11] gives 
the exact answer for all subsequent time. In terms of the modulus 
M this equation becomes 
n 


r=0 


. [12] 


Equation [13] is still not a convenient expression to use 
numerically. An improvement can be made by evaluating the 
derivatives in this expression in terms of discretely spaced tem- 
peratures with the uniform interval Az. Thus, for a second- 


degree polynomial 


= To 
= 7, — 27,+ 


For higher degree polynomials, the second and higher derivatives 
take on more complicated, but similar, form. Substitution of 
Equations [14] into Equation [12] gives the standard finite-dif- 
ference form, widely used in heat-conduction studies. Thus 


1 
T(0, At) = Ty + (Ti — + T)....... [15] 


Tue Speciat Case or M = 


Equation [15] can be deduced very much more quickly by 
direct use of heat balances. In this case the ability of the present 
more elaborate analysis to accommodate nonuniform time be- 
havior is not made evident. To bring this ability into evidence, 
let it be supposed now that at time zero neither the temperature 
nor its derivatives are continuous through z = 0. Such asituation 
can arise physically when two plates of similar material, but dis- 
similar temperatures, are suddenly brought into good thermal 
contact. It obviously includes as a special case the more usual 
situation analyzed in the foregoing. 

In the present more general case C,(0, t) and C,(0, t) must be 
evaluated separately. Now let it be assumed that the tempera- 
ture distribution at t = 0 for z > 0 can be well represented by a 
second-degree polynomial. Furthermore, let the temperatures on 
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_ the plus side of various stations be identified with “plus” super- 
_ scripts, and the temperatures on the minus side with “minus” 
superscripts. Then 


f°(+0) = To* 


1 
(Az)f’(+0) = — 37; — T:) 


(Azx){+0) = T: — 27, + To* 


Since i erfe (0) = 1/m, use of Equations [16] in Equation [6] 
gives 


C;(0, t) = ; 


4 2 1 1 


This last expression is valid regardless of the temperature dis- 
tribution for z < 0; that is, regardless of the magnitude of the 
time derivatives induced by discontinuities at z = 0. 
Inspection of Equation [17] shows that a rather remarkable 
simplification occurs if M = 7. In this event, only the tem- 
_ peratures 7,)*+ and 7 need to be known in order to obtain exact 
results for an initial quadratic temperature profile. If the profile 
for x < 0 is also quadratic, though different, addition of the con- 
tributions C, and C; leads again to Equation [15], provided the 
- temperature 7» in that equation be interpreted as 


/(Mr) M 


1 
(To*+ + To-) 


- Thus the new method of deducing the finite-difference equations 
has brought out the unique property of M = 7; namely, that it 
- can accommodate space discontinuities in the temperature and its 
_ derivatives, if these discontinuities occur at a central grid point. 

Although the interpretation of 7) according to Equation [18] 
makes Equation [15] for M = 7 highly accurate when a tempera- 
ture jump occurs at the central grid point, there remains the 
problem of how to weight the temperatures at station 1, say, if a 
_ temperature jump occurs there, instead. As before, let the tem- 
perature profiles to the right and left of station 1 be quadratic, 
though different. Then C,(0, t) immediately can be written as 


1 2 2 
t) 3 ( 1 
On the other hand, C,(0, t) requires special treatment. 
Let f*(z’) be the smooth, or analytic, continuation into the 


region z’ > Az of the actual temperature profile existing in the 
region 2’ < Az. Then C;,(0, ¢) can be written as 


+f f*(2')e de’ 
Ar 


') — f(z’ Tet ay’ 


Sat 1 


a The third integral might be integrated by parts, as on earlier 
occasions, to yield a series. However, since such a procedure 
. would complicate any formula by introducing temperatures be- 


yond 7',*, it is not followed. Instead, the functional difference 
f(z’) — f*(z’) is treated as stationary compared with the fast — 
attenuating exponential, and the last integral is approximated by _ 
the following expression 


— 7,-) erfe = 0.1053(7,+ — 7,7)... [21) 
2 2 


Combination of the foregoing results gives the complete expres- _ 
sion for Ci; i.e. 


+ 0.1053( 7, * _ 


Since 0.10539 = 0.331 = '/;, the sum of C, + C, can be written a 
with high accuracy as i 


Comparison of Equation [23] with Equation [15] shows that the 
standard form of Equation [15] can be retained if, when pre- 

dicting 7(0, At) with a temperature jump at station 1(z = Az), 

the “inside” temperature at the jump is weighted twice as heavily a 
as the “outside” temperature. Or, in other words, 7;in Equation = 
[15] is to be interpreted as m 


Put alternatively, the following extended form of Equation [15] 
yields excellent accuracy when M = x and when the temperature | 
profile can be represented by second-degree curves in the intervals _ 


a<—Az; —Ar<2<0; 0<2< Az; Az 
Thus res 
+ 2T..* 


1 
T(0, At) = + To~) + [ 3 


+ 


To illustrate the practical use of the foregoing rules, let us 
consider the following example: ‘A semi-infinite slab (x > 0) at 
a temperature of 100 F is suddenly brought into perfect thermal 
contact with a second semi-infinite slab (z < 0) at a temperature of 
—100 F. The temperature distribution for all time for z > 0 is 
desired.” 


NUMERICAL RESULTS WHEN M = + 

100 

100 


TABLE 1 
—Az 0 242 

0 | —100 100 
At 0 


Sat 0 


100 
(98.8) 
93.3 100 
(92.3) 
85.0 97.9 
(85.2) (97.0) 
The example is solved‘ for M = 2, 3, and 4. Table 1 of this 
paper shows the numerical results obtained when M = x, For 
the chosen mathematical model, exact values are shown in paren- 
theses. At no tabulated point does the absolute error of the finite- 
difference method exceed 3.2 per cent. 
It is interesting to note that the temperature at x = 0 is, for : 
See footnote 2, p. 121 


> 4 
1 
_ a The first two integrals in this last equation can be summed for , 
 M =rtogive 


& 


the purposes of computing future temperatures at the same point, 
taken as zero right from the start. However, for purposes of com- 
puting future temperatures at station 1, the initial temperature 
at z = O is, by Equation [24], to be taken as 


2 X 100 + (—100) T) 
i 


= 33.3 deg 


The major source of improvement of the present computational 
accuracy over the cited examples* lies in the treatment of tempera- 
tures at a point of discontinuity. 

If automatic computing machinery is to be used for the finite- 
difference computations, the selection of M = m should introduce 
negligible inconvenience. However, for hand computation the 
use of M = 3, a value quite close to 7, would appear to be 
preferable because of the simpler arithmetical manipulations re- 
quired. The rules given by Equations [18] and [24] should be 
retained. In the foregoing example, use of M = 3 with these 
rules increases the maximum error by only 0.3 per cent. 


ForMULAS FOR NEIGHBORHOOD OF A CONVECTIVE 


HeEat-TRANSFER SURFACE sal 


The formulas obtained in the previous section are valid for the 
infinite medium, or for finite regions which can be mimicked by 
an infinite medium through the use of superposition of symmetric 
and antisymmetric temperature distributions. In the general case 
of heat convection from a surface, however, the heat-transfer co- 
efficient is usually neither so small that heat transfer can be 
neglected, nor so large that perfect thermal contact can be as- 
sumed. This general case does not, unfortunately, lend itself 
readily to the superposition technique, and special formulas are 
required. Suitable formulas of high accuracy will be given in this 
section. Their detailed derivation is given in the Appendix, and, 
because no new principles are involved, it will suffice here to 
summarize and illustrate the results. 

The short-term behavior of all slabs of finite thickness is, with 
respect to changes at their surfaces, like that of correspond- 
ing semi-infinite slabs. Accordingly, the results obtained for the 
semi-infinite slab whose surface is exposed to convective heat 
transfer, also can be used for the finite slab, so long as At for the 
time interval of computation is not too large. Consider, there- 
fore, a semi-infinite solid medium having uniform, constant prop- 
erties. Within the solid the temperatures must obey Fourier’s 
equation (Equation [1]). At the surface of the solid, cooling 
takes place according to Newton’s “law’’ of cooling; i.e. 


h(T, T.) =k (2 


Now let the temperature within the solid at t = 0 be ex- 
pressible as a second-degree polynomial in z for all z beyond the 
surface. Further, let the ambient temperature between t = +0 
and ¢ = At — 0 bea linear function of time. Then because of the 
linearity of the governing differential equation and its boundary 
conditions, the temperatures 7(0, At) and 7T(Az, At) can be 


Da 


3332 


33 


TABLE 2 BOUNDARY INFLUENCE COEFFICIENTS FOR M = 2 
T(O, At)= AoTe* + BoT; + CoTs + DoTa(+0) + BoTa(At — 0) 
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linearly expressed in terms of 71, T,(+0), and T,(At — 
0). The weighting factors for the various temperatures are 
arrived at in a manner similar to that used for the case of the in- 
finite medium. The results are 


T(O, At) = AeTo* + BoT; + 
+ DoTo(+0) + EoT (At — 0). . [26] 


T(Az, At) -= + CiT: 
+ D,Ta(+0) + (At — 0). . [27] 


The coefficients defined by Equations [26] and [27] are given by 
the following formulas 
3 1 - 
A, = —NP,* — = P,* — 
2 M 
j = 0,1..[28) 


2 
= 2F,* — + + j = 0, 1.. [29] 


ewe 


M 
= NF,* — NMF,* 

= NMF;* 


- + j=0,1.. 


j=0,1.. 
j =0,1..| 
In these equations N is a Nusselt number defined by 

N = h(Az)/k 


The various F’s are dependent on the choice of j, and are to be 
calculated by the following relations 


-jiM 


qed 


erfe.£) 


1 N 


2 


1 


= 


The coefficients in Equations [26] and [27] are functions of 
M, N, and the position parameter 7. Their calculation involves 
a fair amount of numerical work. However, for specific and 
widely used values of M, tables of these coefficients can be pre- 
pared for universal use. One such table, for M = 2, is given in 
the next section (Table 2). It occupies little space, yet is suitable 


2 


8 


Be 
Bs 


= Ty 
30] 
31) 
32] 
| | 
L 
N | 
et 
1 1074 0.1507 0.4246 0.1666 15 
0.8452 1256 0.1802 0.4248 0.1491 ) 
0.7025 1443 0.2074 0.4243 0.1286 9 
: 0.5738 1624 0.2315 0.4234 0.1077 7 
0.4592 1792 0.2527 0.4222 0.0877 
0.3579 1944 0.2710 0.4212 0.0692 
0.2684 2081 0.2869 0.4201 0.0524 
0.1892 2204 0.3008 0.4191 0.0372 
ae =< 0.1189 2314 0.3130 0.4182 0.0235 
oo 0.0563 2414 0.3234 0.4176 0.0114 
2, 0 2500 0.3333 0.4167 0 
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for linear interpolation over the entire range of possible values of 
- the heat-transfer coefficient. When such a table is available, use 
ad of the new coefficients is quite straightforward. Questions of 
stability do not arise, and discontinuities of temperature in both 
space and time at the surface are handled automatically. 
For grid points more than distance Az from the surface, the 
standard finite-difference formula appropriate to the chosen M 
oo be used (see Equation [15]). At a sacrifice of accuracy, 
this formula also can be used to compute the temperature his- 
tory atz = Az. 


Speciat CasE or M = 2 
To illustrate the capabilities of the new finite-difference formu- 
las, a table for M = 2 will now be given, and used to solve typical 
problems. Table 2 gives the needed coefficients. Equations [26] 
and [27] are repeated, making use of the table nearly self-explana- 
tory. The argument to be used in entering the table is 1/(N + 1), 
which is the ratio of the surface resistance to the sum of the sur- 
face resistance plus the resistance of a slab of thickness Az. A 
simple check which all such tables must satisfy is that the sum of 
the coefficients for any given N must be unity. That this state- 
: ~ - ment must be true can be seen from the fact that if all tempera- 


2Az 
1000 
1000 


0 az 
1000 1000 


699.2 932.4 
(699.2) 


3Az 
1000 
1000 


442 
1000 
1000 
847.1 966.2 


923 .6 


1000 1000 


613.8 
(615.7) 


789.2 983.1 1000 


558.9 
(562.6) 


742.3 886.2 961.8 991.6 


520.4 
(523 . 2) 
704.4 852.0 


938.9 980.9 


490.1 
(492.6) 


916.4 967.4 


465.3 672.2 821.7 
(467 . 2) (674.7) (822.9) 
. “tures within the solid are the same as the constant ambient tem- 
perature, the temperatures at z = 0 and z = Az must be the same 
: at the end of time At as at the beginning. When the ambient 
_ temperature is constant, very often it can be used as the 
- datum temperature (i.e., taken as zero), and in this event the 
coefficients D,; and E£; do not enter the computation. 
_ Consider the following problem to illustrate the use of the fore- 
going table: “A semi-infinite medium of uniform, constant proper- 
ties is everywhere at a temperature of 1000 F at time zero. At 
this time convective cooling commences at its exposed surface to 
an ambient temperature of 0 F. The thermal properties of the 
medium are known, as well as the value of the surface heat-trans- 
_ fer coefficient. Find the temperature history within the slab.”’ 
This problem is solved by the new technique by selecting first 
a size of space interval suitable for sampling the temperature dis- 
tribution in the regions of interest. The time interval must then 
be chosen so that M = 2. Also, from the space-interval selection, 
ae _ the surface Nusselt number N can be calculated. This last 
> parameter determines the coefficients which are read from Table 2. 
* In the present case, suppose NV = 1/2. Table 3 gives computed 
results for six time intervals. Certain exact results are given in 
parentheses to provide a gage of the computational accuracy. 
At no point of comparison does the error of finite-difference proc- 
ess exceed 0.7 per cent. 

To assess the worth of the present adaptation of the method 
is 5. _ of finite differences, one must compare it with alternatives. For 
example, as shown elsewhere,* a heat balance at the surface, made 

on the assumption of constant-temperature gradients throughout 
ne time interval, gives coefficients equivalent in application to 
2 os the present Ap, Bo, and Do. The formula is as follows 


~ 


TABLE 3 RESULTS FOR SIX TIME INTERVALS 


= T T. N+1 ] To. . [39 
T(0, At) = :+ + 1) | To. . [39] 
It is to be used in conjunction with Equation [15] for all interior 
points. Dusinberre* shows that stability in the numerical calcu- 
lations requires that M be greater than 2(N + 1) in Equation 
[39], and greater than two in Equation [15]. (Thus M = 2 used 
in the foregoing example is at the limit of stability of Equation 
[15] and beyond the limit of stability of Equation [39]). When 
N = '1/,,M = 4 meets the foregoing stability criteria, and this 
value of the modulus was used with Equations [15] and [39] to 
solve the example problem. Retention of the same space interval 
meant the use of twice as many time intervals to achieve the same 
real time; that is, twice as many computation points were re- 
quired. The error in this alternative calculation was almost 
uniformly twice as great as in the calculation tabulated in 
Table 3. 

To illustrate further the use of the table of coefficients, two | 
other problems will be solved for the first few time intervals. As 
a first illustration, suppose that the heat-transfer coefficients in 
the problem just solved were essentially infinite. Then the solu- 
tion of the problem would start as shown in Table 4. 


TABLE 4 


+0 Az 
1000 1000 
0 683 
0 528 


TABLE 5 
+0 Az 
100 200 
180 217 
214 242 


995.8 1000 


990.5 997.9 


As a second example, consider a semi-infinite slab having uni- 
form thermal properties. Let the exposed surface be insulated, 


and let the temperature vary linearly with distance from the ex- 
posed surface. The calculations begin as in Table 5. 
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Appendix 


In this Appendix detailed derivations are given for the functions 
and formulas useful in calculating heat conduction in a solid near 
a convective heat-transfer surface. 


PROPERTIES OF Functions F,,(z, t, 30) AND G,(2) 


The Iterated Error Functions. The iterated error functions are 
defined by Equations [7] and [8]. They are tabulated elsewhere.* 
From Equation [7] differentiation gives 


i* erfe (x) = —i"~! erfe (z) 


This last relation can be used to give meaning to iterated functions 
with indexes less than minus one (—1). Thus 


e~=* 


The recursion equation satisfied by these functions is* 


erfe (z) = 


0 1000 1000 2Az 3Az 
1000 1000 1000 «1000 
Bat 1001000 
4At 1000 1000 Ts Sas 
300 
| 
7 
Reference, footnote 2, p. 129. ANION) 2n i* erfc (x) = i*~? erfe (z) — 2z i*—! erfe (x). . . [42] 
= 


Equations [7] and [8] can be used to establish the validity of 
Equation [42] for all n. 

Definition of F(z, t,X).* The functions F,, are defined by the 
recursion equation 


be 


with 


+ [44] 


Fo =e erfe Ez 


Since both Fs and all the 


[2+/(xt)]* i* erfc Ee 


satisfy the heat-conduction equation, it follows that 


daz? K 


Bi, 


Now suppose that, for a moment 


then 


z 


Therefore 
: oF, 


oz 
Thus Equation [49] is true if Equation [46] is true. But likewise, 


if Equation [49] is true, Equation [46] can be proved to be true. 
Finally, Equation [46] can be directly verified forn = 0. Hence, 
by induction, Equation [46] is true in general. 

Also, through the use of Equations [45] and [46], a second use- 
ful relation can be found. Thus 


Recursion Formula for the G Functions. A second type of func- 
tion appears in the heat-conduction formulas to be developed. It 
is defined by 


G,(z) = i* erfe (x) + erfe (—z) 
A complementary set of functions is defined by 
H,(z) = erfe (x) — i* erfc (—z) 


The recursion equation for the iterated error functions easily 
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[54] 
and 
dy 


When values of H, from Equation [54] are substituted into 
Equation [55], the following recursion equation is obtained for 
the G,,. Thus 
1 


2n(n + 1) (56] 


Gn+1 = 


The first few functions are given as 


G_2=0 G, = 2 G, = 2x + 2i erfe (x) 


4 2 1 


Response Near Surrace To VARIABLE 
AMBIENT TEMPERATURE 


Analytical Solution. The following problem is solved else- 
where®: ‘‘The region z > 0. Initial temperature f(z). Radiation 
(Newtonian cooling) at the surface into medium at ¢(t).’”’ 


: T-i,+h+1; 
I, = «t 4xt 
1 € +e f(x" dz’. . [58] 


I, = —K So erfe 
iy 


z+2’ 
+ | )dz 


and 
7 


ne fe 


erfc l maz + [x(t — (r)dr.. . [60] 


Each of the foregoing three integrals will now be expressed in 
terms of the functions F, and G,,. 

Evaluation of I,. The first of these integrals is handled in pre- 
cisely the same manner as was used to evaluate 7(0, ¢) in Equa- 
tions [3] to [9]. The result is 


1) +he 


r=n 


1 
I “92 (xt), al 


z’—2z 
erfe ——— 


2V/(«t) 
z’+2 

2/ (xt) 


The second integral can be rewritten as “i 


1 
fi 
+ i erfe 


Evaluation of Is. 
le = Foz + 2’, t, 

Reference, footnote 3, p. 297. 


rg 
Fa+i1 = XH [2-V/ (xt)]* erfe (xt) 
7 
: 
oF 
7 
= — — = = — 
= — tds 
: K ot 
au 
2) 
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= H[—f(0)Fi(z, t, — ete... [64] 
aT 
* r=n 

r=0 
[65] 


The third integral also can be expressed simply 
Thus 


Evaluation of Ih. 
in terms of the F-functions. 


a iS Or, with the use of Equation [51], one obtains 


= HF t, — aft 
0 


t 
= + + f Fig"(r)dr ... 


_ The general result is 
< 


« 


DETERMINATION OF THE TEMPERATURE Co-EFrFICIENTS 


The final result for T(z, t) is, exclusive of error terms 


F,41(z, t, H) + KH 


The derivatives appearing in Equation [72] can be expressed in 

mas terms of finite differences.’ If, at time zero, the space distribution 

of temperature can be expressed by a second-degree polynomial in 

_ , and the ambient temperature as a linear function of t, the 
oa) following expressions apply to the various derivatives 


= Tot 
(47, — — 
(To+ — 27; + Ax)-* 
$0) = T.(+0) 

$40) = {T,(At — 0) — 


= 
= 


These expressions are used in this paper, although the result con- 
tained in Equation [72] applies to polynomials of arbitrarily high 
degree. 

When the finite-difference Expressions [73-77] are substituted 

a into Equation [72], the coefficients of the various equally spaced 

maa _ temperatures can be assembled. For the case where t = Ai and 

wy a = j(Az) these coefficients are given in Equations [28-32] of the 
‘hy 


7“Numerical Calculus,”” by W. E. Milne, Princeton University 
Press, Princeton, N. J., 1949. 
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text. In presenting these coefficients, it is convenient to use the 
dimensionless sequence of functions defined by 


= F,/(Az)* 


Discussion 


G. M. Dusinserre.* The author’s analysis is to be com- 
pared on the one hand with suggested techniques which require 
the use of complicated formulas at all points in the system, and on 
the other hand with proposals which offer only a minor improve- 
ment for considerable extra work. In removing an awkward re- 


striction at the boundary points which are usually in a minority, — 
and this at a negligible cost in complication, the present paper isa _ 
~ valuable contribution to the calculation of the large systems which 


are of real practical importance. 
A useful addition to the paper would be tables of coefficients for 
moduli 4 and 6, for two and three-dimensional systems. 


C. M. Fow.er.*® 
the field of numerical analysis. 
difficulty he has surmounted, that of rapidly changing tempera- 
tures near a boundary. 
he has employed is capable of extension to other linear systems 
—vibrations resulting from sudden loading, for example. 

It occurred to this reviewer that the author’s boundary treat- 
ment might also be applied with advantage to nonlinear heat con- 
duction. There is no rigorous justification for such an extension, 
of course, since the superposition principle is not valid for such 
systems. Nevertheless, as the following example shows, real gains 
are obtained using his boundary treatment instead of the con- 
ventional treatment, even though the system is nonlinear. 

In this example, some boundary temperatures are calculated 
using both the author’s and the more conventional treatment of 
the boundary. 
[39] in his paper. 
ferential-equation solution. 

After a few attempts, a simple solution to the nonlinear con- 
duction equation was found in which the thermal conductivity 
varied inversely as the square root of the temperature. 

With the short nomenclature table below, it is easily verified 
that the conduction equation reduces to Equation [79], and that 
a simple solution is given by Equation [80]. / ras 


Nomenclature 
aT thermal conductivity 
const, heat capacity 
const, density 
2a/cp, constant 
heat-transfer coefficient 
ambient temperature 
arbitrary integration constants 


The author has made a useful contribution to 


T(x, t) = 9a%(t + d)*/(x + 


Upon differentiating Equation [80], it is found that the _ 


Further, it seems likely that the approach _ 


Many of us are familiar with the _ 


The author numbers these formulas [26] and © 
The calculations are then compared to the dif- 


boundary condition for simple convective cooling (Elrod’s Equa- — 


tion [25]) is satisfied, provided the heat-transfer coefficient varies 


directly with k(7’), and that the ambient temperature is given by — 


T(t) = 9a%t + + 4k/bh)/b* 


* Professor of Mechanical Engineering, The Pennsylvania State 


University, University Park, Pa. Fellow ASME. 
* Physics Department, Kansas State College, Manhattan, Kans. 
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Numerical values selected for this study were: a = 1.6, H = 
3.2,C =0.1,p = 8,b =1,d =1. The differential equation solu- 
tion is then given by Equation [82] while initial and boundary 
conditions are given by [83] and [84]. These last two equations 
furnish the data for the numerical computations 


T(z, t) = 144(¢ + 1)?/(x + 1)* 
T(z, 0) = 144/(z + 1)* 


(=) — 74); Ty = 432 (t +1)... 
/o 


In both numerical treatments of the boundary, Az was taken 
as 0.2, and thermal conductivities were evaluated at the average 
temperature between z = 0 and z = 0.2. Nusselt numbers were 
calculated with these conductivities, but with heat-transfer co- 
efficients evaluated at z = 0. A time interval At = 0.05 was 
chosen for the conventional treatment, thus fixing the modulus, 
which incidentally satisfied Dusinberre’s stability criteria. In 
Elrod’s treatment, the modulus M was set at 2.00, to take ad- 
vantage of his Table 2. This choice established the time intervals. 
The quantities Ay to Z» necessary in applying Elrod’s method 
were obtained by interpolation with the appropriate Nusselt num- 
ber from this table. 

The results of all these calculations are presented in the follow- 
ing table: 

0.05 


Ta/z 
432.0 
476.3 


174.2 
(170.0)C 
175.3 


0.10 
= 


wat: 


522.7 
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The single calculation using Elrod’s method yielded a tempera- 
ture of 177.4 deg at a time of 0.103. This compares favorably 
with the analytical value of 175.3 deg. 

Three iterations, including one interior calculation, were neces- 
sary to obtain the temperature by conventional methods at ap- 
proximately the same time. Thus at a time of 0.100, a tempera- 
ture of 170.0 deg was obtained. This is to be compared with the 
analytical value of 174.2 deg. 

The problem analyzed is admittedly rather ridiculous, a situa- 
tion brought about by the necessity of having an analytical solu- 
tion for comparison, but it does offer a rather severe test. The 
ambient temperatures selected furnish relatively large discon- 
tinuities at the boundary. Further, the thermal conductivity 
varies quite markedly from the boundary to the first interior 
point. Finally, the solution, which diverges to infinity with time, 
changes rapidly at the boundary. The author’s treatment still 
appears to yield usable results. 


AutTnHor’s CLOSURE 


The author appreciates the comments of Professor Dusinberre 
and the ingenious illustration of a nonlinear application furnished 
by Professor Fowler. He would like to add here in closure a 
formula to which Equation [26] reduces when the internal tem- 
peraturé distribution is linear and the ambient temperature is 


constant 
T(0, At) = NFAT, + (1 -(N+ + 
where oT 
1 N 

= W (: erfe Fu) 


Although somewhat less accurate than Equation [26], it can be 
readily used where tables are not available. The formula is 
stable for all N when M > 2 and is a suitable substitute for 
[39]. 
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Design of Supersonic Expansion Nozzles and 
-: Calculation of Isentropic Exponent for 


Chemically Reacting Gases 


By R. EDSE,! COLUMBUS, OHIO 


For the calculation of sonic velocities or changes in 


or polytropic exponent of the gas or gas mixture must be 
_ known. So far it has been needed also for designing super- 
sonic expansion nozzles. However, it is shown in this 
_ paper that more accurate designs of such nozzles can be 
: "obtained without the use of the isentropic or polytropic 
7 Bethe As long as no chemical reaction occurs in the 


gas, the isentropic exponent is equal to the ratio of the 
specific heat at constant pressure to that at constant 

: _ volume. However, in jet engines or in hypersonic wind 
tunnels using very high stagnation temperatures, the 
isentropic exponent is no longer identical to the ratio of the 
specific heats because of the energy released or absorbed 
by the chemical reactions. Methods are presented for 
_ ealculating differential and integral values of the isen- 
tropic exponents in gases without and with consideration 

_ of chemical reactions. A numerical evaluation of the 
method is given for dissociating hydrogen. The results 
_ of this investigation indicate that the isentropic exponent 
of a chemically reacting gas mixture differs greatly from 
the ratio of the specific heats. It is also shown that ac- 
curate designs of supersonic expansion nozzles for chemi- 


+ NOMENCLATURE 
The foliowing nomenclature is used inthe paper: 


area, sq cm 

normal specific heat of unit mass of a gas or 
gas mixture, cal/(gram deg K) 

effective specific heat of unit mass of a gas 
mixture (thermal effects of reactions in- 
cluded), cal/(gram deg K) 

normal specific heat of one mole of a gas or gas 
mixture, cal/(mole deg K) 

effective specific heat of one mole of a gas mix- 
ture (thermal effects of reactions included), 
cal/(mole deg K) 

absolute internal energy of unit mass of a gas 
or gas mixture, cal/gram 

absolute internal energy of one mole of a gas 
or gas mixture, cal/mole 

zero point energy of one mole of a single gas, 
cal/mole 


1 Associate Professor, Department of Aeronautical Engineering, 
and Research Supervisor, The Ohio State University. 

Contributed by the Heat Transfer Division and presented at the 
Annual Meeting, New York, N. Y., November 25-30, 1956, of Taz 
American Society oF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, Au- 
gust 9, 1956. Paper No. 56—A-106. 
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pressure, volume, or temperature in gases, the isentropic | 


H 


Hr 


absolute enthalpy of unit mass of a gas or gas 
mixture, cal/gram 

effective absolute enthalpy of unit mass of a 
gas mixture (thermal effect of reactions in- 
cluded), cal/gram 

absolute enthalpy of one mole of a gas or gas 
mixture, cal/mole 

effective absolute enthalpy of one mole of a 
gas mixture (thermal effect of reactions in- 
cluded), cal/mole 

heat of formation of one mole of substance ¢ 
at temperature T from elements at standard 
temperature 7', = 298.16 deg K, cal/mole 

enthalpy of one mole of a single gas above zero 
point energy, cal/mole 


reduced enthalpy of one mole of a single gas, 
cal/(mole deg K) 
constant of chemical equilibrium between 


atomic and molecular hydrogen; po and 
Pu, are partial pressures of atomic and mo- 
lecular hydrogen, respectively, atm'/* 

molecular weight of gas or gas mixture which is 
equal to mass of one mole of the gas or gas 
mixture where one mole represents amount 
of substance containing Sia = 6.0235 
particles (atoms and/or molecules), gram/ 
mole 


= mass flow rate of gas or gas mixture, gram/sec 


= 
m 


= 


ae 


Avogadro number, 1/mole 
mole number of ith constituent of reacting gas 
mixture based on one gram of unreacted gas, 
mole/gram 
number of moles of one gram undissociated 
hydrogen, mole/gram Ys jexper 
static gas pressure, atm bears 
total or stagnation pressure, atm 
infinitesimal amount of heat, cal 
universal gas constant; ® = 8314 x 10‘ 
2 
(=) ; = 1.986 cal/(mole 
mole deg K 


sec 
deg K) 


gas constant of unit mass of gas or gas mixture, 


(1/deg K)(cm/sec)* or cal/(gram deg K) 

absolute entropy of unit mass of gas or gas 
mixture, cal/(gram deg K) 

absolute entropy of unit mass of single gas at 
one atmosphere (= standard entropy), cal/ 
(gram deg K) 

absolute entropy of one mole of a single gas at 
one atm, cal/(mole deg K) 


{> 
i 
= 
= 
xr 
AXroru"? 
KH — & i 
Pa 
Ka = —— 
ca ses requ detailec ‘ 
analysis of the syste — 
|_| Sa 
Yeo & 
= 


f 


absolute temperature, deg K (deg Kelvin) 
stagnation temperature, deg K 
v = volume of unit mass of gas or gas mixture (= 
specific volume), cm*/gram 
volume of one mole of gas or gas mixture, U = 
v em*/mole 
linear gas velocity, cm/sec 
degree of dissociation 
ratio of specific heats of a gas or gas mixture 
(differential isentropic exponent of a non- 
reacting gas or gas mixture) 
integral isentropic exponent of a nonreacting 
gas or gas mixture 
differential isentropic exponent of a gas mix- 
ture (thermal effect of reactions included) 
integral isentropic exponent of a gas mixture 
(thermal effect of reactions included) 
density of gas or gas mixture, gram/cm* 


p = 
Superscripts and Subscripts 


@ +~eondition after isentropic change or after chem- 
; ical reaction 
condition before isentropic change or before 
chemical reaction 
constituent of gas mixture 
property refers to reacting gas mixture 
stagnation condition 


> & 
4, 
INTRODUCTION 

Usually, adiabatic, reversible (that is, isentropic) changes in 

gases are represented by the equation 


pv’ = const or hea) = const 


However, these equations can be applied only to processes for 
which the specific heats remain constant in the temperature in- 
terval under consideration. These values of yy are referred to as 
the differentia] values of the isentropic exponents, This differ- 
ential character of + follows directly from the derivation of Equa- 
tion [1] from the first law of thermodynamics 


6q = dE + pdv = dH — vdp 
which leads to 


for an isentropic process when dH is replaced by c,dT in accord- 
ance with the definition of the specific heat. Now, a simple in- 
tegral of Equation [2b] exists only when the specific heat is as- 
sumed to be constant and when the gas behaves like a perfect 
gas. Whereas the former assumption is quite frequently incor- 
rect, the second assumption is justified in view of the fact that, in 
the present discussion, gases at rather high temperatures but only 
under moderate pressures are considered. 

For chemically reacting gases Equation [2b] has to be modified 
since dH is always larger than c,dT as a result of the energy re- 
leased or absorbed by the chemical reactions occurring during an 
isentropic process. 


IsenTROPIC ExpoNENTS FoR Gas Mixtures oF CONSTANT 
Composition But Wirth TEMPERATURE-DEPENDENT SPECIFIC 
HEatTs 


For temperature intervals in which the specific heat varies, an 
integral value of the ratio of the specific heats has to be used in 
Equation [1]. Integral values of y can be calculated with a fair 
amount of accuracy by three different methods, provided the rela- 
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INTEGRAL ISENTROPIC EXPONENT, 7 ag 


1 Isenrroric Repucep EnTHALPY CHANGE AS A FUNCTION 
or InrecraL Isentropic EXPONENT AND Pressure Ratio 


Fie. 


tionship between temperature and pressure has been established 
from entropy-temperature diagrams, Fig. 2, or tables. For an 
isentropic process of a single gas 


87g = 87,7" — Rinp, = sy = — Rin H... . [3] 


Thus the temperature resulting from an isentropic expansion (or 
compression ) can be found from a table by locating the tempera- 
ture at which the standard entropy has the value 

Po 


= 87,7"! — Rin —. 


df ixt 
and for a gas mixture — 


» Sire? = — » n,; In 


According to the first method, integral values of y can be ob- 
tained by using the average specific heats between the tempera- 
tures of the initial and final states of the process 

A, H, 

T, — T. 


ang 2 to sto 


The second method is based on an evaluation of Equation [1] 


—R 


Pada” 
The integral value of y between states a and b becomes 
log Pe 


Finally, in a third method, an integral value of 7 can be derived 
from Equation [2a]. For an isentropic process dH = vdp and 
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so that where c,” (or C,’) represents the effective specific heat of the gas 
including the contributions of the chemical reactions. 
Since the molecular weight of a chemically reacting gas mixture 
depends on pressure and temperature, there is no simple rela- 
u Upon integration between the initial and final pressures the fol- tionship between c,” and C,’. This can be seen readily by com- 
a lowing expression is obtained paring the two definitions for the effective specific heats 


— ( oH" ) 
RT 
‘This expression has has be solved graphically, Fig. 1. The en- : 
 thalpy change, H, — H,, is obtained graphically from an enthalpy- K(p,T) = M(p,T)H(p,T) 
temperature diagram together with an entropy-temperature 
_ diagram, Fig. 2.* For an isentropic expansion of hydrogen 
a from an initial pressure of 20 atm at 2000 K to a final pressure of 
1 atm, the following integral values of y are obtained pena 


Y = 1.350 from average specific heats ult 
Y = 1.355 from Equation [6] ehayces) 
Y = 1.347 from Equation [8], Figs. 1 and 2 


_ The temperature of the expanded gas is 913 K as derived from 
an extension to Fig. 2. At 2000 K the dif- 
ferential exponent for hydrogen is y = 1.321, ae 
while at 913 K it amounts to y = 1.385. It 90) ame 
should be noted that the calculated integral 
exponent applies only to the given initial and ws ; 
final state, and, in general, this value may not 

_ be sufficiently accurate for points beyond or 

even between these limits. 
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Porytroprc Processes in Gases WuHIcH 
CuemicaL CHANGES OccuR 


If the temperature of the gas or the gas 
= is high enough to lead to chemical 
_ reactions, the number of particles of a given 

: _ of gas and thus also the molecular 
weight of the gas vary during a polytropic 

_ process. The chemical reactions accompany- 
ing the process release or require heat which 
increases or reduces the enthalpy of the gas 
given by the random motion of the particles 
only. It is assumed that the gas mixture 
under consideration is always in a state of 
perfect thermodynamic and chemical equilib- 
rium. When the temperature of such a 
gas mixture is increased while the pressure is 
kept constant, a certain amount of dissocia- 
tion occurs which absorbs heat. As a result 
of these reactions the heat needed to raise the 
temperature of the mixture by d7' at con- 
stant pressure is somewhat larger than c,dT. 
Therefore the enthalpy change in this case 
has to be written in the form 


ABSOLUTE ENTROPY, s (CAL GRAM '*K"') 


2 “Calculation of the iets Impulse of 
Rocket Propellants,’’ by R. Edse, United States 
Air Force Technical Report No. F-TR-1164-ND 
United States Air Force Air Materiel Command, mei per 
Wright-Patterson Air Force Base, Dayton, Ohio, a ; aa 
May, 1948. 16 . 
“Thermodynamic Calculations of the Perform- 
ance of the Hydrogen-Fluorine System, ” by ABSOLUTE TEMPERATURE , T (°K) 
R. Edse and W. L. Doyle, W ADC Technical Fig. 2 ENTHALPY-TEMPERATURE AND EntrRopy-TeMPERATURE DiaGRaM FoR Disso- 
Report 53-427, October, 1953. ciaTine HypRrocEen 
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In practical applications usually a given quantity of gas is con- 
sidered. Therefore the effective specific heat per unit mass of 
the gas mixture as defined by Equation [9] must be used. Sub- 
stitution of Equation [9] into Equation [2a] leadsto = 

In general this equation is not integrable because c,” and SN de- 
pend on temperature and pressure. When it is assumed that for 
small changes of 7 and p the effective specific heat and the 
molecular weight of the reacting gas mixture remain constant, 

integration is possible and the following equation is obtained 


Cpr 


= pU” = const 


The exponent c,’/(c,” — R) = y’ in this equation corresponds to 
the ratio of the specific heats y, of a nonreacting gas. Since 
cy” is always larger than c,, ‘y’ is always smaller than y. If 1 
mole instead of unit mass of the gas mixture is considered, the 


following equation is obtained 


Cpr 

the previous discussion of the relationship between c,’ 
and it follows immediately that +’. 

For very rapid polytropic changes as they occur, for instance, 
in the propagation of sound, in detonation or shock waves, and 
in rocket-engine exhaust jets, it is not certain whether y’ or y 
or some intermediate value should be used since the reaction 
rates may be too slow to establish chemical equilibrium in the gas 
mixture. Because of possible lags in the adjustment of the inter- 
nal energy distributions in the molecules, it is even possible that 
the effective isentropic exponent may become larger than , the 
ratio of the specific heats. However, these effects are deter- 
mined by rate phenomena and, therefore, they cannot be derived 
from the laws of thermodynamics. 

In order to obtain numerical values of y’ the effective specific 
heat and the molecular weight (or the gas constant) of the chemi- 
cally reacting gas mixture have to be determined. While analyti- 
cal methods’ are available for calculating the enthalpy and the 
molecular weight of any reacting gas mixture for various pres- 
sures and temperatures, it is practical to establish explicit func- 
tions between enthalpy (and molecular weight) and temperature 
only for systems in which just one reaction occurs. 

For most of the more complex systems it is impossible to es- 
tablish an analytical expression between enthalpy and tempera- 
ture, because the equations for the mole numbers of the constit- 
uents of the gas mixture lead to polynomials of higher than the 
fourth degree for which no general solution exists. Therefore 
the effective specific heat of these systems must be derived from 
temperature-enthalpy curves either by graphical determination 
of the slopes or by the method of curve fitting. While the 
graphical solution is very simple, its results depend greatly on the 
accuracy of the curve. More reliable results can be produced 


* “Equilibrium Composition of Dissociating Combustion Gases 
and Combustion Temperatures,’’ by R. Edse, Progress Report No. 
IRE-47, Wright-Patterson Air Force Base, Dayton, Ohio, March, 
1946. 

“Thermodynamic Calculation of Detonation Velocities in Gases,” 
by R. Edse, WADC-TR-54-416, August, 1954. 
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by the method of curve fitting. According to this principle an 
empirical function (polynomial in most cases) is set up which 
satisfies the calculated enthalpies at the various temperatures. 
Then the derivative of this function with respect to tempera- 
ture represents the effective specific heat of the system. 

Integral values of the polytropic exponent of a chemically re- 
acting gas mixture can be calculated according to the second or 
third method outlined in the next section. However, Equation 
[6] has to be replaced by the following expression 


pogotte Yo log — log — 
P. 


since the molecular weight changes during the process. For 
the case that one mole of the gas is considered the integral isen- 

tropic exponent is obtained from Equation [11b] as 


Potytrropic Processgs DissociaTiInc HypRoGEN Gas 


The method of computing differential polytropic exponents for 
chemically reacting gases is illustrated for hydrogen. The 
analytical procedure applies to all systems in which only one 
chemical reaction occurs while the graphical solution can be used 
for al] systems. 

At elevated temperature hydrogen is composed of molecules 
and atoms. The mole number of atomic hydrogen under equilib- 
rium — is 


4 
1+ 2°) 


na’ = 2anm: = ( 


and that of the molecular hydrogen amounts to deaie-eghiaiane 


Ap 
(1 


where a represents the degree of dissociation. In more complex 
systems simultaneous equilibria occur and the expressions for the 
mole numbers of the various components of the gas mixture be- 
come rather complicated functions of the various equilibrium 
constants. 

The enthalpy of the gas mixture has to be based on the en- 
thalpy of the gas at an arbitrarily chosen temperature 7’, as a 
reference point since absolute enthalpy values are not available. 
Measurements or theoretical calculations yield only enthalpy 
differences based on some reference value. For one gram of a 
gas mixture containing molecules and atoms of hydrogen the 
enthalpy increase from the reference value to that at the temper- 
ature 7’ is 


(Hy’ — H,,) = nui’ AXronu®®? + 
— 


[13a] 


ny” = (1 — = nee 


The heats of formation of molecular and atomic hydrogen are de- 
fined by the following equations 


= (3 — — (5 — Eo) [15] 
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where 
represents the heat of dissociation of '/; mole of molecular hydro- 
gen into atoms at the absolute zero temperature. The tempera- 
ture 7’, is the standard temperature as defined in chemical ther- 
modynamics (7's = 298.16 deg K). 

Differentiation of Equation [14] with respect to the tempera- 
ture leads to the effective specific heat of dissociating hydrogen 


re) 
= (AXroru™* 7), + nut or (AXroru™7), 


+ AxXroru® 7 ( [17a] 


or ar /, 


or with consideration of Equations [15] and [16] 
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_ The sum of the first two terms in this equation represents the 
- gormal specific heat of the gas mixture. Hence 


=c, + AXronu™*T ( 
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Substitution of Equations [13] and [13a] into Equation [17c] 
4 leads to 


oa 
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1 
Hs 
Aer G ) represents the heat of dissociation of hydrogen at 


temperature 7. Upon differentiation, the expression for the ef- 
fective specific heat of dissociating hydrogen finally can be writ- 
ten in the following form 
3 
) 


™) 


c,” = c, + Rua(l — wl 


H,T =) 


_ cubic equation may have more than one point of inflection. 


Cy = Cos + — 


The temperature derivative of the equilibrium constant has 
been expressed in terms of the dissociation energy according to 
the well-known thermodynamic relationship 


The molecular weight of the gas mixture is 


na’ 


nue’ + na’ 


naz” + na’ 
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or in terms of the degree of dissociation 
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and its temperature derivative is 


For complex systems the evaluation of Equation [17d] is too 
tedious. Therefore, in these cases, first the relative enthalpy 


1 
p(in 
Mus — a) 
Yr ite aT 


oT 


sii § has to be calculated for various temperatures according to an 


_ equation of the type of Equation [14]. For a system, asin the _ 
present example, in which only one reaction occurs, this general 


expression for the relative enthalpy can. be simplified by use of 
Equations [15] and [16]. Thus the relative enthalpy of one 
gram of hydrogen can be written in the following form 


Theeffective specific heat is then obtained by graphical determina- 
tion of the slope of the relative enthalpy-temperature curve at 
various points or by the method of fitting polynomials through 
the calculated points of the relative enthalpy-temperature curve. 
Although it is possible to set up a general cubic equation which 
will satisfy nine points of the curve, the temperature derivatives 
(effective specific heats) of this equation do not necessarily repre- 
sent the correct slope of the original curve because the general 
To 
avoid this difficulty, conics have to be chosen. These general 
quadratic equations satisfy five points or four points and one 
slope of the curve which must not have a point of inflection nor 
three points forming a straight line. 

The results of the calculations are given in Tables 1, 2, and 3 
and Figs. 3 and 4. It is clearly seen that at those temperatures 
for which the degree of dissociation increases most rapidly with 
increasing temperature the effective specific heat of a dissociating 
gas is much larger than the norma! specific heat of the gas and 
consequently the isentropic exponent becomes quite small in this 
temperature range. The results listed in Table 1 show also that 
the isentropic exponents obtained graphically agree fairly well 
with the exact results. The somewhat larger discrepancy for 
the values at 5000 K could have been avoided by adding another _ 
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TaBLe 1 THERMODYNAMIC FuNcTIONS oF DissociaTING HypROGEN AT 0.1 ATMOSPHERE 


1.360 
1.347 
1.322 
1.317 
1.37% 
1.531 
1.634 
1.659 
1.665 


1.380 
1.347 
1.321 
1.308 
1.318 
1.360 
1.503 
1.604 
1.645 


from graphical 
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1.38, 
1.34 
1.25 
1.08 
1.03 
1.04 
1.13 
1.38 
1.49 
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Fic. 4 Gas Constant or Dissociatinc HyDROGEN 


relative enthalpy value at 5500 K. This procedure was used in 
order to obtain a reliable value at 1000 K. Better agreement 
altogether, particularly with respect to the effective specific heat 
itself, is possible by using smaller temperature increments (250 
or even 100 deg instead of 500 deg) for the calculation of the rela- 
tive enthalpies. 


Design or CoNVERGENT-DIVERGENT CHANNELS (ONE-DIMEN- 
SIONAL) 


For the case of isentropic flow the mass-flow rate per unit cross- 
sectional area of a supersonic expansion nozzle can be derived for 
each point along the direction of the flow from a combination of 
a relative enthalpy-temperature diagram and an entropy-tem- 
perature diagram by means of the following equation 

A RT 


3000 
TEMPERATURE ,T (°K) 


4000 


J 
pAV = m by substitution of V = (2(H° — H)|'/* for the linear 
gas velocity and p = p/(RT') for the gas density. The entropy 
of a reacting gas mixture is calculated simply by adding the re- 
spective quantities of the molar entropies of the cenatieente, 


Thus 


For dissociating hydrogen this equation reduces to the following 
s= 
This equation seems to break down for a = 1. The reason for this 
apparent limitation lies in the fact that mathematically a becomes 
equal to 1 only when the temperature is infinitely large. 
For pressures ranging from p° to p = 0, values of (H° — H) 
and T' are determined from graphs of the type of Fig. 2 while R 
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_ #: This equation is obtained readily from the continuity equation - 
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TasBLe 4 THERMODYNAMIC FuNcTIONS or DissociaTING Hy- 
DROGEN aT 10 ATMOSPHERES 


306 + 10720 0.9852 
2.8 10° 0.9851 
2.6 0.985% 
0.9890 
1.0096 
1.0765 
1.2255 
1.4577 
1.6881 


17-414 
18.910 
107% 20.052 
3.97 1073 21.061 
2.49 * 107% 
9.723°10°* 
0.2440 
0.4797 


0.7136 


22.251 
24.062 
26.872 
30.473 
33-705 


Taste 6 THERMODYNAMIC FuNcTIONS or DissociaTine Hy- 
DROGEN AT 14 ATMOSPHERES 
cal 


R 6 


3.0 + 10720 17.083 


2.3 + 106 18.579 
19.718 
20.715 
21.842 
23.479 
25.971 
29.255 
32.472 


2.2 10% 
3635 1079 
2.105 * 107% 
7.847 107° 
0.2080 
0.4195 


0.652% 


1.3984 
1.6278 


is determined from graphs of the type of Fig. 4. In order to find 
the exact throat area of the nozzle, it is necessary to include suf- 
ficient curves for pressures in the vicinity of the critical pressure 
(see Tables 4, 5, and 6). The critical value is then obtained by 
locating the maximum of the m/A versus p curve, Fig. 5 

For an isentropic expansion of hydrogen having a stagnation 
temperature of 4000 K and a stagnation pressure of 20 atm the 
flow rate per unit area is m/A = 1.33 gram/(sec)(cm)* at a 
point where the static pressure in the gas is 0.1 atm. The isen- 
tropic exponent of the gas at the stagnation point is y’ = 1.059 
while the ratio of the specific heats amounts to y = 1.336. From 
Fig. 2 it follows that the static temperature of the isentropically 
expanded gas at 0.1 atm is 7 = 2168 K, while the change in 
enthalpy amounts to (H° — H) = 17,162 cal/gram. Further 
data for the expanded gas are 7’ = 1.183, y = 1.319, and R = 
0.995 cal/(gram deg K), as found in Figs. 3 and 4. During the 
expansion, the static temperature at first decreases very slowly 
and then very rapidly, Fig. 5. This fact shows directly the ad- 
vantage of employing higher ratios of stagnation to exhaust pres- 
sure for the purpose of converting chemical energy into mechani- 
cal energy of the jet. 

It is interesting to compare the thermodynamically calculated 
mass-flow rate with that obtained from the standard equation 
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Taste 5 THeRMoprNamic Functions or Dissociatinec Hy- 
DROGEN AT 12 ATMOSPHERES 
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Fic. 5 Mass-Frow Rate Per Unit anv Static TempPera- 
TURE AS A FUNCTION OF PRESSURE FOR DissociaTING HyDROGEN 


used in dealing with supersonic flows 


A graphical representation of this equation in terms of the di- 
is shown in Fig. 6 


Without the previous analysis it would be impossible to find a 
suitable value for the integral isentropic exponent to be used for 
the evaluation of Equation [19]. According to Equation [12] 
together with Figs. 2 and 4 a value of 7" = 1.168 is obtained and 
from Fig. 1 together with Fig. 2 a value of 7" = 1.169 is found. 
Finally, without use of the enthalpy-entropy calculations an 
approximate value for 7’ might be derived from the actual spe- 
cific heats. A reasonable value for 7" in this case would be 7 = 
1.325. The corresponding mass-flow rates per unit area are then 
1.38, 1.38, and 2.05 in the order given for the isentropic expo- 
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TaBLe 8 THERMODYNAMIC EvaLvaTiON or IsenTROPIC ONE-DIMENSIONAL CHANNEL FLOW 


ro -£ 


Integral Exponente 
between 20 and 0.1] 


Integral Exponents 
between 20 and 1.0 


atmospheres a 


1.1% eq. (8) 


= 1.166 eq.(19) 
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nents. These results (see also Tables 7 and 8) show clearly that 
for accurate designs of supersonic expansion nozzles involving 
gas flows at high temperatures it is necessary to prepare a detailed 
enthalpy-temperature and entropy-temperature diagram for the 
fluid. 

The integral isentropic exponent corresponding to the correct 
mass-flow rate can be obtained from Fig. 6 after the correct mass- 
flow rate has been determined from the enthalpy-entropy dia- 
gram. For the present example this integral exponent is 7” = 


1.163. This evaluation shows that an error of '/; per cent in 7" 
causes an error of 4 per cent in the mass-flow rate. It is interest- 
ing to note that the integral exponent for this process is only 1.7 
per cent smaller than the differential exponent of the expanded 
gas whereas it is 10 per cent larger than the differential exponent 
of the gas at the stagnation conditions. For the expansion from 
20 to 0.1 atm with a stagnation temperature of 5000 K the in- 
tegral exponent is much larger than the differential exponent at é 
any point (Table 8). 
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Transient Air Temperatures in 


By S. E. REA! anp C. M. ABLOW? 


Transient temperatures in a thin-walled duct carry- 
ing heated air are investigated experimentally and the- 
oretically. The simplified theory applies to turbulent 
liquid or low-speed gas flow. The duct wall is shown to be 
an important heat reservoir. 


NOMENCLATURE 
The following nomenclature is used in the paper: 


A = dimensional coefficient in Equation [17] 

A’ = cross-sectional area of duct 
dimensional coefficient in Equation [18] 

duct-wall thickness 

specific heat of air at constant pressur 

specific heat of air at constant volume 

specific heat of duct wall 

duct inside diameter 

material derivative symbol 

partial derivative symbol 

mass flow per unit cross section 

mesh width in z-direction 

mesh width in y-direction 

film heat-transfer coefficient 

constant part of h 

empirical constant 

thermal conductivity of air 

viscosity of air 

absolute static pressure 

velocity pressure 5 

heat flow rate from duct wall to air 

gas constant for air 

density of air 

density of duct wall 

time 

temperature of air 

temperature of duct wall 

flow speed 

distance from upstream end of pipe 

characteristic co-ordinate 

characteristic co-ordinate 


INTRODUCTION 


Temperature-control systems in aircraft are subject to extreme 
environmental variation. The controls must be designed to ad- 
just quickly to these changes in ambient conditions so as to de- 
liver an air stream without excessive temperature oscillation. 
The choice among proposed control systems which achieve a re- 
quired steady state is based on their transient operation. It is 
then desirable that the analysis of systems be carried quite far 
with paper and pencil leaving a minimum of adjustment to be 
made on a working model. However, at present, temperature- 
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control problems are solved mainly through costly experimenta- 
tion on models of proposed systems. 

To obtain design information without experiment, equations 
describing the transient operation of the separate parts of a pro- 
posed temperature-control system must be written down and 
solved. A major difficulty is that the equations for many of these 
parts are so complicated that only very rough approximate 
methods have been available for their solution. However, the 
most formidable mathematical obstacles may be surmounted by 
the use of the high-speed computing machines now becoming 
readily available. 

In this paper equations connecting the transient temperatures 
at the two ends of a duct section are written down, appropriate 
simplifications introduced, solutions calculated, and the results 
checked against experiment. It is shown that fair accuracy is 
easily attained in the present cases in spite of uncertainties in im- 
portant parameters. 


Tue EXPERIMENT 


The difference between the unsteady or transient temperatures 
at the two ends of a section of ducting are to be measured under 
conditions approximating a step rise in temperature and an 
oscillating temperature. The test arrangement is shown sche- 
matically in Fig. 1. 
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The straight test section and much of the other piping was 
corrosion-resistant, seamless-steel tubing of nominal 2'/,-in. OD, 
0.035 in. thick, covered with an approximately 1-in-thick insulat- 
ing blanket of glass wool. The temperature of the flowing air was 
measured at both ends of the 10-ft test section. The temperature 
of the duct wall and the static and velocity air pressures were 
measured at the upstream end of the test section. (The velocity 
pressure is a directly measured difference between the total or 
stagnation pressure and the static pressure.) Voltages represent- 
ing the measured quantities and one giving the modulation valve 
position were suitably amplified and continuously recorded on a 
Miller oscillograph. Conditions were varied by setting the supply 
regulating valve, Fig. 1, and then manipulating the hot-air modu- 
lation valve during each run. 

Temperatures were obtained by iron-constantan thermocouples 
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with cold junctions in an ice-water bath. The warm junction of 
one thermocouple was brazed to the outside of the duct wall 
under the insulation to measure the wall temperature. At each 
of the two cross sections where the flowing-air temperature was 
measured, four thermocouples were carried on needle probes 
equally spaced around the duct to different depths into the 
stream. The four resulting voltages were added in series to give 
 @ voltage fairly representing the average air temperature at the 
_ eross section. The thermocouples were recalibrated in boiling 
_ water before each run although very little drift was noted. It 
was felt that a total experimental error of 2 F or less was 
made from all! causes in measuring, recording, and finally tabulat- 
ing each air temperature with perhaps 3 F for the wall tempera- 
ture. 

The static and velocity pressures were measured at the up- 
stream end of the test section on Statham pressure transducers. 
The transducers were calibrated against a micromanometer whose 

accuracy was within 0.003 in. of water pressure. The over-all ex- 
perimental error in the pressure measurements was judged to be 
7 7 negligibly small, less than 0.1 in. of water. 
The flow speed V was obtained from the recorded pressures and 
_ temperatures by the formula 


pVA’ = Ky/(pPy) 


where A’ is the cross-sectional area of the duct, Py is the velocity 
_ pressure, and air density p is eliminated using the perfect gas law 


P = pRT 


formula for V was obtained from calibration of the duct with a 
_ laboratory flow tube whose flow characteristics were known within 
5 percent. It thus appears that the velocity computations may 


_ terial constants for the steel duct were obtained from the 1948 edi- 
tion of the “Metals Handbook’”’ of the American Society of 

- Metals. Thermodynamic quantities were obtained from the book 
W. H. McAdams.? 

The collection of each run of data was always started from a 
steady or near steady state. The data were recorded continuously 
during each run but tabulated only for each second; some 40 
points on each run, Data from two runs on one duct are used in 

a this report. Temperatures obtained are displayed in Figs. 5 and 

«6, The run of Fig. 5, obtained by quick opening of the hot-air 
Bi ci valve, approximates a step change of entering-air 
=e Fig. 6 shows a typical oscillating-valve case. 


DERIVATION OF THE EQUATIONS 


Many simplifying assumptions are used in the derivation of the 
<4 equations which follow. The small discrepancies between calcu- 
lations based on the equations and results of experiment imply 
that the simplifications have not been too great for the present 
cases, 
It is first assumed that average values of the flow variables 
ove a cross section satisfy the equations for one-dimensional 
flow. This probably implies turbulent flow at a low Mach 
number. Since the duct test section has constant cross-sectional 
area, the equation ve the conservation of mass reads 


Op 20") 


—- where p is the fluid density, V its velocity, z the distance from the 
~ a upstream test point, and ¢ the time. 


8 ‘Heat Transmission,’ by W. H. McAdams, McGraw-Hill Book 
_Compeny. Inc., New York, N. Y., second edition, 1942. 
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Calculations show the Reynolds numbers for the test flows are 
all high so that turbulence is fully developed and viscous forces 
may be neglected in the equation for conservation of momentum 


where P is the static pressure and the 


‘material’ derivative 


d/(dt) is a short form for the frequently occurring combination of © 


partial derivatives 


The material derivative may be interpreted as the time rate of 
change of a quantity for an observer moving with the fluid. 


Since large temperature gradients are not expected, heat con- _ 


duction in the air may be neglected. The equation for conserva- 
tion of energy then reads 


where the internal energy of the air per unit mass is CyT7’, T is the 
air temperature, Cy the thermal capacity of the air at constant 
volume, D the duct diameter, and Q the rate of transfer of heat 
per unit length from the duct wall to the air. A similar equation 
for conservation of heat energy in the duct wall reads 


tDbpwCw 


w 

ot 
where b, pw, Cy, and 7'y are the wall thickness, density, specific 
heat, and temperature, respectively. Heat conduction down the 
length of the thin duct wall and any heat transfer through the in- 
sulation to the ambient atmosphere have been neglected. 

Heat-transfer coefficient h is defined as the rate of heat flow 
from duct wall to air per unit area per degree temperature dif- 
ference so that 


Q = rDh(Ty — T) 
Use of the perfect gas law 
P = pRT 


and the thermodynamic relation 


ah 4s 

where R is the gas constant for air and (pis its thermal capacit yat 
constant pressure, permits Equation [3] to be written in the more 
convenient form 

Now the pressure is assumed to be sensibly uniform in the duct 
at any moment 


Cp—Cy =R 


This is valid when, as is the case here, flow speeds are well below 
sonic, and impressed frequencies of oscillation are much less than 
the acoustic resonant frequencies for the test section. A conse- 
quence of Equation [6] by [2] is 


_ where P is the static pressure, 7 the absolute air temperature, and bl 
R the gas constant. The empirical constant K appearing in the : 
“Si 2 


— 


= 


1538 


Finally Equation [6] replaces (dP)/(dt) in Equation [3a] by 
(OP) /(Ot) and for the present case this is neglected with respect 
to the (d7)/(dt) term, Replacing Q by its expression in terms of 
h, Equation [3a] becomes 


i. 


. [9] 


Equation [4] may be written 


Equations [6] to [9] then determine P, V, 7, and 7 in terms of 
their initial (¢ = 0) steady-state values down the length of the 
test section and the incoming (z = 0) values of P, V, and T at 
later times. 

Characteristic Co-Ordinates. A pair of first-order partial dif- 
ferential equations such as Equations [8] and [9] may possess a 
preferred set of independent variables called characteristic co- 
ordinates. Using these variables each equation involves differen- 
tiation with respect to one variable only, an aid in computation. 
The values of the unknowns 7’ and 7'y at a point may be shown to 
depend only on given boundary values between the characteristic 
lines, lines of constant characteristic co-ordinate, through the 
point. Since a computing scheme in the characteristic co-ordinate 
system gives precisely this dependence, it may be expected to be 
relatively more accurate than a similar computing scheme in some 
other co-ordinate system. 

A pair of characteristic co-ordinates (r’, y) is obtained by con- 
sidering z’ and y to be as yet undetermined functions of z and ¢. 
Then the derivatives appearing in Equations [8] and [9] are re- 
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placed by derivatives with respect to z’ and y ae 7 peeing 
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..-for [8] 


Finally each equation is required to contain derivatives with re- 
spect to one co-ordinate only. This is accomplished here by 
choosing z’ and y so that 


gal Ot Oz 


Convenient solutions to these are then the characteristic co- 
ordinates 

and 
Equations is and [9] then read 7 


area. The thermal conductivity may be eliminated using’ 


awd ln 


vit | 
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Fic. 2 Comparrson Between Puysicat AND CHARACTERISTIC 
PLANES 


The characteristic co-ordinates z’ and y are the present position of 
a particle of air in the duct and the negative of its position co- 
ordinate at time ¢ = 0, respectively. One may note that y is a 
Lagrangian co-ordinate, a quantity which varies from particle to 
particle of the fluid but is constant for a given particle as it moves 
about. Thus particle paths (OP and BQ in both halves of Fig. 2) 
in the (z, t)-plane become lines of constant y in the (z’, y)-plane. 
Equations [6] and [7] for P and V may be integrated directly in 
either co-ordinate system 


P = P(t) or rero’ 4+@.:...° 


and 
V = V(y) 


In words, the pressure is constant along lines ¢ = const or z’ + y 

= const. V is constant along particle paths y = const. The 

integration of Equations [12] and [13] is carried through numeri- 

cally. 

Heat-transfer coefficient 4 may be expressed in terms of 
measurable quantities* by 


h = 0.023 (a) (Sexy 


where K, is the thermal conductivity of the air, y its viscosity, 
and G the mass-flow rate through the duct per unit cross-sectional 


Cpu 


Beer 


Further, u varies by about 10 per cent on the temperature range 
under consideration. Since uw appears to the 0.2 power, its varia- 
tion gives a negligible 2 per cent variation inh. Hence u may be 
considered constant. Lastly G is replaced by its equivalent 


PV 
3 G=pV = — 
p RT 


h = h’ 
where h’ is the appropriate dimensional constant. The equations 
to be integrated, [12] and [13], become 


‘ “Heat Transmission,’’ op. cit., p. 168, equation [4c]. — 


5 Loc. cit., p. 171. 
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PV 
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PV 
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(T —Tyw) = 0 


where A and B are appropriate dimensional constants. 
Finite-Difference Formulation. The simplest finite-difference 

_ form for Equations [17] and [18] is obtained by using a rectangu- 

_ lar net in the characteristic plane, replacing the derivatives that 


appear with forward differences. Fig. 3 exhibits one mesh of that — 


net 


) ] (Ti — Twi) = 0.... [19] 


9 
 Twi—Tw 


1/PV 


Ee where 7; means the value of T at point 7 of Fig. 3, and g and g’ 


08 
) ] (Tw: — T:) = 0... [20] 
2 


“Te 


Fie. 3 Finite-Dirrerence Mess 


are the mesh widths. For the finite-difference form to approxi- 
mate the differential equation with small truncation error® the 


B/(PV\S 


- must each be smaller than unity. There is no restriction in this 
characteristic method on the relative sizes of gandg’. However, 
since the diagonals (x’ + y = const) enter on account of Equation 
[14], it is convenient to choose g = g’. In the present calculations 
 g was chosen as 2.5 ft, one quarter the length of the test section. 
For this g both products in the foregoing were always less than one 
half. Using Equations [14] and [15], the finite-difference form 
of the equations becomes 


bea 
where the subscripts refer to points on the network of Fig. 4. 
Values of 7, Tw, V, and P are known initially along the length 
of the duct test section, along O-A-F in Fig. 4. Also, the incoming 
air speed, temperature, and pressure are known at all times; i.e., 


*See “Numerical Solution of Differential Equations,” by W. E. 
Milne, John Wiley & Sons, Inc., New York, N. Y., 1953, Chapter 2. 


V, 7, and P are known along the y-axis of Fig. 4. Repeated use 
of Equations [21] and [22] permits the step-by-step determina- 
tion of T and 7 at each mesh intersection point. Returning 
from the (z’, y) co-ordinate system to the physical (z, ¢) one lo- 
cates these temperatures at points of the duct at definite times. 

Actually, the incoming values of air speed V, for example, were 
tabulated for the computations only at times ¢ = 0, 1, 2, . 
Corresponding values of y were obtained from a finite-diffecenes 
form of Equation [11] 


Fie. 4 Fuvrre-Dirrerence Networ 


=0 
= Ye + (7/3) (V, + Vr) 


where y, and V, are values of y and V at the entrance to the test 
section (z = 0) at time ¢ = r seconds. 

At a mesh point along the y-axis, y = ng where n is some integer. 
The value of T at that point 7, may then be obtained by inter- 
polation 


(ng — vr) 
y 


Here ng is a mesh point lying in the interval on the y-axis corre- — 
sponding to the rth second, y, < ng < y-+1, and 7,,istheknownin- 
flow air temperature at ¢ = r seconds. Similar interpolation 
formulas hold for V,, and P,,. : 
The foregoing process obtains values of JT’ and Ty ateachmesh __ 
point in the characteristic plane one after the other. Thecalcu- __ 
lations were performed on a medium high-speed computer 
(“‘Speed-Code’’ on the IBM #701) with a low-speed print-out for 
the answers. The only results printed were those that could be | 
checked against experimental data, the air temperature at the 
downstream outflow end of the duct test section and the duct-wall _ 
temperature at the wera: inflow end, both interpolated for 
values at? = 0, 1, 2,... sec. These results are presented i in Figs. 5 
The computing scheme was checked for the data of Fig. 5 — pe 
against a numerical integration of the same equations by an en- _ 
tirely different series-expansion method. The two processes 
agreed everywhere within a fraction of a degree. Computed 
values may then be considered reliable deductions from the theory. 


Discussion or REsutts 
Fig. 5 presents theoretical and experimental results in a case of 
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quick opening of the upstream hot-air valve. Fig. 6 shows the re- 
sults for a case of valve oscillation. 

For the quick-opening-valve data the computed duct-wall tem- 
peratures at the inflow end of the test section fall a few degrees be- 
low the experimentally obtained temperatures. This discrepancy 
seems to be due to a small difference in slope of the theoretical 
and experimental curves. 

In the oscillating-valve case the computed wall temperatures are 
“sluggish,’’ failing to rise and fall as rapidly or to oscillate with as 
great an amplitude as the experimentally obtained temperatures. 

In both cases then, the theory transfers less heat per second be- 
tween the flowing air and the duct wall than is transferred in the 
actual experiment. This implies that the relevant coefficient 
h/bpwCyw is too small. Fig. 7 shows the effect on the data of Fig. 
5 of arbitrarily increasing this coefficient by 5 per cent. The slope 
of the computed wall-temperature curve is increased somewhat. 
The remaining discrepancy in the curves, nowhere more than 4 
F, approaches the possible experimental error. 

The ambient air at some 85 F is quite cold relative to the duct 
wall in the case of Fig. 6. Heat transfer through the insulation is 
probably no longer negligible here. Inclusion of a term covering 
this effect in Equation [9] would bring the average slope of the 
theoretical wall-temperature curve more into line with the ex- 
perimental curve. 

Retention of the pressure term in Equation [3a] and equations 
deduced therefrom also would tend to reduce wall-temperature 
discrepancies, Air-temperature increases were obtained by flow- 
rate increases and corresponding pressure drops. These pressure 
drops would be compensated by increases in Q, the heat trans- 
ferred from wall to air, as Equation [3a] shows. The increase in Q 
means an increase in wall temperature for the given incoming air 
temperature. Thus theoretical wall temperatures would follow 
inflow air temperatures more closely if the pressure term were in- 
cluded. Agreement between theoretical and experimental wall 
temperatures would be improved. 

The theoretical air-temperature curves for the downstream end 
of the duct test section are also sluggish compared to the experi- 
mental curves. This sluggishness may be laid to too great a trans- 
fer of heat to and from the duct wall during the passage of a par- 
ticle down the duct section. 

Now the heat transferred per second from air to duct wall is 
proportional to h and so by Equation [16] to V°*. The amount of 
heat transferred from air to wall during the passage of a particle 
is proportional to h/V and so to V~*-*._ Thus it appears that, if 
the theoretical value of V should be increased, all the theoretical 
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results would be brought more into line with experiment. Fig. 8 
shows the effect on the data of Fig. 5 of arbitrarily increasing V by 
10 per cent. 

Flow speed V is difficult to determine in the experiment and 
may be off by 10 per cent. It is computed from an empirical 
formula verified in steady-state experiments whose accuracy for 
unsteady flow is in doubt. Also, the formula involves a combina- 
tion of all the measured quantities, static and velocity pressures 
and the temperature, and so contains a possible accumulation of 
errors. 

Some irregular error is also to be expected in the heat-transfer 
coefficient as its formula is considered acc 
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per cent.? However, an error in A acts in the same direction for 
both air and duct wall while an error in flow speed V acts in op- 
posite directions for the two temperatures. A combination of 
errors in h and V can then be used to explain both discrepancies. 

It is difficult to read from Equation [3a] what the retention of 
the pressure term would mean to downstream air temperatures. 
The wall-temperature rise (for an air-temperature rise) at the in- 
coming end due to this pressure term probably implies higher 
wall and so higher air temperatures down the length of the test 
section. The pressure term would then probably raise the theoreti- 
cal downstream-air-temperature curve a bit and so help reduce 
this discrepancy. 

CONCLUSIONS 


The use of a simplified theory and modern high-speed comput- 
ing methods yields fairly accurate preliminary design information 
on the temperature lag in ducts. The duct walls participate in 
downstream-temperature variations in an important way. 

Discrepancies between theory and experiment for the present 
study are traced to (a) inaccuracies in flow-speed measurement, 
(b) uncertainties in the heat-transfer coefficient, and (c) over- 
simplification of the theory. 


Discussion 


R. W. Crain, Sr.* This paper is particularly representative 
of the effective way in which theory can foretell results from the 
laboratory tests. The authors are to be complimented for an 
excellent treatise on a study of temperatures in an air duct. 

Surprisingly small discrepancies are noted between the theoreti- 
cal and experimental results. The operation of the modulation 
valve might be the cause of these discrepancies by changing the 
heat-transfer characteristics in the duct minutely at various 
times. This particular effect was not mentioned in the paper but 
might have been noticed by the authors. 


G. M. DustnBerre.’ This is a new and apparently useful ap- 
proach to the problem of predicting thermal transients. The 
writer would be interested in comparing it with earlier analyses 
of the same problem, based on different simplifying assumptions. 
_ It may be noted that Equations [21] and [22] can be written as 


= Fin Ti + 
T ws = wr + Frws 


which are similar in form to the earlier work. In either case, 
certain convergence criteria must be observed, and in either case 
the F may be recalculated from time to time. The earlier work 
avoids the necessity of translating back and forth from a charac- 
teristic plane and also is applicable to fluids other than perfect 
gases. However, if there is a gain in accuracy resulting from the 
choice of simplifying assumptions, the authors’ method would 
be preferred, where applicable. 

To permit comparison, the authors might include the following © 
information in their closure: 


1 Curves or tables of entrance velocity and pressure (or mass- 
flow rate) against time, for the cases presented in Figs. 5 and 6. 

2 Values actually used for the thermal properties of wall and 
gas and, for convenience, derived constants such as h’ in Equation 
[16]. 


J. C. Frrey.” The authors are to be complimented for their 


7“*Heat Transmission,’’ op. cit., p. 154. 
* Associate Professor of Mechanical Engineering, University of 
Washington, Seattle, Wash. Mem. ASME. 
* Professor of Mechanical Engineering, Pennsylvania State Uni- 
versity, University Park, Pa. Fellow ASME. 
1 Associate Professor, Department of Mechanical Engineering, 
University of Washington, Seattle, Wash. 


interesting presentation and a fine job of tying experimental re- 
sults to the applicable theory. The discrepancies between actual 
and theoretical temperatures appear smaller than one often ex- 
pects in heat-transfer studies. With both types of valves the 
computed temperatures lagged behind the actual temperatures 
suggesting that actual heat-transfer coefficients were higher than 
computed. 

Perhaps the flow disturbance introduced into the fluid stream 
by the valve action, acted to increase heat transfer. Conceivably 
the motion of the valve could introduce a local region of higher 


transfer coefficient. The writer will be interested in the authors’ 
comments on this possible explanation. 


H. M. Paynter."' The writer is particularly interested in the _ 
class of phenomena considered by the authors. In the spirit of 
adding to the practical application of the results here presented, — 
it would seem important to point out certain useful simplifications, 

One consequence of Conditions [6] and [7] is clearly that fluid- 
dynamic effects are negligible and the problem is one of purely 
thermodynamic manifestations. 

The resultant Equations [8] and [9], with constant coefficients, 
have now become classic in the field of heat flow and fluid per- 
colation, since they govern the thermal transients in an insulated 
duct or, analogously, seepage phenomena in a porous passage-— 
way. They have been the subject of detailed treatments by 
many writers, including Profos (1),'* Leonhard (2), Takahashi, — : 
(3,4), Rizika (5), and the writer (6, 7). In each of the cases 
sited, the general operational solution (for effectively constant 
parameters) has been given in the form 


orwD 
T(z,t) = = | T(0,t). .. . [23] 


T(2,t) = [FD)]T(z,t) = 


[24] 


to the dimensional and property parameters, as follows, using 

the authors’ notation 

7 =2/V = transport lag 

T,, = (bC,p,/h) = wall time constant 

o = (z/V)\(4hRT/C,PD) 
From Figs. 5 and 6 of the paper, the writer is led to believe 

that these simplified Equations [23] and [24] with parameters de- 

termined for average conditions, will describe adequately the be- 


havior of the test layout in Fig. 1. In the absence of published 
physical data to compute the parameters ¢, 7, and Tw, the writer 


has guessed at the following approximate values 
ach ds 


= initial decrement 


T, = 50 sec 


Since the parameters have been assumed constant the system 
becomes linear and the dynamic response in this case is uniquely 
given by either the step response (5) or the frequency response 
(1). By using very simple modeling techniques as discussed in 
recent papers by the writer (6, 7), the following still simpler com- Ps 
puting models become available 


Professor of Mechanical Engineering, Massachusetts 
Institute of Technology, Cambridge, Mass. Mem. ASME. 

12 Numbers in parentheses refer to the Bibliography at the end of 
this discussion. 
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D) = 1/(1 + 7D) = 1/(1 + 50D) 


where the right-hand terms express the results after substituting 
the foregoing assumed constants. More accurate results would 
of course be possible by parameter fitting but greater confidence 
would result upon using measured values from dimensions and 
properties. While these latter are unavailable to the writer, he 
would be interested in having the authors supply reasonable 
values in order better to verify the foregoing claims. 

By the use of well-established operational solutions and further 
simplification in theory, practical design computations for tran- 
sient temperatures usually may be made without the use of 
costly and elaborate machine computations. The writer has no 
definite knowledge of the time or cost for the authors to obtain 
their computed results on the IBM 701, but he is certain that 
equally effective results may be obtained using Equations [25] 
and [26] with only a few minutes’ work on a pocket slide rule. 
These remarks are not meant to slight in any way the excellent 
analytical or experimental research of the authors but rather to 
suggest that simple constant-parameter linear models amenable 
to hand solution should be abandoned only when proved clearly 


inadequate to the tas 
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P. Proros.'* This paper solves a difficult task by employing 
a novel method of determining the run of temperature variations 
in place and time in a tube system carrying heated air. The 
difference in the authors’ process as compared with the method 
earlier developed by the writer! mainly lies in the way in which 
the problem has been solved; i.e., by using the equation system 
developed from thermodynamic deliberations, while the data and 
deliberations for setting up this basic equation are to a great 
extent identical. 

The two methods are complementary with each other, as the 
authors’ system—employing the method of characteristics— 
allows the variation of temperature to be calculated directly at a 
certain point in the tube system, with a preset variation in time 
at another point. In particular, the transient response can be 
calculated immediately by means of this method. On the other 
hand, the computing method previously recommended by the 
writer was developed with a view to enabling the frequency re- 


18 Sulzer Brothers, Winterthur, Switzerland. 
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sponse of such systems to be calculated readily. However, this 
also allows the transient response, for instance, to be ascertained 
in a second stage but, fundamentally, this would call for a fune- 
tional transformation in the sense of a Fourier synthesis. 

The disadvantage of the new system as compared with the old 
method is that there exists no general form for this solution. 
Moreover, the peculiar method of carrying out the computation 
employed in the calculating system renders it difficult to get a 
proper idea of the internal relations, so that a careful check must 
be made on any discrepancies or inaccuracies, 

Nonetheless, this method constitutes a very valuable supple- 
ment to the work that already exists in this field. It is also an 
inducement for using similar mathematical deliberations for 
other problems as well, especially with regard to the control 
technique. 


J. W. Rizrxa.“ This paper presents some additional experi- 
mental data on transient fluid-temperature responses. The 
theoretical or analytical derivations are approximations to the 
actual case and, though they appear reasonable for air at very 
low velocities, the applicability of these equations to the cases 
where compressibility effects are significant is questionable. 

With respect to the Derivations of the Equations, the writer 
has the following comments: 


1 It appears that the authors have applied the first law of 
thermodynamics to a moving elemental section of fluid (though 
their nomenclature appears to state the opposite). In other 
words, they have chosen a control surface and “viewing’’ co- 
ordinate system which are moving with the fluid in order to 


obtain Equations [3] and [3a], e.g. 


dt dt dt 


This is the authors’ Equation [3]. 


authors have made use of the resulting expressions (e.g., in their 
examples) as though they had been derived by viewing the fluid — 
from a stationary co-ordinate system. The resulting 
are different for the two cases and should not be confused. 
Had the authors initially considered the elemental section 4 Pa 


It also appears that a 


fluid from a fixed (in space) reference system, an additional term © 


ot 
would have ey in Equations [3] and [3a]. I suggest the 
authors determine the effect of neglecting this term on their 
over-all analysis. 

2 Equation [4] of the paper is true only if 

D, 

1.0 


where D, and D, are the respective outer and inner-tube diam- 
eters. In this particular case, the ratio is 1.03 and the equation, 
as presented, will suffice. ct. 
3 Equation [3] and the assumption of the perfect gas law are | 
not necessary in order to obtain Equation [3a]. Equation [3a] 


1%’ Management Consultation Services, General Electric Company, 
New York, Assoc. Mem. ASME. 
Refer to the Appendix of this discussion. 


[25] 
| 
; 


at 


(correctly written) is perfectly valid for any fluid, regardless of 
its equation of state, as long as dh, the differential change in 
enthalpy, may be equated to C,d7’. 
4 When the authors make the assumption that dP/dt in 
Equation [3a] may be neglected, they then arrive at a set of 
_ equations which is identical to that which they would have ob- 
F tained had they assumed incompressible fluid flow (e.g., see Equa- 
tions [la] and [2a] of the writer’s paper.” This may be reasona- 
: ble since, for an incompressible fluid, (p = const), flowing steadily 
into a constant-diameter duct, dP/dt = 0. Frictional con- 
siderations do not alter this conclusion. 
- § The first introduction of the perfec* gas law is, in reality, 
in Equation [8], when p is replaced by P/(RT). The writer is 
not sure whether some form of incompressible flow might not 


. have been already implied prior to this, via the authors’ as- 


sumptions, 

6 Now, Equations [8] and [9] can he solved analytically 
(using LaPlace transforms and appropriate boundary condi- 
tions), and the writer refers the authors to the previously men- 

_ tioned paper.’7 Equations [8] and [9] also can be solved by a 
direct numerical integration and the authors are referred to 
Dusinberre’s paper.” 


: 
analysis to this type of practical problem, one of the major diffi- 
culties lies in the proper choice or derivation of the fluid-tempera- 
ture input function. (Usually this is a “given’”’ boundary condi- 
tion of the set of differential equations which describes the sys- 
tem.) Once this input function (and other boundary conditions) 
has been obtained, the solution to the heat-flow equations is rela- 
tively straightforward and, if a good choice of film coefficient of 
heat transfer was made, there should be good agreement between 
the analytical and experimental results. Most practical cases 
necessitate at least a second-order exponential-type fluid-tem- 
perature input function, such as that shown in the authors’ 
Fig. 5. 
APPENDIX 
As proof, the writer submits the following: eee ap 


+A (pu) 


rs) Pe) 
2 + 2(u 


-a[2 
re) 


re) v2 
Vh) + — 


h = enthalpy 


u = internal energy 


: With respect to the Discussion of Results, the following com- 
te A = duct cross-sectional area 


ments are offered: 


1 ‘It should be made clear that the inflow air temperature in Separating terms in Equation [27] ill “% abs 
5 is the measured inflow air temperature. The writer be- 
_lieves it was this measured inflow air temperature that was used ou wotbniiea’’, seelry 
as a boundary condition in order to obtain the “‘computed”’ re- med yo ees 
sults for the wall and outflow air temperatures. If this were the 
case, a proper choice of the film coefficient of heat transfer h 
should give a close correlation to the experimental wall and out- 
"7 flow air temperatures. In passing, it might be pointed out that 
- John A. Clark, et al. (Massachusetts Institute of Technology) have 
a found it virtually impossible to obtain a pure step-function tem- 
-- perature input in such real systems; results invariably have 
of the type shown in Fig. 5. 
2 The authors explain part of the discrepancy between the 
computed and experimental values in Fig. 6 as caused by inade- or 
quate insulation. They say, “Inclusion of a term covering this 
effect in Equation [9] would bring the average slope of the theo- 
4 =s retical wall-temperature curve more into line with the experi- 
mental curve.” This is not always true and depends upon the 
a) 4 direction of heat transfer. 
3 The authors state that the theoretical wall temperatures 
a, would follow the inflow air temperatures more closely if the pres- 


end 


_ dh 1 oP 
Substituting Equations [29] and [29a] for the u-terms in _ . 
Equation [28] and replacing the second term in the right-hand a - 
side of Equation [28] by —A(dp/dt) from the continuity rela- van 


tion, one obtains the following 


sure term (in Equation [3a] ) had not been neglected. Some clari- 
fication and enlargement on this point in terms of dP/dt on the 
mechanics of the flow would be worth while. 

With respect to the Conclusions, the writer must voice some 
disagreement with the authors. The quantitative accuracy of 
any analytical solution is based, to a large degree, upon a proper 

_ choice of the film coefficient of heat transfer. One is very lucky 
to make such a proper choice prior to running an experiment on 
the system. 

Often, either a completely analytical solution or a direct nu- 
merical approach such as Dusinberre’s, rather than the use of 
characteristic co-ordinates and an IBM 701, is less expensive 

and more meaningful in the physical understanding of the funda- 
_ mental problem and its solution. 
In closing, one final comment: In applying a theoretical 


“Thermal Lags in Flowing Inccmpressible Fluid Systems Con- 
taining Heat Capacitors,’’ by J. W. Rizika, Trans. ASME, vol. 78, 
1956, pp. 1407-1413. 

% “Calculation of Transient Temperatures in Pipes and Heat 


Exchangers by Numerical Methods,” by G. M. Dusinberre, Trans. 


ASME, vol. 76, 1954, pp. 421-426. 


= C,qT, thisis 


(or 
dT aP 8 


dt oz 


win: 


Q=A| C,p - 


It can be seen, from the continuity and momentum relations, 
that the last term in Equation [31] reduces to 


26%) 
2 


oz ot 
Substituting this into Equation [31], one obtains 


where 
wole 
|. 


This is the relation that replaces the authors’ Equation [3a] when 
considering the elemental section of fluid from a fixed (in space) 
reference system. 

It might be pointed out that, for relatively low-velocity flow 
(and for the examples presented in the authors’ paper), the second 
term in the right-hand side of Equation [27] is negligible in com- 
parison to the enthalpy term. If this is neglected at the start, 
the resulting expression is, from Equation|31], the following 


dt ot 


4 (cp 


Had this been used in place of Equation [3a], there would have 
been no need to present Equations [6] and [7] nor any justifica- 
tion for these equations in the authors’ paper. 


AutHors’ CLOSURE 


Professors Crain and Firey both suggest the modulation valve 
motions as sources for turbulence in the airstream with con- 
sequent increases in the heat-transfer coefficient and uncertainties 
in velocity measurement. Although the modulation valve was 
placed some 5 feet ahead of the test section, these effects cannot 
be ruled out. A right-angle bend in the piping just ahead of the 
test section and the thermocouple probes also contributed to 
flow irregularities. The present work is a partial investigation 
of how close simple theoretical calculations come to actual 
conditions. It is difficult to see how one would incorporate the 
extra turbulence effects into the computations in advance of 
tests on the piping. 

Professors Dusinberre, Paynter, and Profos are correct in 
pointing out that the present computing method should be com- 
pared with the various others that appear in the literature. 
The basis of the comparison is the appropriateness of the method 
to the particular application. Here, an aircraft air-conditioning 
system was to be replaced during controller design tests by an 
analog, the present pipe study being a first step. Since large 
variations in temperatures and pressures were expected (and since 
the high-speed computing machinery was available), a numerical 
analog was suggested. The input data, the aircraft environment 
during a maneuver, might then vary in an arbitrary manner, 
being given as a set of curves or sequence of tabular values. To 
avoid curve fitting a finite difference, step-by-step method seemed 
best. Although the initial programming costs for these compu- 
tations are high, many fast and inexpensive re-uses of the program 
may be made. However, one must agree with Professors 
Paynter and Profos that linear, operational, or Fourier analyses 
should be used wherever possible. 

Professor Paynter’s estimated average values of the parameters 
are remarkably accurate. With average values of V = 60 ft/sec, 
h = 0.006 Btu/sec-ft*-deg F, and p = 0.125 lb/ft? one obtains 


= 0.17 sec, 


= 30. sec, and 


lt remains to shew that the range of the ie of Figs. 5 and 6 or 
the perhaps greater ranges for which the method is to be used are 
small enough that average values of the parameters and the 
consequent linear analysis may be used. 

Professor Dusinberre® derives finite difference equations 
directly from the first law of thermodynamics. In the limit, 
the differences become derivatives and his equations become 
Equations [8] and [9] of the present paper. The derivation 
of Equations [8] and [9] given here uncovers the tacit assump- 
tions behind Professor Dusinberre’s method. His equations and 
Equations [21] and [22] are then merely different forms of finite 
difference analog representing the same differential system. 


(TRANSACTIONS OF THE ASME 


The theoretical advantages claimed for the characteristic co- 
ordinate scheme may well be overbalanced in hand calculations 
by the complication of translating results to physical co-ordinates, 
as Professor Dusinberre suggests. 

The paragraphs of the following reply to Mr. Rizika’s discussion 
are numbered to agree with his. 


1 Equation [3] may be derived from the first law of thermo- 
dynamics substantially as Mr. Rizika has done in the Appendix 
to his discussion, only retaining the internal energy instead of 
the enthalpy in the later steps. However, that first law reads, 
the authors believe 


a a v2 
crm (ou + 0%) | 


The time rate of increase of both internal and kinetic energies is 
to be included and not just the internal energy as in Equation 
[27]. 

2 Equation [4] neglects temperature variations through the 
thickness of the pipe and conduction down its length and so is 
valid only for thin pipes. 

3 If one accepts Equation [35] as a corrected form of Equa- 
tion [27], then Mr. Rizika has proved that Equation [3a] may be 
deduced without assuming the fluid to be a perfect gas. 

4 As Mr. Rizika and Professor Paynter point out. the per- 
mitted variations in fluid density are not rapid enough to affect 
the thermodynamic equations. 

5 An improved derivation would make Equation [8] the first 
introduction of the perfect gas law. It appears here in an 
inessential way, for one could use whatever expression of the 
density in terms of pressure and temperature that is appropriate. 

6 Equations [8] and [9] may be integrated by Laplace trans- 
form methods only if the coefficients are taken to be constant. 
Changing these coefficients from time to time and matching the 
transform solutions may become as difficult and obscure a method 
as that of finite differences. 

1 Mr. Rizika is correct in stating that the measured inflow air 
temperature was used to obtain the “computed’’ temperatures. 
The data here seem to show that a very close agreement between 
measured and computed outflow and wall temperatures cannot be 
obtained with any choice of film heat-transfer coefficient. 

2 Inclusion of a term covering heat transfer through the 
insulation to the atmosphere in Equation [9] would have given 
better agreement with measured results under the cold laboratory 
conditions of these experiments. 

3 The effect of retention of the pressure term in Equation 
[3a] is awkwardly, perhaps incorrectly, stated in the last para- 
graph of the Discussion of Results section. The inflow wall 
temperature is given by the known inflow air temperature through 
Equations [4] and [5] and so is unaffected by any pressure 
variation (neglecting the pressure effect on the film heat transfer 
coefficient). Equation [3a] gives the rate of heating of a particle 
of air as it flows down the pipe. While the pressure is rising, 
retention of the pressure term will give a greater calculated rate 
of heating of the particle than without that term. Since in the 
experiment pressure and inflow air temperature rose and fell 
together, retention of the pressure term would have brought the 
computed outflow air temperature closer to the measured values. 

With regard to the conclusions, Mr. Rizika and the authors 
agree that a happy choice of heat-transfer coefficient and of input 
data is necessary for fair results. This report presents some 
evidence as to what accuracy a coefficient out of the handbook 
and input data off a thermocouple will yield. 

The authors wish to thank the several discussers for adding so- 
much to the content and clarity of the paper and especially to- 
thank Mr. Rizika for his detailed and perceptive criticism. i, 
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With Variable Free-Stream Velocity 


3 


Heat-transfer coefficients have been determined for the 
laminar boundary layer of a two-dimensional subsonic 
flow of air over a flat plate. By the agency of blisters at- 
tached to the wind-tunnel wall the boundary layer, formed 
under almost constant free-stream velocity, was subjected 
to a strong acceleration which produced a three to four- 
fold increase in the free-stream velocity, followed by a 
moderate deceleration. Maximum velocities ranged from 
260 to 900 fps. The heat-transfer results are correlated 
on the basis expected for laminar flow and it is further 
demonstrated that a prediction method based on constant 
fluid properties gives satisfactory correspondence with 
experiment. 


NOMENCLATURE 
ee 
¢ = specific heat at constant pressure, Btu/slugdegF 
g, = nondimensional temperature gradient at wall » tangy 
heat-transfer coefficient, Btu/hr deg F sq ft ' 
= ratio of displacement to momentum thickness ‘ a 
thermal conductivity, Btu/hr deg F ft 
= length, ft. One foot in all cases dealing with plate 
exponent of power-function wall-temperature variation 
heat flux at wall, Btu/hr sq ft 
temperature, deg F 
velocity, fps 
reference velocity, fps; for results velocity at 0.234 ft from 
leading edge 
free-stream velocity, fps 
distance from leading edge, measured along surface, ft 
heated length, ft 
distance normal to surface, ft 
nondimensional momentum thickness for Hartree velocity 
profiles 
parameter for Hartree velocity profiles 
momentum thickness, ft 
thermal thickness, ft 
absolute viscosity, slugs/sec ft 
kinematic viscosity, ft*/sec 
= density, slugs/cu ft 
= Prandtl number, taken as 0.70 for all experimental results 
shear stress at wall, psf al 
In a previous paper, Seban and Doughty (1)* presented results 
for the heat transfer to the turbulent boundary layer formed by 


1 Professor of Mechanical Engineering, University of California. 
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The following nomenclature is used in the paper: 
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INTRODUCTION 


By R. A. SEBAN,' BERKELEY, CALIF. 
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air flow on a flat plate. Both constant and variable free-stream 
velocity were examined, the latter being obtained by blisters 
fixed to the wind-tunnel walls, and completely turbulent flow 
being obtained through the use of grit roughness placed near the 
leading edge of the plate. Without the roughness, the boundary 


layers were initially laminar, and with the blisters in place — 
This 


they continued so through the region of flow acceleration. 


brief paper presents the results for laminar flow obtained in this _ 


way. 


in two-dimensional air flow has been obtained by a number of in- 
vestigators for flow over cylinders; for example, by Giedt (2) for 
right circular cylinders, and by Drake, et al. (3) for elliptical cyl- 
inders. These results are useful both for direct design applica-— 


tion for the bodies concerned and also as a standard for the evalu- _ 


ation of various approximate methods for prediction of the heat 
transfer under the conditions of variable free-stream velocity. 
The present results fall into the same category, but they differ 


from the previous results in an essential feature. For the cylin- | 


ders, the flow begins at a stagnation point and change of veloc- 
ity with distance diminishes thereafter, With the flow on a 
flat-plate model used in the experiments, the boundary layer de- 
velops initially with small velocity variation and, after thickening 
under these conditions, is then subjected to a strong acceleration. 
Since the form parameter for the laminar-boundary-layer flow 
depends upon the product of the boundary-layer thickness and 
the free-stream-velocity gradient, the relatively large thickness 
at the point where acceleration begins leads to form parameters 


far larger than obtainable with flows beginning from a stagnation __ 


point. Thus heat-transfer results are obtained under new con- 
ditions and the results provide a standard of comparison for 
prediction methods under more stringent conditions than olay 
fore available. 


APPARATUS 


The model was a bakelite plate, '/: in. thick and 21 in. long, 
fitted with nichrome ribbons for heating, and containing thermo- 
couples and pressure taps through which surface temperatures 
and free-stream velocities were deduced. This plate was 
mounted in the wind-tunnel throat as shown in Fig. 1, the 6-in. 
width of the plate spanning the 6-in. by 9-in. rectangular cross 
section. Reference (1) contains an extended specification of the 
apparatus and its use in obtaining the heat-transfer results, and 
the appraisal of accuracy made there applies almost equally for 
the case of laminar flows; namely, no more than 5 per cent error 
in the local heat-transfer coefficients except at points of rapid 


change in the coefficient, as at a transition point, where an addi- © 


tional 3 per cent error due to longitudinal conduction might be — 


expected. 


= 


2 


All heat-transfer results were obtained for constant heat flux, — 


with stagnation temperatures between 80 and 100 F and stag- 
nation pressures near atmospheric. Differences in temperature 
between model surface and free stream were of the order of 25 
deg F at the point of maximum temperature difference. 

Results for the velocity distribution in the boundary layer were 
obtained from the surface pressures and the indication of an im- 


Heat Transfer to Laminar Boundary Layers 
| | 
— 
‘a 
| 
| 
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pact tube having an approximately rectangular tip 0.048 in. 
wide by 0.0097 in. high, the opening being 0.0265 by 0.0022 in. 
No correction to the observations was made for velocity vari- 
ation over the height of the tube. 


Heat TRANSFER Witu ConsTANT FREE-STREAM VELOCITY 


Without blisters in the tunnel, the free-stream velocity was 
almost constant along the plate, as shown in Fig. 1. It already 
has been indicated (1) that the laminar-flow region extended to 
a Reynolds number of about 4 X< 105, and that in that region 
there existed general agreement with the analytical prediction 
for laminar-boundary-layer flow. This was almost complete for 
Reynolds numbers from 1 to 3 X 105, but the results were as 
much as 20 per cent high at the transition point. Since the plate 
incorporated an unheated hose section 2 in. long, the results were 
corrected for its effect by the analytical prediction for it (4), and 
the correspondence achieved constitutes in itself a verification of 
the predicted correction. 


> 


1 Tyrprcat Free-Srream Ve.ociry DIstTRIBUTIONS AND 
PosiTIONn OF PLATE AND BLISTERS IN Test SECTION 


(Numbers 1, 2, 3, 4, 5 indicate stations at which boundary-layer traverses 
were made.) 


Fic. 


Boundary-layer-velocity distributions obtained at a free-stream 
velocity of 81 fps yielded momentum thicknesses about 10 per 
cent less than the Blasius prediction, and this discrepancy in part 
can be attributed to the variable velocity over the nose section 
of the plate, although the error of the determination of the mo- 
mentum thickness was also of this order. 


Heat TRANSFER WITH VARIABLE FREE-STREAM VELOCITY 


Fig. 1 shows the change in free-stream velocity produced by 
insertion of the blisters, and Fig. 2 contains the heat-transfer re- 
sults obtained in this way for three different velocity magnitudes. 
The heat-transfer coefficients are represented in terms of the group 
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Fie.2 Resvuits ror Laminar Wits VARIABLE FREE-STREAM 
Vevocity 


Run _ we, fps 
91 219 


90 179 
92 90 


17.0 
15.6 
11.2 


which is indicated theoretically for their correlation, and this 
exists among the results for the three velocities as long as the flow 
is laminar. Transition occurs in the region of flow deceleration, 
at a point which depends on the magnitude of the free-stream 
velocity. With properties evaluated at the conditions of the 
initial station, there is no further effect of property variation de- 
spite the density variation that occurs along the plate, particu- 
larly at the highest speed. 

Recovery factors are presented for those locations at which the 
free-stream velocity exceeded 300 fps, thus providing sufficient 
accuracy for this determination. Fig. 2 reveals them and demon- 
strates in the laminar-flow region the expected value of the square 
root of the Prandtl number. There appears to be no effect due 
to variation in the free-stream velocity. 

Fig. 3 shows velocity distributions obtained for a free-stream 
velocity of 91 fps at the stations indicated in Fig. 1. Initially the 
distribution corresponds to the Blasius prediction for constant 
free-stream velocity. There is a departure at the second station 
but at the third, near the point of maximum velocity, the distri- 
bution returns to the original form. Momentum thicknesses 
calculated from the first four stations are shown in Fig. 4. 


PREDICTIONS oF FLow AND Heat TRANSFER 


To show the use of these results for the evaluation of a method 
of prediction of the heat transfer, one such method has been used, 
and that begins with the Holstein-Bohlen method of prediction 
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200 2.72 
212 2.31 
240 2.68 I 
574 1.76 
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Fic. Bounpary-Layer VeLociry Prorites ror or Run 92 
Curves: a, Blasius (@ = 0); b, Klebanoff, turbulent flow; ¢, sixth power law; d, Hartree, laminar 
flow for 8 = 2. “ 
Results: @ is given in mils. Reynolds number is here evaluated in terms of kinematic viscosity », WL hor belebaeih 
at free-stream density and wall temperature. 

_ for a constant-property flow. The integral form of the mo- | 5 
mentum equation is written as 


_ If the group (7@)/(uw) and the ratio H are evaluated from the 

_ Hartree velocity distributions, each given in terms of a parame- 

ter 8, then the right side of Equation [1] is a nearly linear func- 
tion of the form parameter 2,28, where 

mp) 


a Thus Equation [1] can be written 


: where to a good approximation the constants r and s are iri huis 
2°8 > 0 r = 5.12 

2°8 <0 r = 5.32 e= 0.44 


This is practically the method of Thwaites (5) although the 

- constants differ slightly; it and similar methods are reviewed by 

Schlichting (6). Equation [2] can be integrated to provide the 
value 6?/y as a function of the length z; since the integration — - 

must be performed numerically, a convenient form results from Of. 04.06 O08 10 4 

_ evaluating the integral for a linear variation of free-stream veloc- a~ 9. 

‘ity and then applying the result in successive steps short enough Fic. 4 Experimental anp Prepicrep VaLues OF MOMENTUM 

so that the actual velocity distribution along the plate is approxi- THICKNESS 

mated well by the linearelements. This form is, in dimensionless 
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omy 


tion and b and e indicate the beginning and end of the interval 

to which the equation applies. 
(=) [3] In the present application, made for the velocity distribution of 
L v ue/ Jy Aw/u,\ \ ue a Run 92, the calculation was begun with the measured value of 
Az/L the momentum thickness at the first station, as shown in Fig. 4. 


Soon thereafter, because of the initial thickness and the subse- 
. where (A4u;/u,)/(Az/L) is the slope of the linear-velocity varia- quently large acceleration, the value of the form parameter 
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attained the value 0.107. This is associated with the flow u,; = 
cz”, for which 8 = 2 and for which the acceleration is a maxi- 
mum. This is the practical limit for the use of Equation [2], 
and for cases in which 


the flow was calculated in terms of the Hartree velocity distri- 
bution for 8 = 2. Insertion of the appropriate values into Equa- 
tion [1] and integration for 8 = 2 yields 


Le 
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= 


Ug 


This relation 
62 du; 
vy dz 

diminished to 0.107 and thereafter Equation [3] was used again. 

Fig. 4 shows the prediction for the momentum thickness in 
comparison to the measurements for the low-speed run and Fig. 
5 the magnitudes of the form parameter. Good correspondence 
is achieved, although the three downstream measurements are 
rather marginal as the basis of a comprehensive statement in this 
regard. The measurements of the velocity distribution, shown 
in Fig. 3 with predicted values for 8 = 0 and 8 = 2, show also 
appropriate behavior in respect to the predicted values of 6z,* in 
Fig. 5. In particular, the return of the velocity distribution to 
the value of 8 = 0 at the third station is confirmed by the pre- 
dicted value of §z,;? near zero for the point. 

The solution for the flow leads to the solution of the integral 
form of the energy equation which is considered here neglecting 
dissipation. For the case of constant properties this implies 
the existence of the solution of this equation for the adiabatic 
wall condition which, added to the solution without dissipation, 
would describe completely the thermal conditions. The insensi- 
tivity of the recovery factor to variations in free-stream velocity 
has been demonstrated and is indicated here also by the present 
results. Thus it is assumed here that the evaluation of the heat- 
transfer coefficient in terms of the measured adiabatic wall tem- 
peratures accounts completely for dissipative effects and that 
comparisons can then be made to solutions of the integral form 
of the energy equation in which dissipation is neglected 4 \' 


and the free-stream temperature is taken to be zero. With con- 
stant heat flux at the wall, as was the case in the experiments, 
this is integrated immediately and the result expressed in terms 
of z,, the heated length 
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was used instead of Equation [3] until the group 4 
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This must now be solved approximately to predict the wall 
temperature, and the method used here is somewhat similar to 
that proposed by Schuh (7) although it differs in details. It is 
completely different from earlier methods (3) which obtained the 
wall temperature from that “wedge-flow” temperature profile 
associated with the predicted value of 2;28 and constant flux at 
the wall. 

The solution is based on the exact solutions obtained by Levy 
(8) for the Hartree flows with a power-function variation of wall 
temperature fo ~ z*. These solutions indicate a heat flux at the 


= 
q 
where q, is the slope of the temperature distribution at the wall, 
and the thermal thickness is related to the momentum thickness 
as 6, = (z,/z;)0. In the exact solution these quantities are 
related 

9. = —2,0[1 + n(2 — 

These relations now substituted into Equation [6], which applies 
to the case of arbitrary variation, to specify that temperature 
profile which will satisfy the thermal-energy equation for the 
existing local value of 6 


22 


vie 
When this value of n is specified, the value g, is obtained from the 
empirical expression of Levy’s results 

9, = —0.570* [B + 0.205]*-94[1 + n(2 — | 


where for 8 1.6 1.0 0 —0.20 
r 0.367 0.355 0.327 0.254 


The wall temperature is therefore determined, and the result ex- 
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pressed in terms of the heat-transfer coefficient a etary 
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This method has been applied to the present case and the re- 
sults are shown in Fig. 2, in excellent comparison with the experi- 
_ mental results. Curve a represents the predictions made for the 

lowest speed, and curve b is a prediction made for highest speed 
by a modification of the foregoing method consisting of the use 
of the local density for the evaluation of the kinematic viscosity 
jn Equations [3, 4, 7, 9]. Although this gives slightly different 

values for the flow, the heat-transfer coefficients are practically 

unaltered, and for most of the experimental range this confirms 

the experimental evidence for the insensitivity of the heat-trans- 

fer coefficient to the combined variation of density and velocity 
engendered by the compressibility of the fluid. The difference 
_ between curves a and b which occurs initially is due to a slight 
- inconsistency in initial conditions, but that occurring in the re- 

gion of retarded flow is an actual difference owing to the two 
methods of calculations and this latter effect is not confirmed 
experimentally. 

The values of the lower critical Reynolds numbers for predic- 
tions for the high and low-speed runs are indicated by c and d, 
respectively, and as usual, these occur before the actual transi- 
tion. Curves a and b terminate at the predicted separation 
points and though in that region there is disagreement with ex- 
periment, their relative positions correspond quite closely to the 
transition points and lead to the possibility that transition oc- 
curred through laminar-flow separation. 

Fig. 6 shows a final aspect of such flows, obtained through a 
change in position of the blisters. Predictions are again included 
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(Initial velocities are almost the’same for the three runs, and velocity distri- 
butions are shown in their actual positions with reference to the plate. 
Heat-transfer results are shifted to right the distances between points of 
maximum velocity, so that only results for Run 94 are in true geometrical 
position. Some points for Runs 92 and 73 are therefore not shown. Curve 
a is the same as in Fig. 2 and curve b is the prediction for Run 94. Factors 
by which the ordinate can be multiplied to obtain local heat-transfer coeffi- 

cient are for Run 73, 11.8: for Run 92, 11.2; for Run 94, 11.2.) 


to demonstrate in a different situation the rather satisfactory — 


agreement with experiment. 


CoNCLUSIONS 


The results for laminar flow presented here are additional to 
other results currently available for conditions of variable free-_ 


stream velocity; these new results are unique in attaining values | 


of the form parameter considerably higher than heretofore ob-— 
tained. Conventional methods of laminar-flow 
modified to account for the high values of the form parameter, ap- _ 
pear to predict the flow satisfactorily. 
hydrodynamic prediction with an approximate solution of the 
energy equation provides a specification of heat-transfer coeffi- 
cients in good agreement with experiment, and invites compari- 
son with other methods of prediction. 
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Discussion 


K. R. Cramer.* The method employed in the paper for the 
approximate solution of the momentum equation is essentially the 
method proposed by Walz.‘ The values of r and s, proposed by 


prediction, 


by H. Schuh, Royal | 


Combination of this 


Walz, are somewhat different, however, as seen in Table 1 of this _ 


discussion, 


Various VALUES OF r AND 8 


Seban Walz 
5.12 

0.44 

5.32 

0.44 


TABLE 1 


hte 


r 
r 
8 


<0 


Thwaites 


3 Aeronautical Research Engineer, Aeronautical Research Labora- 
tory, Wright Air Development Center, Wright-Patterson Air Force 
Base, Ohio. 

4“Ein neuer Ansatz fair das Geschwindkeitsprofil der laminaren 
Reibungsschicht,”” by A. Walz, Lilienthal-Gesellschaft fir Luftfahrt- 
forschung, LG-141, 1941. 
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Since both methods employ Hartree velocity profiles, the dif- 
ference in these values must be attributed to the manner in which 
the linear approximations of the F(x) curve (the right-hand side 
of Karman’s momentum equation versus x = 6*U’/v) were 
chosen. 

The author’s solution is not the method of Thwaites,§ as inti- 
mated by the author, since Thwaites did not explicitly assume 
any velocity profile. Thwaites, however, approximated several 
velocity profiles, by a single linear function resulting in the values 
listed in Table 1. 

Since Hartree velocity profiles are not adequately sensitive to 
variable pressure gradients,* Thwaites’ method probably would 
have produced a better comparison with Seban’s experimental 
results in the adverse pressure-gradient region. 

AvurHor’s CLOosURE 

Mr. Cramer’s correction is appropriate in that the calculation 
method here used for the hydrodynamic characteristics is es- 
sentially that of Walz. If Thwaites’ method is applied specifi- 
cally, then the major departure in the predictions might be ex- 
pected in the region of decelerating flow, and there Thwaites’ 
method yields momentum thicknesses which are about 20 per 
cent larger than those found through the method of the paper, 
friction coefficients that are about the same, and an indicated 
separation point at about the same location. For the small 


5 Reference (5) of Bibliography of paper. 
*“*Pohlhausen-Type, Laminar, Incompressible Boundary Layer 
Solutions,’’ by K. R. Cramer, WADC TR 56-569, December, 1956. 
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adverse pressure gradient that existed in these experiments, 
both methods give similar results, though this agreement is not 
expected in all cases. 

For the prediction of the beat transfer, the present calculation 
method depends completely on the temperature profiles of the 
exact solutions based on the Hartree profiles, so that it is not 
feasible to make a combination with a hydrodynamic prediction 
independent of these velocity profiles, at least without the 
introduction of further arbitrary assumptions. 

While the evidence presented in the paper regarding the 
hydrodynamic behavior in the region of decelerated flow is too 
limited for a definitive judgment, it does appear that the in- 
creasing departure of the predicted from the experimental heat 
transfer in that region is due more to a defect in the solution of 
the energy equation than to errors in the hydrodynamic predic- 
tion. In this regard it is significant to note that the method of 
Lighthill, suitably modified,’ serves to predict better the heat 
transfer coefficients in the region of decelerating flow, though 
there the correction to the basic method almost completely de- 
termines the result. This method depends more directly on the 
shear at the wall, and the results would be expected to be about 
the same for either the hydrodynamic prediction of Thwaites or 
that given in the paper. 


™ “Forced Convection Through a Laminar Boundary Layer Over 
an Arbitrary Surface With an Arbitrary Temperature Variation,”’ by 
M. Tribus and J. Klein, Journal of the Aeronautical Sciences, vol. 
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The heat-transfer performance of water in a vertical 
tube closed at the bottom, with a length-radius ratio of 21 
was experimentally determined for the case of uniform 

heat flux. The average performance was found to agree 
with the uniform wall-temperature results of Martin. | . Rempetbes 
This suggests that the uniform wall-temperature results nae wht 
of Martin for other fluids and other length-radius ratios Top TT 
may be utilized to predict the average performance for the Investigation of the free-convection, heat-transfer performance _ 
uniform heat-flux boundary conditions. in a vertical tube closed at the bottom is suggested by several e. 
current applications, Cooling of turbine blades by circulationofa 


INTRODUCTION 


FES, Socrery or MECHANICAL ENGINEERS. 


Dimensionless Groups 


Nu’, avg = average Nusselt number, gr/(ty.. — )avek 


NOMENCLATURE 


The following nomenclature is used in the paper 


= specific heat at constant pressure, Btu/lb deg F 
= gravitational acceleration, ft/sec* 

= heat-transfer coefficient, Btu/sq ft hr deg F 

= thermal conductivity, Btu/ft hr deg F 

total height of tube, ft 

wall heat flux at inner surface, Btu/sq ft hr 
radius of tube, ft 

temperature, deg F 

mean fluid velocity, fps 

vertical distance from bottom of tube, ft 
coefficient of volumetric expansion, 1/deg Rankine 8 
kinematic viscosity, sq ft/sec 
dynamic viscosity, lb sec/sq ft 


Cy 
g 
h 
k 

L 
q 
r 

t 
u 
z 
8 
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Gr, = local Grashof number gS(t,,.. — t.:..)2°/v? 
Gr,* = modified local Grashof number gSgzr‘/v*k, equivalent 
to Gr,Nu, 
Gr,’ = Grashof number, gA(t,.. — .:,,)r3/v" 
Gr’, avg = average Grashof number, g8(t,.. — 
= local Nusselt number, gz/(t,.. — 
= Nusselt number, gr/(t,.. — 


Subscripts and Superscripts 
avg = average over tube ruses 


cl = fluid center line 


it = inside surface of tube 
r = based on the linear iets r 


f = fluid big, 
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coolant in hollow passages interior to the blade is currently receiv- 
ing much interest. The cooling of nuclear-reactor passages may 
depend on free-convection heat transfer in the event of pumping 
failure. The unique features of such a configuration are that 
some type of counterflow exists within the tube, the fluid forming 
its own patterns for each flow direction, with the wall exerting a 
confining effect on the flow. 

Previous work has been reported for this case by Eckert (1),‘ 
Ellerbrock (2), Foster (3), Hahnemann (4), Lighthill (5), Martin — 
and Cohen (6), and Martin (7). The major efforts, both analyti- 
cal and experimental, have been devoted to the uniform wall- 
temperature boundary condition. Using the integral equations 
of energy and momentum, Lighthill (5) presented an analysis for 
the constant-wall-temperature case, predicting three laminar- 
flow regimes, and correspondingly three turbulent-flow regimes. 
These regimes, he termed as boundary-layer flow, nonsimilarity 
flow, and similarity flow. For laminar flow at sufficiently high 
values of the Grashof-Prandtl product (i.e., the Rayleigh num- 
ber), Lighthill predicted the flow would be of the boundary-layer 
type with the cold fluid moving down the center of the tube 
while the hotter fluid at the wall would rise forming a well-defined 
boundary layer. 

In this region the performance is essentially equivalent to that 
for a vertical plate in an infinite environment. As the Rayleigh 
number is decreased, holding the tube geometry constant, the 
boundary layer and the core flow interact giving rise to the second 
flow regime which Lighthill designates as nonsimilarity impeded 


flow since the velocity and temperature profiles are not affine 


along the tube length; here the heat-transfer performance is 
lower than in the boundary-layer flow regime. At even lower 
values of the Rayleigh numbers, Lighthill predicts a further de- 
crease in the heat transfer, with the velocity and temperature of 
profiles finally becoming similar at each cross section. A further 
decrease in the Rayleigh value results in a stagnant region at the 


bottom of the tube. In the case of turbulent flow, Lighthill in- _ 


dicated that essentially the same types of flow regimes would 
occur as described for the laminar case. 

In 1955, Martin (6) reported an extensive investigation with — 
the vertical tube at constant wall temperature covering a wide 
range of length-radius ratio and Prandtl numbers. Although his 
results agreed with Lighthill’s analysis on many points, they cast 
doubt on several of Lighthill’s predictions, particularly with re- — 


4 Numbers in parentheses refer to the Bibliography at the end of 
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gard to the onset and persistence of the boundary-layer flow re- 
gime. At values of the Rayleigh number greater than 105 where 
Lighthill predicted boundary-layer flow, Martin found a reduced- 
performance regime which he called fully mixed flow. Martin also 
reports that length-radius ratio and Prandtl number play a 
significant role in determining the transition from an impeded 
flow to either a boundary-layer flow or a fully mixed flow and also 
affect the level of performance in all regimes. Earlier, Martin 
and Cohen (6) had reported observing an interesting oscillation of 
fluid temperatures and performances near the predicted transition 
from nonsimilarity flow to a boundary-layer regime. This was 
interpreted as a periodic build-up and decay of the new boundary 
layer. 

Foster (3), in a PhD thesis at tae University of Delaware, pre- 
sents results for the constant-wall-temperature case. Using water 
and oil with several different length-radius ratios he obtained 
slightly higher values than reported by Martin. Eckert and 
Diaguila (1) present constant-wall-temperature results for air but 
their method of presentation does not lend itself to direct compari- 
son with the other investigators. 

Hahnemann (4) reports heat-transfer coefficients for a some- 
what different geometry consisting of a single cylindrical tube 
heated along the major portion of the length and cooled by copper 
coils placed around the circumference near the top. Ellerbrock 
(2) has indicated the actual heat-transfer performance on a rotat- 
ing turbine blade. 

Since the practical applications of the free-convection tube will 
probably involve a boundary condition somewhere between a uni- 
form wall temperature and uniform heat flux, the investigation 
herein reported was performed with uniform heat flux as a 
boundary condition. In this way the actual performance may be 
bracketed by the extreme ideal cases. The present study does 
not completely simulate the turbine blade-cooling application, for 
it imposes uniform gravitational force at all longitudinal positions 
while, in the turbine blade, this force will vary with the radius. 
In addition, a rotating turbine blade, even though its length may 
be small compared with the radius of the root, will experience 
Coriolis forces which will alter the flow patterns inside the blade. 
Although it is felt that some measure of the heat-transfer per- 
formance in such a system is obtained with this relatively simple 
equipment, additional testing on a rotating system is required to 
completely justify such application. “i 


APPARATUS 


The vertical tube constructed for the experiment, shown in 
Fig. 1, was machined of mild steel. Dimensions of the tube are 
21'/,-in. length, 2.000-in. ID, and 2.500-in. OD. The tube was 
machined to tolerance of +0.002 in. for diameter and +0.005 in. 
concentricity of diameters. A reservoir of 6-in. depth and 6-in. 
diam was welded to the upper end of the tube and a !/,-in-thick 
plug inserted in the base to close the bottom. The base plug 
fitted into the bottom of the tube to a distance of '/, in., making 
the effective length of the tube 21 in. from the upper side of the 
base plug to the bottom level of the reservoir base plate. A heat 
sink was provided in the reservoir in the form of a spirally bent 
cooling coil of 1/,-in. tubing, 14-in. unbent length and 2-in. coil 
diam. 

At 12 axial positions along the tube, longitudinal slots of 4/s-in. 
width, '/s-in. depth, and 1-in. length were milled in the tube wall, 
allowing for insertion of 18 thermocouples and leads in a region of 
moderate temperature gradient to minimize conduction errors. 
Mild-steel plugs of identical dimensions were inserted over the 
thermocouple installation in order to maintain uniformity of the 
wall. Nichrome heating wire in Fiberglas insulation was then 
? wound around the outside of the tube, tightly wound and spaced, 

in 6 sections each 3.5 in. long. Molded segments of Johns-Man- 
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ville 85 per cent magnesia insulation 1 in. thick, were then laid 
over the tube and tightened with wire loops around the outside of 
the segments. The outer insulation was applied in four longi- 
tudinal segments to allow the heater and thermocouple wires to 
lead out radially. 

The thermocouple probe utilized for the measurement of fluid 
temperatures was constructed of '/;-in-diam stainless-steel tubing 
with three thermocouple leads pulled through the entire length of 
the tubing. A spring-steel arm was welded to the base of the tub- 
ing to form a support for the three measuring junctions, located 
at 0, 0.45, and 0.9 in. radii and extending */;, in. below the arm. 
Polyethylene plastic coating was applied to the arm and tubing 
end to prevent shorting of the thermocouple leads. Control of 
the vertical position of the probe was achieved by mounting 
vertical rods on the reservoir top and constructing a movable 
cross arm to which the top of the probe tubing was attached. 
Calibrated No. 30 gage iron-constantan thermocouples were used 
throughout. Power input to the wall heater was measured by a 
wattmeter and controlled by a 7.5-kva variable autotransformer 
operating on a 220-volt supply. Thermocouple emf was measured 
by a Leeds and Northrup 8662 portable potentiometer. Indica- 
tions of time-varying temperatures were read on a Leeds and 
Northrup Speedomax single-pen recorder. 


EXPERIMENTAL PROCEDURE 


Prior to the free-convection experiment=, the completely in- 
strumented test section was subjected to a forced-convection test 
program to validate the test procedure and instrumentation. 
This was accomplished by connecting a 36-in. length of the 2-in- 
ID, 2'/:-in-OD machined tube into a high-capacity water system 
with facilities for measuring directly the flow rates by using weigh- 
ing tanks. The 21-in. central portion of the tube was equipped 
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a with thermocouples, heaters, and insulation as described under 
Apparatus. Flow rate, heat input, water temperature, and wal! 
temperatures were measured in runs at Reynolds numbers from 
oe 2 d 79,000 to 348,000. Heat-transfer coefficients and Nusselt num- 
bers were calculated and compared with this conventional turbu- 


lent-flow relationship (8) ow: 
Nu = 0.023 Res 


is This comparison is shown in Fig. 2, and illustrates that the proce- 


; < dure and testing equipment were satisfactory. On completion 

of these tests the central 2l-in. section was machined from the 

outer portions and assembled, without alterations, in the free- 
convection apparatus shown in Fig. 1. 
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The free-convection program using water as the working fluid 
included 16 runs. The water level was set at 1 in. below the reser- 
_ voir cover which was left unsealed to prevent pressurization of the 
chamber. Wall-heater coils were connected in parallel to give 
equal power to each heater, thereby approximating uniform wall- 
heat flux. Power input to the wall heaters was set at the desired 
value and cooling-water flow in the reservoir coil was varied to 
adjust the equilibrium temperature level of the fiuid. When 
-_ - semi-equilibrium had been reached, usually after three hr of 
Operation, the base-guard heater power was adjusted to match 
_ the thermocouple reading in the base-heater plate with that of the 
 tube-base plug, thereby approximating an adiabatic condition at 
the tube-base plug. Satisfactory equilibrium required up to six 
hr of operation, after which readings of power input and thermo- 
couple emf in the wall and fluid were taken over a period of 1 hr. 
Owing to the inherently fluctuating flow conditions in the tube, 
this equilibrium was never complete, and all wall and fluid read- 
ings used for analysis were time-averaged data. Readings of 
fluid temperature were taken at 1-in. intervals from the upper 
end to the lower end of the tube. On several representative runs 
the fluid center line thermocouple was connected to a Speedomax 
recorder and a record made of fluid-temperature fluctuations at 
various levels. The power input and reservoir-fluid temperatures 

_ were varied to give a test range of 1058 < (Gr,’Pr) < 107-*. 
= Heat losses were checked by filling the tube and reservoir with 
7 gamete cork to minimize internal heat flow after which a 
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typical wall-temperature profile was simulated by varying the 
power to the six separate wall heaters. Power input, now con- 
sidered as loss to the exterior, was measured when equilibrium _ 
was achieved. Results of this check are shown in Fig. 3. It is 
noted that the upper heater, near z/Z = 1, being immediately 
adjacent to the cooled reservoir, lost 18.6 per cent of its input 
power. Owing to this end effect, the experimental data in this 
region are somewhat questionable. 


REsvULTs OF FREE-CONVECTION EXPERIMENTS 


The major objective in the experimental program was deter- 
mination of the heat-transfer performance in the vertical tube. 
Such results may be reported conveniently in terms of a heat- 
transfer coefficient or dimensionless Nusselt number. The local 
heat-transfer coefficient h is defined by the following relationship 


The measurement of the local heat input, the local center-line 
fluid temperature, and the local wall temperature at the thermo- 
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couple position in the wall allows the calculation of h from the 


expression 
h 1 


Representative wall and fluid center-line temperatures are 
shown in Fig. 4. A temperature drop is indicated at each extreme 
due to end losses to the reservoir and base. Because of these 
losses, local data for these end regions are neglected. As men- 
tioned in Experimental Procedure, the measured fluid tempera- 
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tures were not constant but fluctuated with time in a manner in- 
dicated in Fig. 5. The scale of the fluctuations was always great- 
est in the vicinity of the mouth of the tube at z = L, decreasing 
in magnitude as one moves down into the tube until at z/L = 
0.4 for the representative run shown in Fig. 5, the fluctuations have 
essentially ceased. Such temperature fluctuations have been re- 
ported by other investigators in similar enclosed free-convection 
systems (1, 9) and are consistent with the flow-visualization 
study reported by Eckert and Diaguila (1) for air. They found 
that smoke remained for some time near the base of the tube but 

rapidly dissipated in the upper regions of the tube. 
The distribution of the local heat-transfer coefficient h is 
shown in Fig. 6 for a typical run. Here it is seen that the local 
heat-transfer coefficient is highest at the top of 
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the tube where the large temperature fluctua- 
tions were encountered. For interest, the 


TYPICAL RUNS : 


heat-transfer coefficient h’, based on the dif- 


ference between the local wall temperature 
and the fluid center line at the mouth of the 


tube, t,.. — ¢,:,z, is also presented and shows 
the same trend as h. The coefficient A 


demonstrates more scatter than h’ and this 
is to be expected owing to the uneven be- 


havior of the local center-line temperatures. 


As pointed out by Sparrow and Gregg 
(10), the modified Grashof number, g8gz*/v*k, 


replaces the conventional Grashof number 
for the case of constant heat rate. Such a 


representation is shown in Fig. 7 where the 


local Nusselt number is plotted against the 
modified Grashof-Prandtl product, Gr,*Pr. 


In all cases, the physical properties were 
evaluated at the wall temperature. Below a 


value of Gr,*Pr of 10"-4, the data fall on a 
single curve. In this region it is seen that the 
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experimental results agree with the value pre- 
dicted by Sparrow and Gregg (10) for a 
vertical flat plate with uniform heat input. 
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Above this “critical’’ Gr,*Pr number the results diverge depend- 
ing on the average v alue of the parameter Gr,’Pr. This be- 
- havior is related to the temperature fluctuations discussed 

earlier, since a larger value of the parameter (Gr,’Pr) generally 
resulted in the fluctuations penetrating deeper into the tube as 

_ shown in Fig. 8. When the fluctuating behavior was encoun- 
tered, the results then diverged from the common curve, but in a 

_ systematic manner related to the (Gr,’Pr)avg parameter. 

The most significant results are shown in Fig. 9, where the 

- average Nusselt number is shown as a function of the average 

ey vy alue of the Grashof-Prandtl product. The analytical results of 
| ighthill (5) and the experimental results of Martin (7), Foster 
(3), and Hahnemann (4) are also shown. The most extensive 

_ constant-wall- -temperature investigation has been that of Martin 
who covered a wide range of Prandtl numbers and length-diameter 
ratios. The constant-wall-temperature data of Foster exhibit 

- considerably more scatter and are somewhat higher than those of 


Pr=2. 
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Martin. The constant heat-rate results of Hahnemann are con- 
siderably lower than those of the investigators mentioned; how- 
ever, as mentioned in the introduction, his test apparatus is not 
similar, and Hahnemann himself comments that the geometry he 
selected would inhibit the circulation of the fluid’ and would per- 
haps decrease the heat-transfer performance. Such a prediction 
is borne out by the present results which are considerably higher 
than those of Hahnemann, but significantly the present constant- 
heat-flux data agree with the constant-wall-temperature result of 
Martin. Such agreement perhaps could be anticipated from the 
results of Sparrow and Gregg (10) for free convection from a flat 
plate, wherein it is demonstrated that for fluids of Prandtl value 
greater than 0.1 the heat-transfer performance is essentially the 
same for the two boundary conditions. Such a result also was 
found analytically by Seban and Shimazaki (11) for forced con- 
vection in a circular tube. The present data suggest that this 
same conclusion is valid for free convection inside a vertical tube __ 
closed at the bottom. Consequently, the constant-wall-tempera- _ 
ture results of Martin for other fluids (Pr > 0.1) and for other 
length-radius ratios can be applied immediately to the constant- 
heat-flux case. 


CONCLUSIONS 


For fluids other than liquid metals, the average heat-transfer 
performance in a vertical tube closed at the bottom is equivalent 
for the cases of uniform wall temperature and uniform heat-flux 
boundary conditions. 
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T. C. Min‘ ann L. F. Scuurrum.? The authors are to be con- 
gratulated on a paper containing a wealth of experimental] data 
and many fine correlations. Their finding, that for fluids other 
than liquid metals the average heat-transfer performance in a 
vertical tube closed at the bottom is equivalent for the cases of 
constant wall temperature and constant heat flux boundary 
conditions, is a very useful addition to the knowledge of free con- 
vection heat transfer. 

During the course of our panel heating and cooling studies,* 
we have compared our data with that of Siegel and Norris® and 
found that such an agreement was also indicated for vertical 
surfaces. That is, the free convection heat-transfer performance 
on a vertical surface is essentially the same for the uniform sur- 
face temperature and uniform surface heat flux conditions as 
shown in Fig. 10. 

There were also a few minor points which are not clear to the 
readers. 

(1) Would the authors care to explain what the circle sym- 
bols stand for in Fig. 7? 

(2) In most convection correlations, the physical properties 
are commonly taken at the mean temperature of the surface and 
bulk fluid. The authors stated their correlations were based on 
the property values evaluated at the wall temperature. Is there 
any reason for it? 

(3) Can the authors furnish an equation for their data in 
Fig. 9? 


6 Research Engineer, ASHAE Research Laboratory, Cleveland 
Ohio. Assoc. Mem. ASME. 

7 Research Supervisor, ASHAE Research Laboratory, Cleveland, 
Ohio. 

8 ‘Natural Convection and Radiation in a Panel Heated Room,” 
by T. C. Min, L. F. Schutrum, G. V. Parmelee, and J. D. Vouris, 
Transactions, American Society of Heating and Air-Conditioning 
Engineers, vol. 62, 1956, pp. 337-358. 

* “Tests of Free Convection in a Partially Enclosed Space Between 
Two Heated Vertical Plates,” by Robert Siegel and R. H. Norris, 
Trans. ASME, vol. 79, p. 663. 
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TRANSACTIONS OF THE ASME 


E. M. Sparrow.” The authors are to be complimented on a 
carefully performed experiment and on an unusually clear pres- 
entation of their research. They appear to have settled con- 
clusively the relationship between the heat-transfer results for 
uniform wall temperature and uniform heat flux for the con- 
figuration in question. Another investigation lending support 
to the findings of this paper is that of Siegel (GE Report 54GL89), 
who demonstrated analytically a close agreement between the 
results for these boundary conditions for turbulent free convec- 
tion on a vertical plate. 

Of considerable interest to the writer are the patterns of fluid 
flow within the tube (e.g., cell structure, if any). There is no 
mention of flow patterns in the paper, and it would be appreciated 
if the authors could provide some information or, at least, give 
their opinions on this subject. Possibly the presentation of 
temperature profiles (measured with the three-junction probe 
described in the paper) at various heights along the tube would 
provide some insight. In the absence of other data, the curves 
of Fig. 4 for the wall and center-line temperatures appear to be a 
good starting place for a discussion of flow patterns. From these, 
would the authors care to propose a flow pattern? 

Was there any evidence of a quiescent region at the base of the 
tube? 

A further point with regard to Fig. 4 is whether these curves are 
typical of all runs. In particular, for those runs whose data all 
agreed with laminar flat-plate theory, were the temperature 
curves different from those of Fig. 4? 


Myron Trisus'"! anp Novak Zuser.'? It appears from Fig. 5 
of the paper that the instability encountered in this free-convec- 
tion system is a wave motion which is damped as one proceeds 
down the tube toward the bottom. It is known from general 
theory of stability in thermal systems that the product Gr Pr 
as used in Fig. 7 is a parameter for stability problems (often 
called the Rayleigh number) and therefore it is not surprising 
that this parameter takes on a critical value when the instability 
occurs. 

There is probably a close connection between the results ob- 
tained in this paper and the discussion contained in a paper by 
Chang." 


Autuors’ CLOSURE 


In answer to the questions of Dr. Sparrow concerning the flow 
pattern within the tube, no direct observations were possible with 
the present apparatus. Such flow visualization studies using a 
transparent test section are planned in the near future. 

The time-averaged values of the measured fluid temperatures 
at any axial position showed no variation with radial position 
thereby indicating that effective lateral mixing is occurring in the 
tube. This was true even near the base of the tube although in 
this region no fluctuations of the temperature with time were 
found. 

None of the test runs yielded experimental values in complete 
agreement with laminar flat plate theory over the entire tube 
length. Rather, the data gbtained in the lower regions of the 
tube generally agreed with the laminar flat plate theory, while in 
the upper regions of the tube the experimental values are higher. 

With respect to the comments of Dr. Tribus and Mr. Zuber, 
the authors agree that the present problem is one of thermal in- 


” NACA, Lewis Flight Propulsion Laboratory, Cleveland, Ohio. 

ll Associate Professor, Department of Engineering, University of 
California, Los Angeles, Calif. Mem. ASME. 

12 Department of Engineering, University of California, Los Angeles, 
Calif. 

13*A Theoretical Analysis of Heat Transfer in Natural Convection 
and in Boiling,’’ by Yan Po Chang, published in this issue, pp. 
1501-1513. 
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_ stability and accordingly the Rayleigh number is expected to be a 
_ dominant parameter. However, a stability analysis of the present 
_ system using the approach advocated by Yan Po Chang rep- 
resents a formidable problem. The authors leave such an analy- 
sis to Messrs. Tribus and Zuber who are involved in the study of 
stability and trust that their continued work in this field can 
lend further insight into the difficult but interesting problem 
: treated in the present paper. 
: In answer to the questions of Min and Schutrum regarding 
Fig. 7, all the experimental data were originally designated with 
the circle symbols. A tre end with the parameter (Gr,’ 


prea aa 


way 


Paw. 


Pr) was 


1557 

noted, however, and a few of the runs were given a special desig- 
nation to demonstrate the trend. If all the runs were so des- 
ignated, the figure would be overly crowded. In answer to the 


second question, the physical properties were based on the wall — 
temperature to allow a direct comparison with the results of — 


Martin, who treated the constant wall temperature case. For 
the enclosed tube the mean bulk temperature will generally not 
be known thereby giving further justification to the use of the 
wall temperature for the evolution of properties. Finally, no 
attempt was made to develop an equation for the experimental 


data. 
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Heat-Transter and Flow-Friction 


= p 

Characteristics of Woven-Screen 


ae 


By L. S. TONG! ano A. L. LONDON? 


Woven-screen or crossed-rod types of matrixes may be of 
interest as fuel-element geometries for certain types of 
nuclear reactors as well as in many other heat-transfer and 
mass-transfer systems. Basic heat-transfer and flow- 
friction design data for these geometries are presented 
graphically, in nondimensional form, for a range of 
Reynolds numbers from 5 to 100,000 and matrix porosities 
from 0.60 to 0.83. Algebraic equations which adequately 
represent these data are also given and these may be used 
for interpolation and, at least tentatively, for a limited 
extrapolation beyond the range of porosities covered in this 
program. 


+ 
NOMENCLATURE 


The following nomenclature is used in the paper: 


A = heat-transfer area, sq ft 

matrix average flow area, Afiow = pA frontal, 8q ft 

matrix frontal area, sq ft 

specific heat at constant pressure, Btu/(Ib deg F) 

thermal capacity of copper cylinder, Btu/deg F 

diameter of rod or wire, in., ft 

base of natural logarithms, 2.718. . . 

factor defined in Equation [14] 

reciprocal of proportionality factor in Newton’s 
second law, 32.2 (lb/#)(ft/sec?) 

average mass velocity in matrix, based on Afiow, 
Ib/(hr sq ft) 

= maximum mass velocity in matrix, based on minimum 
free-flow area, 7A frontal, lb/(hr sq ft) 

unit conductance for thermal-convection heat trans- 
fer, Btu/(hr sq ft deg F) 

unit thermal conductivity, Btu/(hr sq ft deg F/ft) 

length of matrix in the flow direction, ft 

porosity of matrix, (vol of voids)/(vol of matrix) 


pressure, #/sq ft, or in. H,O 


Anow = 


A frontal 


pressure differential, #/sq ft, or in. H,O 
hydraulic radius, Equations [1] and [4], ft 
mass-flow rate, Ib/hr 


vive we 
| 


7 heat-transfer area per unit volume of matrix, Equa- 
tion [3], ft-* 
@ time, hr; and angle of inclination 
= viscosity, Ib/(hr ft) 
=m ensity, lb/cu 
p ass density, Ib/cu ft ‘en 
1 Westinghouse Electric Corporation, Commercial Atomic Power 


Pittsburgh, Pa. 

? Professor of Mechanical 
Stanford, Calif. Mem. ASME. 

Contributed by the Heat Transfer Division and presented at a 
joint session with the Gas Turbine Power Division at the Annual 
Meeting, New York, N. Y., November 25-30, 1956, of Taz Amenri- 
can Society OF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, August 1, 
1956. Paper No. 56—A-124. 


Engineering, Stanford University, 


o = ratio of minimum free-flow to frontal area (= frac- 
tional opening in Table 1), dimensionless 
Tt = wall-friction drag force per unit of wall surface, psf 
6 = screen thickness, 6 = 2dz,, in., ft 
f = Fanning friction factor Y= 
Cp = drag coefficient per screen 
Ne; = Prandtl number, = pc,/k 
Nr = Reynolds number for tubelike flow or interior flow, 
Nr = 4nG/u 
modified Reynolds number, Nr’ = [(1 — Fp)/Fp) Nr 
Reynolds number for flow over a body, or exterior flow, 
= dGmax/u 
Ns: = Stanton number, Ns = h/Gc, 
longitudinal pitch, ratio of longitudinal spacing to 
wire or rod diameter 
transverse pitch, ratio of transverse spacing to wire or 
rod diameter 
The symbol # denotes pounds force in distinction to lb for 
pounds mass. 
= denotes defining equation 
INTRODUCTION 


Matrixes of the woven-screen, crossed-rod, or spl ere-b 


may prove to be of interest as fuel-element geometries for gas- 
cooled diphenyl-cooled, and nonboiling water reactors. Fine 
structure matrixes offer the advantages of (a) high transfer-area 
densities, sq ft of surface/cu ft of volume; (b) excellent heat- 
transfer coefficients for an acceptable flow-friction power expend- 
ture; (c) reduced thermal stresses within the fuel element; and 
(d) possibly reduced fabrication costs in production quantities. 
Heat-transfer and flow-friction characteristics of these matrixes 
are of interest therefore, for future reactor developments and, 
moreover, for more commonplace applications such as packed 
absorption and extraction columns; and the “periodic-flow”’ re- 
generative heat exchanger, now of interest in automotive gas- 
turbine application (1, 2).* 

A program was started in 1949, under Office of Naval Research 
sponsorship, at Stanford University, with the general objectives 
of investigating porous-body heat-transfer and flow-friction be- 
havior. The initial studies were conducted with woven-wire- 
screen matrixes, as these were capable of fairly clear-cut geo- 
metrical definition and their behavior is also of direct technical 
interest. A sphere-bed matrix also was included because sphere 
beds have served as a “standard’’ for the extensive flow- friction 
investigations of porous media. The results of this program, 
through 1952, are available in references (2, 3, 4). A more recent 
investigation using packed steel wool was reported by Marco and 
Han (5). 

One limitation on these earlier results, from the point of view of 
application to reactor fuel-element design, was that they were 


3 Numbers in parentheses refer to the Bibliography at the end of 
the paper. 
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7 - limited to an Nr range of about 5 to 1000. At the suggestion of Table 1. The dimensions of the nominal 16-mesh, woven- 
the Reactor Engineering Division of Argonne National Labora- screen and its associated crossed-rod-matrix model are shown in 
tory, and with financial support from the Atomic Energy Com- Fig. 1. The model for the nominal 24-mesh woven-screen matrix, 
mission, the Office of Naval Research program at Stanford was described in Table 1, is shown in Fig. 14. For both the screen 
- then directed to increase the Reynolds-number range up to 100,- and model matrixes each “‘screen element” was oriented at 45 
000 for the woven-screen geometry. Consummation of this ob- deg with its neighbor so as to simulate a “random stacking’”’ in 
jective necessitated a completely new experimental technique and contrast to a “regular stacking,’ where all the rod elements, for 
test setup. The fine woven screens ranging from 5 to 60 mesh instance, would be either parallel or at right angles with each 
te with wire diameters from 7.6 to 41 mils were “modeled” by other. 
crossed-rod matrixes composed of 0.375-in-diam rods. This in- Geometrical Parameters. The geometrical parameters used in 


 erease in geometrical scale, supplemented by increased air-mass the description of either a woven-screen or a crossed-rod matrix 
velocities, provided the desired 100-fold increase in Nr. are the porosity p, the flow hydraulic radius r,, the rod or wire 
Because the weaving effect of the screens was not duplicated diameter d, the transverse pitch z,, the longitudinal pitch z,, the 
with the crossed-rod matrixes, departures from complete geo- minimum flow-area ratio o, and the heat-transfer area density a. 

aa _ metrical similarity resulted. Either porosity p or transverse The general definition of the hydraulic radius is 
pitch z, could be duplicated, but not both. The decision was to 
el porosity; and as a consequence, small corrections were 


r, 


applied to the crossed-rod-matrix data to estimate the desired If one now defines an average flow area, distinct from the mini- 
-woven-screen behavior at the high Reynolds numbers. How- mum flow area, as 


ever, heat-transfer and flow-friction behavior of the crossed-rod ‘ 
matrixes are also of technical interest. Consequently, the ob- Attow = p Atrontal 
jectives of this paper are to report the behavior of both the 
- woven-sereen and the crossed-rod matrixes in the Nx ranges from 
8 to 100,000, and 300 to 100,000, respectively. Additionally, it a & A/l Atrecte! 
is proposed to describe briefly the different test techniques used 
to achieve the low and the high Nr test ranges. tics 
This paper constitutes a summary and condensation of refer- radius is 
(11). 


since by definition 


the resulting working expression for evaluating the hydraulic 


RESULTS It is to be noted that both p and @ can be measured or specified 
The crossed-rod and woven-screen matrixes are described in without ambiguity. 


TABLE 1 SPECIFICATIONS FOR LARGE-SCALE AND ScrEEN MATRIXES 


Model Screen| Model Screen | Model Screen | Model Screen .| Model Screen 
matrix matrix/| matrix matrix | matrix matrix | matrix matrix (matrix matrix 
I 5x5 II 10x10} III 16x16| IV 2h x 2h 60 x 60 


p, Porosity 0.832. 0.832 | 0.817 0.817 | 0.766 0.766 | 0.725 0.725 0.675 


d, in. 0.375 0.041 | 0.375 0.02h5 | 0.375 0.0175 | 0.375 0.0135 0.0076 
Actual Dia. 


Screen 0.750 0.0790| 0.750 0.0530 | 0.750 0.0335 | 0.750 0.0255 0.0170 
Thickness, 6, in, 


107? tt | 38.69 | 2.32 | 25.57 1.23 | 20.60 0.710 
x, = &/2d 1.0 0.96 | 1.0 1.08 1.0 0.96 1.0 0.933 
x 4.675 4.80 | b.292 | 3.356 3.52 | 2.856 3.07 
a, 382 62h 980 


fractional 0.568 0.513 0.156 
opening 
6, degrees 15h 19.3 
wire obliquity 


length of 
capacitor, in. 


C/A 2 
Btu/(ft~ F) 


Orientation of Model Matrix Assemblies 
Nos. 1, 11, Ill: -20°, 70°, ~65°, 25°, 90°, -u5°, 12-row matrices 
IV, ¥, VI: -20°, 70°, -65°, 25°, 15°, 0, 90°, lS” io-row mtrices 


Location of Capacitor: Ninth-row for Models I, II, III and seventh-row for Models IV, V, VI. 


as 1559 
| 
4 
2) 
Model Screen 
‘ vI 60 x 60 
Wai 
| 2323 11.82 0.332 
1.0 12 1.35 
2.417 2.22 1.97) 1.65 
41.6 2090 50.9 1820 
0.302 | 0.243 0.155 
P| 0.391 - 0.391 - 0.396 - 0.396 - 0.395 - 0.395 - a 


p *0.766 


er 


have z ether | greater or less than unit 


Fie. 2 (right) 


Y, 


d;"d/cos 


See Table 1. 
respectively.) 


Fiow-Friction Factor ReYNoLpDs-NUMBER 


3.356 
p 0.766 


bed 


Fic. 1 Geometry or WoveN-SCREEN AND Crossep-Rop MATRIXES 
tneastene are for nominal 16-mesh-screen matrix and corresponding 
Note that woven-screen matrixes may 
as a result of crimping or flattening 


Ratios ror Crossep-Rop MatTrRixes 


sOnsinate differences, for a woven-wire matrix and its corresponding model, 
indicate the relative shift involved in converting from the Cp versus NR@) 
correlation to predict the f versus Nr behavior of screens at high Nr shown in 


» 
(r,/8) 


(p/o)® 


{/Cp* 


denotes crossed-rod-model conditions. 


Na/ 


TRANSVERSE PITCH Xt 


, © denotes woven-wire-matrix conditions calculated from Equa- 


tions [13a] and [10a]. 
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© PRESENT MODEL TESTS 
p= 0.817 
COPPAGE’S SCREEN TESTS 


FROM CORRELATING 
EQUATION (14) 


Pr 


2/3 


(h/Ge,) N 


(See Table 1 for details on the geometry.) 


: 4 The sketches of ‘Fig. 1 describe the differences between the together with Equations [7a], [7b], [5], [6] that generally for 
crossed-rod and wire-matrix elements. For the idealized crossed- woven-wire and cross-rod matrixes 
rod geometry shown, the following equations may be derived 
readily from Equations [1] to [4] 


Fic. 4 Woven-Screen-Martrix Cuaracreristics anp f Versus Ng. Porosity p = 0.817. 


= 40/ad 


oe, p =1—7/(42,) and specifically for the crossed-rod-matrix geometry 

cabal The heat-transfer parameter which will be used is the conven- 
tional Stanton number 


Na = (h/Ge,) 


Two flow-friction parameters will be used, the Fanning friction 


Note t Ae porosity is a function of z, only for the crossed-rod factor 


matrix from Equation [5] and similarly for r,/d from Equation 
[7b]. This is not the case for the woven-screen matrix because 
of wire inclination due to weaving. Equations [7a] and [8] apply 
also to the woven-screen matrix. 

Correlating Parameters. Two Reynolds numbers will be used 
for the purpose of correlating the flow-friction and heat-transfer 
characteristics 

Ne 4 4r,G/u and Naw 4 For essentially constant-density flow 
> 
It follows directly from the definitions TA = AP 
W/(pA Equations [lla] and [12a] will then reduce to the more conven- 


tional “hydraulic form” 

Gmax 2 Ww 4 p 29. 
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AP\ | (Gmax*/p* 
Cp = (**) /(=4) [125] 


In Equation [12b]C>p is a drag coefficient, or pressure coefficient, 
for a single screen of thickness 6 = 2dz;. 

It is evident that conversion from one friction parameter to the 
other can be made from the general relationship 


{1 — w/(4z,)]}* 


=" [10b] and [13b] are shown graphically in Fig. 2. 

As mentioned earlier, the small geometrical dissimilarity be- 
tween the woven-screen matrix and the crossed-rod-matrix model 
prompted the selection of porosity as the common parameter. The 
observed behavior of the model was then ‘‘corrected”’ to estimate 
the behavior of the woven-screen matrix. The correction factors 
are described in the following text. 

From the flow sketch in Fig. 1 it is evident that because of wire 
inclination due to weaving, the boundary layer develops over a 
longer flow length than for the crossed-rod element. A simple 
boundary-layer analysis indicates that the crossed-rod element 
would have a higher heat-transfer coefficient at a given mass 
velocity, because of the shorter peripheral flow length for bound- 
ary-layer development. In effect, the boundary-layer Reynolds 
number for the inclined cylinder is greater than for the cylinder 
normal to the flow. is for the same Ng the effective Nr, 
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Fie. 5 Woven-Screen-Marrix CHaracreristics Ng:Np,*/s anp f Versus Nr. Porosity p = 0.766. 
(See Table 1 for details on the geometry.) 


based on r,, for the screen matrix must be less than Nr for the rod 
matrix; and analysis indicated that cos 0 is the factor to apply 


cos 6 Nr (crossed-rods) = Nr (woven-screen) 


This conclusion was confirmed by tests, reported in (11), on a 
single cylinder at various inclinations up to 34 deg. As indicated 
in Table 1, the magnitudes of 6 are such that this adjustment on 
Reynolds number is less than 12 per cent for five of the six 
matrixes and less than 25 per cent for the sixth. Moreover, 
since Ng « Nr~*-** approximately, even the 25 per cent adjust- 
ment has only a 9 per cent influence on Nat. 

With this correction it was found that the low Nr screen heat- 
transfer behavior correlated very well with the high Nr crossed- 
rod test results. 

From aerodynamic consideration, and also from a comparison 
of f/2 versus Na:Np,'/*, the conclusion was reached that form 
drag provides the major contribution to friction, and that skin 
friction is only a minor factor. For this reason a cos @ correction 
is not warranted, as for the case of heat transfer. It was then de- 
termined by trial that the direct test results of Cp versus Nri«, 
with porosity as a third parameter, provided a very good correla- 
tion of the high Nr: crossed-rod-matrix data with the low Nria 
woven-screen-matrix data. Because the model z, did not match 
the woven-screen matrix z,, this correlating procedure, in effect, 
resulted in a relative shift on both the friction-factor ordinate and 
the Reynolds-number abscissa in converting the crossed-rod matrix 
Cp versus Naa to f versus Nr from the woven-screen- 
matrix behavior. The magnitudes of these shifts is indicated in 


Fig. 2 by the ordinate difference between the woven-screen matrix 
of specified porosity and the associated crossed-rod model of the 
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PRESENT MODEL TESTS 


COPPAGE’'S SCREEN TESTS 
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4e80 2 4 680 


PoROSITY p 


(See Table 1 for details on the geometry.) 


‘game porosity, but slightly different z, It may be noted that 

the friction factor and Reynolds-number shifts are generally small 
except for the p = 0.602 matrix where they are quite large. 

_ Heat-Transfer and Flow-Friction Results. In Figs. 3 to 8 are 
presented the test results for six woven-screen matrixes ranging 
in porosity from 83.2 to 60.2 per cent. The correlating factors 
used are, for heat transfer, Ns.Np;'/* versus Nr, and for flow- 
friction, f versus Nr. In each case the lower Nr data points are 

_ from the previously reported results of Coppage (4). The higher 

_ Nr points are corrected from the crossed-rod-matrix model data, 

: as described previously. For heat transfer, the Nx was multiplied 

_ by cos @ to account for wire inclination due to weaving. The fric- 

tion factor f was calculated from the model crossed-rod matrix C p, 

and Equation [13a], using the woven-wire-matrix parameters 
acy (r,, 6, p, and a). There is also involved in this Cp-to-f trans- 

formation a conversion from Nr;4 to Nr, using Equation [10a], 
with the appropriate woven-wire-matrix geometrical parameters. 

— ay The curves representing the heat-transfer behavior (Figs. 3 to 8) 

_ were calculated from the empirical equation 


= 
where Nr’ is a “‘modified’”” Reynolds number as follows 


1 — Fp 
Nr’ = N 
R Fp R 


F = 0.96 for Nr’ > 1800 
F = 1.155 — 0.0601 logis Nr’ for Nr’ < 1800 
bore To facilitate the use of Equation [14], Fig. 10 was prepared, giv- 


; - ing Nr’/Nr = (1 — Fp)/Fp asa function of Nr. 
The six heat-transfer curves from Figs. 3 to 8 and a seventh 


=F 


oe: 


curve also calculated from Equation [14] are summarized in Fig. 
9. This last curve, for a porosity of 0.390, provides a comparison 
with the low Nr sphere matrix data reported by Coppage and 
London (4). The agreement is surprisingly good, but somewhat 
fortuitous, because of the great difference in geometry. More- 
over, Denton’s results (6) for Nr from 530 to 53,000, which can be 
represented by 
= 


while forming quite a reasonable extension of the low Nr sphere 7 : 
data, are some 56 per cent higher than the curve from Equation | 7 vs 
[14] at Nr = 50,000. It is recommended that Equation [14] be 
restricted in application to either screen or crossed-rod matrixes fe 
in the range of porosities of 55 to 85 per cent. Note that the ap- 
plication to randomly stacked crossed-rod matrixes will be 
moderately conservative (by less than 10 per cent) because of the 
inclusion of the case 6 correction factor to account for the weaving 
of the screen matrixes. 
In Fig. 11 are presented the direct test results of Cp versus 
Nr for both the woven-screen and crossed-rod matrixes. The 
generally good agreement between the low Nr,a behavior of the 
screens and the high Nr:a behavior determined from the rod 
matrixes supports the adequacy of this type of correlation. 
An empirical equation for this family of curves was determined 
m 
The adequacy of Equation [15] in representing the experimental 


results is demonstrated in Fig. 13, where the test data in the form 
of 
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Cp? versus 


are graphed. The agreement with the line from Equation [15]; 

namely 3 

¥ 

logo Cp? = 1.33[p*"N rca] 0.33 — 0.54 

is generally within 15 per cent. Also on this graph are the results 

of Romie, et al. (7) for three screen matrixes and these data also 

support the correlation. Application of Equation [15], as for the 

heat-transfer correlation Equation [14], should be restricted to a 
porosity range of.55 to 85 per cent. 

Because of possible interest in crossed-rod geometries for reac- 
tor-fuel elements, Fig. 12 is included. Here the direct test re- 
sults are presented in the form of NsiNVp,"/* and f versus Nr. It 
is recommended that this representation be employed for porosi- 
ties in the range 60 to 83 per cent and for Nr from 500 to 100,000 
in preference to Equations [14] and [15], which were developed 
primarily for the woven-screen-type matrix and therefore include 
the small cos @ correction on heat transfer. 


EXPERIMENTAL METHOD 


The experimental method and the equipment for the low Nr 
characteristics are described in detail by Coppage (3). These 
tests were with the six woven-screen matrixes described in Table 1 
and one sphere matrix, porosity = 0.390, using 0.0818-in. lead 
balls. The friction characteristics were established by conven- 
tional steady-flow, isothermal procedures and the heat transfer by 
a transient technique as follows. 

The matrix, initially at a uniform temperature, is heated with 
the air flow which, at “time zero,” enters at a constant, higher 


temperature. The temperature-time history of the fluid leaving 
the matrix is recorded during this heating process. This heating 
curve is compared to the Anzelius and Schumann analysis of heat 
transfer to an idealized porous body and the convective heat- 
transfer coefficient is established thereby. The comparison with 
the theoretical solution is accomplished by matching the maxi- 
mum slope of the heating curve. The reasons for selecting this 
procedure in lieu of other methods of comparison are discussed 
in reference (3). 

The high Nr characteristics, obtained from tests on crossed- 
rod matrix models of the woven-screen matrixes, were deter- 
mined using the transient technique described by London, Not- 
tage, and Boelter (8) for both heat and mass-transfer investigations 
and, more recently, in its application to tube banks (9) and (10). 

Briefly, the technique consists of determining the time rate of 
cooling of a thermal capacitor of the appropriate geometry im- 
mersed in the air-flow stream. In Fig. 14 the capacitor, con- 
structed of copper with plastic end pieces, is shown as one-rod 
element of the matrix. All the other rods are of plastic. The 
capacitor could be withdrawn and reinserted into the matrix at 
will, without interruption of the air flow. 

Fig. 15 shows the section of duct containing the test matrix 
along with the location of the removable thermal capacitor. With 
the air flow established at a desired rate, the capacitor rod was 
withdrawn from the matrix and heated in a small electric oven 50 
to 60 F above the duct air-flow temperature. The thermal- 
capacitor rod was then reinserted into the test matrix, and its 
temperature-time history, for the slower cooling rates, was de- 
termined with a Brown indicator (25-in. scale; 5-millivolt range; 
1/-sec full-scale response), noting the times with */,-sec stop 
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watches at 1.0, 0.9, 0.8, 0.7, 0.6, and 0.5 millivolts above the 
temperature of the reference junction in the air stream. Thus 
the test cooling range was about 15 F starting from about 30 F 
above the air-flow temperature. For the faster cooling rates a 
Brown Electronik Recorder was used, with a scale setting having 
a sensitivity of 4 microvolts and a full-scale response of better 
than '/2 sec. 

The equation for the temperature of the thermal capacitor 
cooling in an air stream, with a pure convection resistance at the 
surface of (1/hA )hr F/Btu, is 


where the temperatures are referred to an air-stream datum and 
C, the thermal capacity, is obtained from the product of mass and 
specific heat of the copper. For the small cooling range con- 
sidered, the thermocouple emf response is linear with temperature 
so that the minus logarithm of the emf ratio plotted versus time 
yields a straight line of slopehA/C. The convective heat-transfer 
coefficient is calculated from this slope. 

The magnitude of C/A for the thermal capacitor was about 0.40 
Btu/(deg F sq ft)(Table 1). As the range of measured h was from 
3 to 100 Btu/(hr sq ft deg F) the time constant (C/hA) for the 
thermal resistance-capacitor circuit, ranged from 0.133 to 0.004 hr 
(or about 15 sec). From this last magnitude it is clear why a re- 
cording potentiometer was required for the faster cooling runs. 

For the crossed-rod-matrix tests, determinations for f and Cp 
were made from Equations [11b] and [126], since essentially con- 
stant-density flow conditions obtained. Because of the wide flow 
range, it was necessary to measure the pressure drops with either 


compound vertical-and-inclined draft gages, or with a 1-in-range 
micromanometer which had a sensitivity of 0.0002 in. of water. 
The measured pressure drops ranged from 10 in. down to 0.01 in. 
of water. 

As a preliminary check prior to all these tests, pitot-tube 
velocity traverses were made upstream from the test section in 
order to demonstrate uniformity of the approach flow, and also 
provide a check on the orifice flowmeters. After suitable adjust- 
ment of the trim tabs on an egg-crate flow straightener, located 
upstream, +1 per cent uniformity over 96 per cent of the flow sec- 
tion was achieved; and the orifice meter also was checked to 
within 1 per cent. This flow-uniformity check was made at only 
one air rate, but since the flow was induced from the laboratory 
room through a smoothly converging entrance section, and the 
duct Reynolds number was always in excess of 30,000, the same 
degree of uniformity can be reasonably anticipated for the com- 
plete test range. 

The estimated experimental uncertainty intervals associated — 
with these two transient techniques are given (3, 11) in Table 2 

From the test results presented graphically in Figs. 3 to 8 and 
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Fig. 12, it is clear that the experimental] scatter and reproducibil- 
ity are well within the foregoing limits. Note, however, that the 
foregoing estimates of experimental uncertainty do not include the 
speculative aspects of the corrections applied to the crossed-rod- 
matrix behavior to predict the high Nr behavior of the woven- 
wire matrixes. These include (a) the oblique flow, cos 6, correc- 
tion to Nr for the heat-transfer data; and (b) the relative shift 
in friction factor f and NR reported in Fig. 2 as was suggested by 

the Cp versus N x: correlation of Fig. 11. 

A more detailed presentation of the test equipment, the tech- 
nique, and the evaluation of experimental uncertainties is con- 


tained in reference (11). } if 


In all the tests reported in this paper the fluid used was air at 
approximately room temperature. As temperature differences for 
heat transfer were always small, variations of properties in the 
boundary layer were negligible. In application, however, some 
consideration usually must be given to the influence of fluid- 
properties variations. 

An Np,’*/* factor is included for the Prandtl-number effect, even 
though this factor was essentially constant for the tests. It 
should be a reasonably good approximation for an Np, range of 
0.6 to 3. It is not applicable for the very low Prandtl number of 
liquid metals. Some limited experimental results of the influence 
of Np; in crossflow are discussed in a paper by Weisman (12). 

Two Reynolds numbers are used in the correlations, Nx and 
Nia, a8 defined by Equations [9]. The first of these might be 
termed an equivalent tube-flow Reynolds number, as the mass 
velocity G is based on a porosity average flow area, and r, charac- 
terizes a flow-passage dimension. In contrast, Nr «a is a parameter 
characteristic of flow over a body of dimension d experiencing an 
oncoming mass velocity Gmax. From the point of view of the de- 
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signer, the tube flow, or interior-flow point of view is probably the 
most simple to apply because the dimensions r,, p, and @ are more 


closely related to the design problem. In contrast, for flow fric- _ 


tion, the exterior flow or aerodynamic point of view is most useful 
in tying together the crossed-rod and woven-screen behavior. 
For design convenience, after the matrix geometry is specified, it 
is recommended that Cp versus Nr,g be converted to f versus 
Nr, using Equations [10] and [13]. 

It is comforting that the f characteristic for the woven-screen 
geometry at the high Reynolds numbers, as predicted from the 
model tests, line up so well with the direct tests at the low Vr 
(Figs. 3 to 8). This agreement is not as strong a verification of the 
Cp versus Nr correlation as desired; however, because an ex- 
amination of Fig. 2 will show that only the p = 0.602 matrix in- 
volves a strong enough relative shift in transferring to the f 
versus Nr basis. The shifts provided for the p = 0.675 and 
0.725 matrixes, while noticeable, are not marked enough to be 
really convincing. Moreover, because of the negative slope of the 
f versus Nr characteristic, these Reynolds numbers and f shifts are 
partially compensating. In effect, while the Cp versus Nr a) cor- 
relation of both crossed-rod and woven-wire matrixes appears to 
be quite promising, further confirmation for porosities in the range 
of 50 to 60 per cent is needed. 

The correlating Equations [14] and [15] fit the woven-screen- 
matrix behavior very well, especially when the wide range of Vr 
from 5 to 100,000 is taken into account. For heat transfer, with 
the exception of the Nx range below 30 for the one matrix of 0.725 
porosity, the agreement is within 15 per cent. Nevertheless, it is 
to be strongly emphasized that while these equations are ade- 
quate for interpolating within the test porosity range, they cannot 
be safely extrapolated outside of the range 0.55 < p< 0.85. In 
spite of this caution, because of the lack of basic design data, the 
engineer may be forced to make extrapolations not only to 
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porosities outside this range, but also to other geometries. Some 
support for this speculative procedure, for the heat-transfer be- 
havior, is provided by the fact that the sphere behavior in Fig. 9 
is predicted quite well by Equation [14] for Nr < 1000 and even 
at an Nr = 50,000 the extrapolation provided by Equation [14] is 
only 56 per cent below the results of Denton (6). Comparisons of 
the low Nr woven-screen heat transfer are in approximate agree- 
ment with that of beds of granular materials (4). 

The heat-transfer behavior for flow normal to tube banks (9), 
for the two staggered arrangements with a longitudinal pitch of 
unity, as for the crossed-rod matrixes, are also in fair agreement 
— (20 to 30 per cent lower) with Equation [14]. The transverse 
“ pitches for these geometries are x, = 2.00 and 1.50 corresponding 
to porosities, from Equation [5], of 0.607 and 0.477, respectively. 
_ Further comparisons of this nature are reported by Weisman 
(122). 


__ The behavior reported here for crossed-rod and woven-screen 


_ matrixes are for “random stacking” in contrast to “regular stack- 


__ ing,”’ where the rods or wires are either parallel or at right angles 


with each other. For fuel elements, the regular stacking may 
prove to be more attractive from the viewpoint of fabrication. 
_ Moreover, there is some evidence to believe that the heat-transfer 
behavior may be improved by about 10 per cent, with the same 
or lower friction, for the “staggered regular stacking’”’ where flow 
self-shielding is not as pronounced as in either the “in-line regular 
or random stacking geometries. These questions 


stacking” 
are currently under investigation. 


CoNCLUSIONS 
The following conclusions result from this investigation: 


1 Adequate basic heat-transfer and flow-friction data are now 
available for the random stacked woven-screen and crossed-rod 
types of matrixes, over a wide range of Reynolds numbers and a — 
porosity range from 55 to 85 per cent. - 

2 The fact that two markedly different transient test tech-— 
niques were employed to cover the Reynolds number range, and 
that substantial agreement results in the overlapping region, pro- ‘< 
vides confidence in the validity of the results. 

3 Extrapolation of these results to the prediction of the heat- 


risky. However, for the heat-transfer behavior at least, some | 
limited support for this procedure is in evidence. : 
4 The transient technique used for the crossed-rod matrixes 
has proved to be both simple and accurate. Wider application to 
other convective heat-transfer investigation is suggested. 7 
5 For the crossed-rod-matrix geometry, remaining investiga- _ 


staggered variety and a wider range of porosities for both the 
random and regular stacked geometries. 
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Discussion 


G. A. Freunp.‘ The paper represents a significant contribu- 
tion to heat-transfer knowledge in the nuclear-engineering field, 
not only for the excellent data, but for the development of a 
general experimental technique and for an unambiguous method 
of describing the matrix and presenting the results. Calculations 
at Argonne based on the results of this paper have shown definite 
thermal-performance gains for crossed rods over plate-type fuel 
elements, primarily for the poorer heat-transfer media such as 
organics and gases. As is the case in the heat-exchanger field 
in general, it is apparent that there is no one fuel-element geometry 
to fulfill the heat-transfer needs of all reactor applications. It is 
hoped that with the approach developed in this paper, the way 
has been opened for obtaining similar data on a whole variety of 
potential fuel-element geometries. 

As predicted in this paper, tests just completed at Argonne have 
shown significant reductions in friction factor for the staggered 
regular stacking over the random stacking; and a program is 
being sponsored to obtain corresponding heat-transfer informa- 
tion. 


P. T. Vickers.’ The authors are to be congratulated on 
another fine contribution to the Heat Transfer Division. 


4 Argonne National Laboratory, Lemont, II! 

5 Superviser, Heat Transfer Section, Gas Turbines Department, 
Research Staff, General Motors Corporation, Detroit, Mich. Assoc. 
Mem. ASME. 
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We at General Motors Research have taken some friction-factor 
data on a surface geometry somewhat similar to the woven-wire 
matrix reported in the paper. For the most part it bears out the 
same trends shown in this paper. In particular, the form drag on 
the wire seemed to be a major factor in the particular range of 
Reynolds numbers in which we were interested. We found that an 


equation of the 
J 
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i= 


fits all our data for the range of Rit ambing? in which we 
performed our tests. Conceptually, the writer likes to think of K: 
in a form-drag coefficient and K, as a viscous coefficient. 

We tried without success to get some correlation between our 
data and the porosity of the screen matrix. It wasn’t until we 
had an opportunity to review this paper that we found the 
reason. In Fig. 11 of the paper at an NR; of 500 to 1000 it will 
be noted that the Cp lines for various porosities cross one another 
and end up in an inverted relationship. Since this was the region 
in which we collected our data, it was no wonder we could not 
make any progress in attempting to correlate our data with 
porosity. 

Some of our data have been reduced to the same parameter 
used in Fig. 13. Our data covered a range from 5 to 200 for the 
parameter P?-°NR,». All of our values for the parameter (C'p)” 
fell well within the scatter band indicated in Fig. 13. 


AvuTuors’ CLosuRE 


Confirmation of Mr. Freund’s comments regarding the be- 
havior of the staggered regular stacking was obtained in some 
recently completed tests at Stanford. On the 60.2 per cent 
porosity matrix, a 3 to 17 per cent reduction in f for Nr from 
800-50,000 was noted. However, the Ns: also decreased from 
0-12 per cent. Work is in progress on a 50 per cent porosity 
matrix. 

The agreement with the screen friction-factor data obtained : 
at General Motors Research is comforting, and it lends support: 
to the view expressed in the Conclusions that the designer has 
available adequate basic flow friction data for the random 
stacked screen matrix. 
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Integration of ‘ation 


in Inertial Navigation 


By J. 


Measurement and integration of acceleration in inertial 


2 navigation is associated with instrumentation problems 


ples of such measurements, and some typical approaches 
_ to instrumentation. 


INTRODUCTION 


NERTIAL navigation (1, 2, 3)? is a relatively new art which 
| has evolved in parallel with the development of high-per- 
formance supersonic aircraft and missiles. It is a highly 
_ specialized form of dead reckoning. It depends upon sensing and 
_ integrating changes of vehicle motion (i.e., vehicle translational 
accelerations) to compute velocity, the first time integral of 
acceleration, and distance, the second. 
Typically, the axes along which the vehicle accelerations are 
sensed are not the airframe axes but rathera set which is stabil- 
ized, that is to say, maintained in some predetermined space 
——— which is independent of vehicle attitude and heading. 
_ Stabilization is provided by an assembly of precision gyroscopes 


_ jsolated from vehicle angular movements by a set of gimbals 


under servocontrol from the gyroscopes. 
Assuming such stabilization, the integrated acceleration signals 
can be interpreted with respect to some selected terrestrial co- 
ordinate system. For example, if the sensing axes are maintained 
level and north-south and east-west, the integral outputs can be 
interpreted in terms of latitude-longitude changes. 
Navigation in a broad sense might be considered as a three-axis 
= determination of vehicle height, as well as latitude and 
longitude. For present purposes it will be considered as a two- 
axis problem, as it actually is on a ship. Thus, assuming the 
 acceleration-sensing axes to be kept level or approximately so, 
two acceleration-sensing and measurement channels suffice. 

Theoretically the complete acceleration-sensing and integrating 
system of an inertial navigator could be a very simple device, 
based on a straightforward mechanization of Newton’s second 
law of motion. 

Any mass supported to be free to move along a line has the 
makings of an inertial double integrator, since, if an acceleration 
component exists along the axis, displacement is equal to the 
double time integral of acceleration. The acceleration-sensing 
and integrating functions could be combined in a single element, 
a physical pendulum of constants such that its angular accelera- 
tion w’ in space is equal to angular acceleration @ of the support, 
in movements of the support about the center of the earth. Then 
angular deflection of the pendulum is equal to the angle traveled 


1 Autonetics Division, North American Aviation, Inc. 

2? Numbers in parentheses refer to the Bibliography at the end of 
the paper. 

Contributed by the Aviation Division and presented at a joint ses- 
sion of the Instruments and Regulators and Aviation Divisions at the 
Annual Meeting, New York, N. Y., November 25-30, 1956, of Tue 
AMERICAN Society OF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, June 
25, 1956. Paper No. 56—A-160. 
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about the center of the earth—(geocentric) latitude angle, for 
example, in the case of NS movement. 

Fig. 1 illustrates this concept. The period of a physical pen- 
dulum 7 = 2x(1/mgr)'/* where I is moment of inertia and mr is 
the effective pendulous moment. Imagine three pendulums, all 
having the same mr; one has a very small J, another a quasi- 
infinite J, and the third an intermediate J. If the pendulum sup- 
port is accelerated about the center of the earth, the smallest 
pendulum will hang back; i.e., point behind the center of the 
earth. The largest one will hang forward; i.e., point ahead of 
the center of the earth. There must be an intermediate case 
where the pendulum will remain pointed at the center of the 
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Such a hypothetical physical pendulum, with constants chosen 
so that @’ = @, is the so-called Schuler-tuned pendulum. The 
condition for this equality is that ] = rmR, where R is the radius 
of the earth. By substitution in the expression for the period just 
given, the period of such a pendulum, oscillating in the earth’s 
gravitational field, is found to be T = 24(R/g)'/*, where R and g 
are the earth’s radius and acceleration of gravity. Taking values 
for these quantities at the earth’s surface, 7 = 84 min approxi- 
mately. Accordingly, the hypothetical device is sometimes called 
the 84-min pendulum, It has been discussed at length elsewhere 
(1, 2, 3, 4) and for the present purposes it is sufficient to point out 
that direct mechanization in the simple form is impossible. For 
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a reasonable moment of inertia J the pendulous moment mr is 
vanishingly small and for a convenient mr the J is colossal. Ac- 
cordingly, in practical applications of the principle a convenient 
mr is chosen and the effect of large 7 is simulated by various 
artifices. 

Practical navigation systems make use of acceleration-sensing 
devices which may be accelerometers in conjunction with separate 
integrators, or instruments in which one or two stages of integra- 
tion are carried out as part of the sensing function. In all cases a 
feedback of the integrated output is provided to the base of the 
sensing device in a manner to simulate the behavior of the simple 
physical pendulum. 


GENERAL REQUIREMENTS OF ACCELERATION-SENSING AND 
INTEGRATING SYSTEMS 


Some general requirements which apply to most forms of 
acceleration-sensing and integrating devices for use in navigators 
may be considered first. Such requirements are rather different 
from those in most other applications. 

On the one hand, extremely rapid response is not required. 
Only those changes of vehicle motion are of interest which can 
produce significant changes in velocity or position. High-fre- 
quency vibratory accelerations are filtered out, when it is possible 
to do so, by shock mounts. Also, the environment as regards 
temperature, pressure, stray fields, and so on, sometimes may 
be made more favorable than in many other air-borne applica- 
tions; such variables may have to be controlled anyway for the 
sake of associated equipment. 

On the other hand, requirements are severe as regards bias 
and scale factor. 

The effect of an acceleration bias on navigation accuracy is 
relatively straightforward. In the navigator the acceleration- 


sensing devices constitute part of an artificial pendulum which 


behaves essentially like an undamped physical pendulum. Upon 
application, for example, of a steady horizontal acceleration bias 
of 0.001g the pendulous system (at 1g) will oscillate between the 
limits 0 and 0.002 radian—just as would a simple pendulum upon 
application of such bias, The maximum position error introduced 
will be (0.002) R, or 7.2 nautical miles. 

It is apparent that for precision navigation the bias must be 
kept very small. This means that bearing friction for the 
pendulum or equivalent acceleration-responsive elements must 
be minimized. It also means that the sensitive axis of the instru- 
ment must be maintained in an accurately predetermined direc- 
tion. Shift of such axis by a small angle ¢ would allow the device 
to pick up an acceleration component da where a is acceleration 
present on a quadrature axis. 

The effect of accelerometer scale-factor error is similar to that 
of bias. If, during a lg horizontal acceleration, the accelerometer 
reads 0.9999, a spurious acceleration component equal to 0.001g 
will appear, initiating oscillatory velocity and position errors of 
similar magnitude. 

The effect of scale-factor error in the integral terms is not quite 
sosimple. An error of 0.001 in the first integral would correspond 
to a cumulative one-knot error at 1000 knots, were it not for the 
effect of g. As a matter of fact, if the first integral is ‘‘low,’’ the 
tilt of the acceleration-sensing device about the center of the 
earth will lag the corresponding vehicle movement, and a com- 
ponent of g will appear. This component is interpreted as an 
acceleration of the vehicle and accordingly the tilting drive is 
speeded up, in a sense to reduce the component of g. An oscil- 
lating condition, rather than a cumulative error, exists, in velocity 
and in position (the second integral). Without going into details, 
it may be assumed that the scale-factor error must be kept to the 
same fractional order as the bias error. 

The severe requirements as regards bias and scale factor are 
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often accompanied with a requirement that the acceleration- 
sensing device produce directly a signal proportional to a time 
integral of acceleration. 

These conditions in practice bring the acceleration-sensing 
problem into the same order of magnitude as that of providing 
gyroscopes of navigation grade, which latter problem is generally 
recognized as being quite formidable. 

There may now be considered the principles of operation of 
various devices intended to meet these specifications. 


ACCELEROMETER WITH SEPARATE INTEGRATOR 


In general, a nonintegrating accelerometer is a simpler piece of 
mechanism than an integrating accelerometer. For this reason 
accelerometers combined with separate integrators have found 
some use. 

One of the best solutions to the problem of measuring accelera- 
tions as such was pioneered by the Germans as part of experi- 
mental V2 rocket-guidance apparatus. It consists in detecting 
deflection of a pendulous element with a sensitive pickoff (posi- 
tion transducer) and applying an electromagnetic force to drive 
the element toward null. Thus, the element may be provided 
with a coil extending into the gap of a permanent magnet, as in a 
d’Arsonval galvanometer movement for example. The coil is 
energized with direct current from a servo controller taking signals 
from the pickoff. Restoring force is linearly proportional to coil 
current. The scale factor is theoretically unaffected by tempera- 
ture changes except for the temperature coefficient of the perma- 
nent-magnet materials (usually about 2  10~-‘*/deg C). 

Despite the inherent accuracy, simplicity, and good dynamic 
properties of an accelerometer of this type, its applicability to 
navigation is limited. The difficulty lies in the step of integra- 
tion. Unfortunately it is not possible to count the electrons 
flowing in the coil, and we are confronted with the problem of 
integrating a current to a high order of precision. 

In certain special cases integration of accelerometer signals can 
be performed with sufficient accuracy by exterior means. An 
example is the velocity-measurement scheme (5) used experi- 
mentally in some of the German V2 rockets, to signal motor cut- 
off on attainment of a predetermined velocity. An accelerometer 
was employed of the type described giving a current proportional 
to applied acceleration. The current was passed through an elec- 
trolytic cell, analogous to a “silver voltmeter,’’ containing a pre- 
established mass of material. When all the material was decom- 
posed, cell resistance changed abruptly and a relay was actuated. 
The device followed Faraday’s law, M = z J idt, where M is mass 
of material decomposed, z is the electrochemical equivalent of the 
material, and 7 is current. Such ascheme can be made simple and 
fairly accurate but it is not suitable for continuous indication or 
for feedback to base as required in true navigation systems. 
Also, it is difficult to carry out a double integration by this means. 

In general, integration to 1—0.1 per cent is relatively simple, 
using motor-generator feedback tachometers or electrical cir- 
cuits, for example. Mechanical integrators of ball-disk-drum 
type can be made good to 0.1—-0.01 per cent if adjustment of the 
ball position can be effected reasonably slowly, but such devices 
are not particularly well adapted to following rapidly changing 
inputs. As for electrical circuits, the necessary elements (ca- 
pacitors, resistors, voltage standards, and so on) become in- 
creasingly critical as linearity and low-drift specifications are 
raised. 

These considerations make apparent the reasons for develop- 
ment of integrating accelerometers. 

It is possible to devise an acceleration-sensing device which 

performs a double integration by mechanization of Newton’s 
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second law of motion, without requiring impractical values of 
mass or radius. The trick is to arrange matters so that the 


_ moment-of-inertia member (the element which is the counterpart 


of the element labeled J in Fig. 1) will be free to rotate through 

- any number of revolutions instead of being required to rotate in 

strict synchronism (1:1) with vehicle angular movements about 
the center of the earth as in the case of the physical pendulum. 

Fig. 2 will serve to illustrate the principle, in comparison with 

a simple nonintegrating acceleration-sensing system. At (a) is 


shown a typical gravity meter of bifilar suspension type, with 


spring restraint. Variations in the acceleration of gravity g give 

_-rise to a combined rotation and translation of the movable mass 
m. For small variations in g, such as not to change the bifilar 
support angle @ appreciably, the rotation angle W of the mass will 
be proportional to g; that is, Y = kg where k is an instrument 

- constant depending on mass m, the geometrical configuration of 
the suspension, and the spring constant. 


In (6) the spring restraint is removed and the restoring force 
for mg is obtained as follows: A position pickoff detects transla- 
tion-rotation of the mass, and controls, via a servocontroller, a 
rotary servomotor which drives the suspension. Acceleration, 
: such as g, acting on the mass member causes the member to trans- 
late and also to rotate at an angular acceleration Y determined 
solely by the moment of inertia J of the member and the con- 
figuration of the bifilar support. The motor has to rotate the 
_ support at an equal angular acceleration ¥ to keep the pickoff 

signal at null. Thus W = k’g, where k’ is an instrument constant 

depending on the moment of inertia of the suspended mass and 
the geometrical configuration of the suspension. Angle y, the 
- double time integral of ¥, is proportional to the double time 
integral of g. 
The particular device sketched is not very well adapted to 
measuring vehicle accelerations, mainly because of its unidirec- 
- tional character (it could not measure acceleration in a direction 
opposite to that of g). However, this disability is due to the 
form of suspension selected for illustration rather than to any 
_ inherent limitation. Without going into practical details, we may 
assume that an operative device can be built; viz., one which will 
sense accelerations in either direction along an axis and produce, 
at a motor shaft, an angular acceleration, velocity, and displace- 


ment ¥, and proportional to acting translational accelera- 
tion and the first and second time integrals thereof. 
A double-integrating accelerometer constitutes only a part of an 


artificial Schuler pendulum. To synthesize the required oscilla- __ 


tory system the integrating accelerometer must be mounted on 
a tiltable base, and feedback of the doubly integrated output to 
the base must be provided. One way of doing this is by mounting — 
the integrating accelerometer on a trunnion, as sketched in Fig. 
3, and causing the shaft to drive the trunnion through step-down 
gearing. Sensing is such as to tilt the trunnion in the direction 
of acceleration. For example, if the whole assembly is accelerated 
to the right the trunnion will be tipped clockwise. 

The oscillatory property of the system may be demonstrated 
as follows: 

If the apparatus is tipped through some small initial angle @, 
so as to sense a component of gravity, a = gd, the rotor shaft will 
be accelerated, and simultaneously the trunnion will be tilted 
back toward level. As the device reaches level position, a = gd = 
0, whereas the rotor velocity is at a maximum. The device over- 
shoots until the rotor is stopped by a signal corresponding to 
a = —gq@. Acceleration, velocity, and displacement are succes- 


_ sively 90 deg out of phase, and the system behaves exactly like 


an undamped physical pendulum described by the equation 


k(9b) _ 9 
N 


wherein N is the step-down gear ratio. The period will be 
T= ar ( 
k’g 


As mentioned previously, the requirement for Schuler tuning is 
that the period of oscillation be 7 = 24(R/g)'/*. By substitution, 
the required gear ratio is defined by the expression ; 


N=k’R 


@+ 


The enormous value (6 X 108 cm) of the earth-radius term R, 
which makes the simple form of Schuler pendulum impractical, 
here enters merely as a gear-reduction ratio. 

An inertial navigator based on this sort of device may consist 
of a pair of units of the type sketched in Fig. 3, mounted relative 
to a gyroscopically stabilized element via angle drives in the 
manner described in reference (2). Compensation for earth- 
rotation velocity and for disturbing acceleration components 
must be made as in the case of any other system, whether based 
on an ideal Schuler pendulum or on various other artificial pendu- 
lums. When (and only when) the system has been tuned prop-_ 
erly, and the necessary compensations made, the angular velocity _ 
and displacement of the rotor may be interpreted as proportional 
to vehicle velocity and position. 

Double-integrating accelerometers based on a direct mechani- 
zation of Newton’s second law of motion have the advantage of 
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having virtually no inherent limitations on accuracy. Aside from 
the bearing for the sensing mass—which must be very good in any 
type of navigation acceleration senser—the problem of attaining 
accuracy theoretically reduces itself to that of proper servocon- 
trol so that deflection of the mass is minimized, and of holding 
dimensions constant. Friction in the servo-motor bearings does 
not introduce error directly and the components in the electrical 
channel (pickoff, servocontroller, servomotor) do not need to be 
either linear or highly stable in gain. Ideally, the device should 
be unaffected by temperature except for the very small variation 
in seale factor accompanying a change of dimensions of the parts. 

To obtain an angular velocity signal from such a double- 
integrating device, when such is needed (as for compensation of 
Coriolis acceleration which is proportional to vehicle velocity) 
the output must be differentiated, as by a tachometer operated 
by the motor. 

In some sorts of systems the quantity of primary interest is 
angular velocity rather than displacement. Accordingly, instru- 
ments are found which give this first integral term directly, as a 
shaft rotation or the equivalent. 

Here again Newton’s second law of motion can be invoked to 
perform the integration, though not in such a straightforward 
manner as in the case of double integration. 

The gyroscope is a typical single-integrating device. Torque 
L (= mra where mr is a pendulous moment and a is acceleration) 
gives rise to precession angular velocity p in accordance with the 
relation L = pH, where H is gyroscope rotor angular momentum. 
By making the gyroscope unbalanced about its output axis,* with 
pendulous moment mr, p is made proportional to a and precession 
angle to the first time integral of a. 

A gyroscopic-pendulum integrating accelerometer was used by 
the Germans for measuring velocity along the trajectory of the 
V2 (German A4) rocket (5, 6) and has recently been described in 
an improved form (3). The device is sketched in the upper part 
of Fig. 4. The gyroscope rotor is offset and is mounted in gimbals 
so as to have angular freedom about two axes. A pickoff detects 
any angular deflection of the pendulous-rotor assembly about the 
output axis and calls up, via a servocontroller, a torque on the 
input (outer gimbal) axis, in a sense such as to reduce the deflec- 
tion. 

On application of acceleration along the direction of the outer 
gimbal axis, precession occurs about such axis and a count of shaft 
revolutions gives the integral. In the V2 system scale factors 
were such that the gyroscope made several revolutions during the 
boost to cutoff velocity. 

As pointed out by Clemens (1), in the case of a gyroscopically 
stabilized accelerometer functioning as an artificial Schuler 
pendulum, the second time integration can be performed by the 
gyroscope itself, the gyroscope being torqued at a value L = wH’, 
where w is angular velocity about the center of the earth and H’ 
is angular momentum of the stabilizing gyroscope. Fig. 4 shows 
the single-integrating accelerometer in such a system. The gyro- 
scope stabilizes about its input axis which is disposed at right 
angles to the accelerometer-sensing axis. The accelerometer 
applies the control torque as a function of w, as by adjusting a 
precision torsional spring on the output axis of the stabilizing 
gyroscope. When the base is traveling at angular velocity w 
about the center of the earth, the stabilizing gyroscope will have 


*In the standard nomenclature for single-axis gyroscopes (the 
type here under consideration) the support axis of the gyroscope 
gimbal is termed the ‘‘output axis’”’ (sometimes called the “‘precession 

i By construction the spin axis is established at right angles 
thereto. The “spin reference axis” is established by placement of the 
output-axis pickoff; it is the direction of the spin axis in its normal 
(undeflected) position. The “input axis’’ (sometimes called the 
“stabilizing axis”) is defined as the axis at right angles to the output 
and the spin reference axes. 
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an equal space angular velocity and thus will keep the accelera- 
tion-sensing axis always at right angles to R. A complete navi- 
gator inertial assembly would include two such units, disposed at 
right angles, and a third stabilizing gyroscope for azimuth, as 
described by Clemens. 

As in the case of the instrument first described, the gyroscopic 
pendulum has no significant inherent limitations on accuracy. 
When practical details are considered, the complexity of the 
device makes realization of its potential accuracy a fairly difficult 
matter. The gyroscope is subject to error from a variety of 
sources, and the same precautions in design and use must be taken 
as in the case of navigation gyroscopes, though with a somewhat 
less degree of strictness. 

In this instrument, as in any other which incorporates a gyro- 
scope, the effect of the diurnal rotation velocity 22 of the earth 
and any other angular velocities of the base must be taken into 
account. A gyroscope is in essence a device to remain irrotational 
in space. Even in the absence of acceleration, the gyro-pendulum 
will exhibit an apparent counter-earthwise rotation at a rate 
equal to whatever component of 22 exists along the input axis. 
However, by setting scale factors so that cruise velocity corre- 
sponds to several revolutions the correction can be made non- 
critical. 

The peculiar nature of the gyroscope also comes into play in 
testing the instrument. The only way in the laboratory to pro- 
duce a sustained multi-g acceleration is by means of a centrifuge. 
But whirling the gyroscope pendulum with the acceleraticn- 
sensitive axis disposed along a radius of the centrifuge would re- 
sult in very high precession torques (LZ = pAf where pis centrifuge- 
spin velocity) which must be withstood by the various gyroscope 
bearings. 

Other singly integrating systems based on the laws of motion 
are theoretically available. 

An ordinary pendulum, as in a pendulum-controlled clock, can 
constitute an extremely accurate integrator of sustained accelera- 
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determined angle. Here 


a deflection proportional to acceieration is concerned. 
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Attempts have been made to employ spring-mass 
systems as integrating accelerometers for use on moving bases. 
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_ However, the quadratic nature of the output and the poor dy- 


namic characteristics have militated against successful applica- 
tion. 
_ Another possible device would take the form of a centrifugal 
_ governor assembly, servodriven to maintain the flyballs at a pre- 
= (a/r)'/*, where a is acceleration and 
r is radius. The quadratic nature of the response, and the 
_ mechanical complexity, are unfavorable factors. 
It must not be thought that the devices mentioned exhaust the 


_ possibilities for integrating accelerometers. The problem stated 


_ in broad terms is to generate a force for constraining the movable 
- mass to the base when acted on by an acceleration which force 


will be associated with, or characterized by, a time rate of change 
_ of some sort; i.e., an angular velocity, or a pulse repetition rate or 
_ other countable time series of events. 


_ A variety of other physical phenomena besides mass reaction 
have the property of yielding a rate quantity proportional to 
force, qualitatively speaking. Many, but not all, are ruled out 
because the proportionality is affected by uncontrollable extra- 
neous effects rather than being determined by some simple law. 
It will be noted that the integrating accelerometers described 


all involve servocontrolled rotating machinery and the complica- 


tions incident thereto. An ideal single-integrating accelerometer 
might have the form of a mass associated with a restraining trans- 
ducer giving directly a frequency proportional to force exerted 
on it by the mass. The difficulty is in finding a transducer which 
_ will meet all the requirements of low bias, high linearity over a 
_ very wide range, high resolution, and good dy nanslo-response 
characteristics. 


DesiGn CoNSIDERATIONS 


Some electromechanical features are common to virtually all 
_ types of acceleration-sensing devices intended for navigation use. 
The sensing part of an accelerometer, whether of the noninte- 


; grating or the integrating type, usually takes the form of a small 


mass, supported on a slide bearing or on a pivoted arm. The 
bearing in either case is designed for minimum friction or other 
_indeterminable coercion of any sort. (In the devices sketched 
_in Figs. 2 and 4 it is apparent that any trace of friction at the 
support for the sensing mass could result in malperformance. ) 
In earlier years, the bearing was often the weak spot in pre- 
cision instruments intended for air-borne applications. Ball bear- 
ings and other supports involving Coulomb friction are of mar- 
ginal utility. Quartz fibers and knife edges, so convenient for 
laboratory instruments, are ordinarily unsuitable for use on an 
accelerated base. The development of pressure-supplied gas and 
liquid bearings has changed the situation. Properly designed 
bearings of this type have strictly negligible Coulomb or static 
friction, and very low coercion of any sort. They also can be 
made largely insensitive to load changes, even those of considera- 
ble magnitude. They are rugged and resist damage in trans- 
_ portation and in use. 
For various reasons it is usually convenient to keep the sensing 


mass of the accelerometer substantially fixed relative to the base, 


on the average, rather than to allow it to deflect any significant 
distance. This is strictly necessary in the pivoted-arm type, to 
_avoid the cross-coupling error mentioned. It is usually practically 
necessary even in the purely translational type (as in Fig. 2) 
which is immune to cross-coupling. Thus, a spring-restrained 
translatory mass can be a very accurate device so far as yielding 
Such 
- systems are quite practical for gravity measurement, where the 


total range of variation in the quantity measured is a fraction of 


1 


one per cent. But the readout problem is formidable when a 
wide range of accelerations is to be covered. If it is desired to 
resolve lg to one part in 1000 (a relatively modest specification ), 
even with a 0.1-in. movement the equivalent of a (frictionless) 
potentiometer wound with 0.1-mil wire would be necessary. 

Accordingly, the pickoff will usually be employed in a null 
system wherein fixity of null and freedom from coercion are more 
important than linearity. 

Variable-reluctance devices such as the familiar ‘E’’ pickoff 
have found some use. They have the considerable advantage of 
requiring no lead-in wires to the sensitive element. Unfortu- 
nately, coercion is difficult to eliminate. Close control of mate- 
rials and of gaps and other parts of the configuration are required 
to bring the stray torque level down to the required levels in 
navigation instruments. 

Optical pickoffs, extremely useful in laboratory experimental 
setups, have found less application to field equipment. The large 
size of the optics and length of light beam to obtain the necessary 
high resolution militate against their use. 

The variable-transformer type of pickoff in which the moving 
element is a coil on nonmagnetic support, has every property 
needed. It is relatively noncritical as regards configuration or 
materials; it can be electrically loaded so as to have zero (or a 
predetermined positive or negative) coercion, and it is very sensi- 
tive. Displacement of a few microinches is readily detected. The 
only disadvantage is the necessity of bringing a pair of wires to 
the sensitive element. 

The acceleration-sensing device may be provided with a force 
or torque-generating transducer for application of compensating 
biases. Ordinarily the maximum bias will be only a small fraction 
of lg, if the system is one wherein the devices are kept level. 
Even:so, linearity and repeatability tolerances are high. Further- 
more, the output must be relatively independent of a slight dis- 
placement of the co-operating parts of the transducer. 

The accuracy requirement usually rules out such convenient 
gadgets as polyphase torque motors and other a-c devices. 

Devices based on attraction of iron by electromagnets obviously 
give the most output for a given excitation current. But without 
excessive refinement they are unduly subject to hysteresis and to 
lack of linearity. 

Excellent results are obtained with moving-coil designs, 
analogous to the d’Arsonval galvanometer movement (as in the 
German accelerometer mentioned) or the driver of a loud speaker. 
The coil is attached to the sensitive element and is energized with 
direct current proportional to the desired bias. Accuracy depends 
mainly on the constancy with which the fixed magnetic field can 
be maintained. 


CONCLUSIONS 


The variety of acceleration-sensing devices described implies 
that no single solution has been found to fit all inertial navigation 
and guidance needs. Requirements are extremely severe, and it 
usually pays to take advantage of any relaxation along particular 
lines that a given inertial system may permit. 

The integrating-accelerometer problem exerts a sort of fascina- 
tion on those who have to deal with it. One reason lies in the 
technological challenges involved in carrying out high-precision 
force-balancing operations in a rough environment. Another lies 
in the stated variety of possible lines of attack. There is only one 
generally useful way known to establish a self-sufficient inertial 
space reference; viz., by use of a gyroscope. There the integra- 
tion has to be a vector integration, and this is accomplished with 
the aid of the law L = pH. But in the case of inertial-velocity 
determination, while acceleration sensing has to be a vector opera- 
tion, integration doesnot. = 
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NOMENCLATURE 

following nomenclature is used in the paper: tach 

orifice area, sq in. 

critical orifice area, sq in. 

ram area, sq in. 

coefficient of discharge 

acceleration of gravity, in/sec* 

ratio of specific heats 

ratio of supply pressure to exhaust pressure 

absolute pressure, psia 

absolute temperature, deg R tease 

initial valve area per unit of port width, in. we Come 

valve port width, in. 

weight rate of flow through an orifice, lb/sec 

valve displacement, in. 

ram velocity, ips 

ratio of valve area to an initial fixed area 

fluid density, lb-sec?/in.‘ 


The 
A= 
A* = 
A, = 
Ca = 
= 


1, 2, 3, 4 refer to various orifices 

a, b refer to points intermediate | between ae and supply 

drefers to downstream 
refers to exhaust 
Z refers to supply 
urefers to upstream 


INTRODUCTION 
When a compressed gas is used rather than a pressurized 
liquid as the working medium in a fluid power-control system, the 
nature of the flow through orifice-type control valves is somewhat 
different from that which holds for liquid flows. The greatest 
difference is that the fluid density changes which occur in the case 
of a compressed-gas flow are many times greater than in the case 
of a liquid flow. Also, compressed gases usually have less density 
and much less viscosity than most liquids. In addition to the 
greater density changes which occur with gases for given pressure 
changes, the velocity of sound in gases is much lower than that of 
— liquids, and it is possible to attain sonic velocity in gaseous flow 
7 through an orifice when the pressure drep is about 50 per cent wl 


1 Assistant Professor of Mechanical Engineering, Massachusetts 
_ Institute of Technology. Assoc. Mem. ASME. 
® Assistant Professor of Mechanical Engineering, Massachusetts 
Mem. ASME. 

a Contributed by the Instruments and Regulators Division and pre- 
sented at a joint session with the Research Committee on Mechani- 
cal Pressure Elements at the Annual Meeting, New York, N. Y., 
November 25-30, 1956, of Tae AMERICAN Society oF MECHANICAL 

_ ENcINeERs. 
Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, August 1, 
1956. Paper No. 56—A-104. 
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peratures above 350 R. 


— 


on 


rates of flow. It should be noted that temperature is an important 


_ variable in pneumatic systems since the density of the fluid is a 


strong function of both temperature and pressure. 

Although it is in some ways more difficult to analyze the charac- 
teristics of pneumatic valves than it is to analyze the characteris- 
tics of hydraulic valves, a variable orifice is desirable for pneumatic 


_ power control because of about the same reasons that it is widely 
used in hydraulic power control. In addition, the presently availa- 


ble means of varying the rate of pneumatic power generation are 
slow and cumbersome as compared with variable-displacement 
hydraulic pumps. 

In the discussion which follows, the pressure-flow character- 
istics are derived from equations that hold for frictionless flow of 
perfect and semiperfect (1, 2, 3)? gases. Because the viscosity 
of most commonly used gases is at least two orders of magnitude 


_ less than commonly used hydraulic fluids, the effects of friction 


in control-valve orifices are almost always negligible. Com- 


- monly used gases such as air, nitrogen, products of combustion, 
_ and the like, are usually used in a range of states that is suf- 


ficiently far enough away from their critical points and liquid 
states to consider them as perfect or semiperfect gases. This is 
true, for instance, of air at pressures below 3000 psi and tem- 
Also, many of the significant conclu- 
sions that come out of work with perfect and semiperfect gases 
may be applied qualitatively to cases where the behavior of the 
gas departs considerably from the perfect-gas equations. This is 
true, for instance, when steam is used without much superheat, as 
long as none of it condenses to liquid water. 


Fiow Turovuau A SINGLE ORIFICE 


When it is necessary to control the flow of gas to a load such 
that the direction of load flow does not change, a single variable 
orifice is usually the most satisfactory type of pneumatic valve to 
use. The basic equation for the flow of a perfect or semiperfect 
gas through a single orifice is of the following form (1, 3) 
where > 


P 

Ww weight rate of flow, lb/sec 
Ca discharge coefficient of orifice, dimensionless 

orifice area, sq in. : 

upstream stagnation pressure, psia 

upstream stagnation temperature, 
P, = downstream pressure, psia 
f = denotes a function of P,, T,, and P,/P, an ow «= 


When P,/P, is greater than (P,/P,)erit 


W =C,A,f G 


where k is the ratio of the specific heats C,/C,,. 


* Numbers in parentheses refer to the Bibliography at the end of 
the paper. 
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rave OF TOW OFlice, it IS More COn- 
venient in many cases to use weight rate of flow instead of volume a Pes — 
rate of flow when dealing with pneumatic systems because the a ¥ +: 


But when P,/P, is equal to or less than (P4/Py)erit — t 
fii 
P, Ww 4 
i = 3 


For air at pressures below 3000 psia and temperatures above 350, 
R, k = 1.4and R = 2.48 X 10° in*/sec*-deg R, so that the follow- 
ing values may be used 


P 2 k-1 
(42) = (25) {4] 


2k (deg R) 
= = 2.06 
k deg R 
Ga% | = 0.532 


The equation for weight rate of flow also may be written as fol- 


Dividing Equation [2] by Equation [3] gives for (P,4/P,) > 


= A’ 


and when (P,/P,) < 0.528, fi(P,/P,) = 1.0. 


q 
a 


Fic. 1 Ptror or fi(Pa/Px) 


The function f;(P,/P,) is shown graphically in Fig. 1. This 
function is identical with the function A*/A given in tabular form 
in the Gas Tables (4). It is significant to note that the pressure 
at the vena contracta of an orifice never falls below 0.528 P,, and 
that when the downstream pressure P, falls below 0.528 P,, it 


e 
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no longer affects the rate of flow in any way. Although the static 
temperature of the air passing through the orifice falls as its ve- 
locity increases, its stagnation temperature, stagnation enthalpy, 
and stagnation internal energy remain constant throughout the 
flow so that it is usually unnecessary to be concerned with this 
temperature unless problems of heat transfer and temperature 
gradients in the area of the high-velocity flows become important. 
In a control valve the length of high-velocity flow stream is 
necessarily quite short and experimental data that have been ob- 
tained to date do not reveal any significant effects of heat transfer 
to the locally cold regions of orifice flow. In fact, the downstream 
stagnation temperature of the fluid is usually slightly lower than 
anticipated from a perfect-gas flow because of the Joule-Thomp- 
son effect (2). 

The discharge coefficient Cz, does seem to vary considerably 
with the geometry of the orifice. Observations to date indicate 
that C, may vary from 0.6 to 1.0 for various orifice configurations, 
and seems to increase slightly with decreasing pressure ratio 
(P,/P,) when P,/P,, < 0.5 for flow through a given orifice con- 
figuration (5). This variation of C, with pressure ratio is usually 
small enough to be neglected in most engineering work. Of 
greater concern is the existence of two possible stable-flow regimes 
in a slide-type orifice reported by Stenning—one with C, ~ 0.8 
and the other with C; + 1.0—as a result of his work with a large- 
scale model of a slide-type orifice. Measurements of an actual-size 
sliding-plate valve, however, did not reveal such a bistable flow 
condition. 

Equation [7] may now be written 


W = fi (4+) (9] 


and a useful reference flow in work with orifices of variable areas 
is given by 


P y 
where 
W, = initiai rate of flow, lb/sec 
A; = initial orifice area, sq in. i a 
P, = constant exhaust pressure, psia ee he 
P, = constant supply pressure, psia 
T, = constant stagnation temperature of a deg” R 


Neglecting variations in C, and assuming that 7, is equal at 
all times to 7, Equation [9] may be divided by Equation [10] to 
give a nondimensional flow equation 


W; P, fi (P,/P,) 
A,/A 
In some cases it is convenient to use another form of this equa- 
tion; namely 
Ww Pe _ Pa 
w, ~ P, ~ 7 P, 


= 
i. 


= (P./POf(P./P.) 
The function f2(P4P,) is given by the graph in Fig. 2 
Case I 


Constant Upstream Pressure. In many cases the pressure up- 
stream of an orifice is equal to a constant supply pressure so that , 
we may write 


& 
r 
‘e 
— 
7 08 09 10 
fap 
2 
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P 


Fie. 2 Puor or f2(Pa/Px) 


Wi fi(P,/P,) 

. Note that fi(P,/P,) is constant when P, is constant and it is 
equal to 1.0 when P,/P, < 0.528. In a pneumatic system which 
7 } exhausts to atmospheric pressure of approximately 15 psia, then 

_ the following equation holds whenever P, > 30 psia 


_ In other words, Equation [14] holds for all but very low-pressure 
(P, < 30 psi) pneumatic systems. 


IT 


Constant Downstream Pressure. In other cases, the pressure 
d downstream of the orifice is equal to a constant exhaust pres- 
- sure so that P, equals P, and we may write 


W 
W, 
and whenever P,/P, < 0.528 then 


= = P/P =n [16] 


to the constant exhaust pressure P,. With this information, 
Equation [11] simply becomes 


[ W ] 
W; n 


Since most orifices used in connection with control valves have 

Pa either their upstream or downstream pressures constant, Equa- 

tions [14] and [17] form the basic building blocks for the following 
work. 


of where n is defined as the ratio of the constant supply pressure P, 


Sreapy Flow Turovucs Two SERIES 
Fig. 3 is a sketch of two variable orifices in series having a 
pressure P, between them. The flow through the upstream 


stant. The flow through the downstream orifice W:/W, is simi- 
larly determined from Equation [17]. In order to be able to see 
graphically the relationship between the two flows and the 


{ 


4 | 

14 16 18 20 22 24 26 26 30 32 
Po/Pe OR /Py 


variables involved, it is found useful to obtain a plot that com- 
bines both flows as a function of a single variable. This operation 
can be achieved as follows 
= ( 


P, 


corre Wi 
Yo Low an W; 


Fig. 4 plots f2(P,/P,) = f2(P,/nP,) as a function of P,/P, = 
nP,/P,. By dividing both co-ordinates of Fig. 4 by n one can 
visualize the same plot as being f2(P,/nP,)/n = fr'(P,/P,) as a 
function of P,/P,. With this transformation, unity in Fig. 4 will 
be 1/n units in the new plots as shown in the same figure. The 
advantage of this transformation is quite significant as can be seen 
when the two flows (both functions of P,/P,) are plotted in Fig. 5 
for various values of n. 


Sreapy-FLow CHARACTERISTICS OF SINGLE OrtFice ConTROL 


When a single orifice is used to control the flow of gas through a 
motor, it may be placed either upstream or downstream of the 
motor. Fig. 6(a) shows a sketch of the first arrangement. Fig. 
6(b) shows how Fig. 5 can be used to obtain typical characteristics 
similar to the ones shown in Fig. 6(c). 
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Fie. 5 Fiow Dererminations IN VARIOUS OrtFICE CONFIGURATIONS 


Fig. 7(a) represents a sketch of the second arrangement. Fig. 
7(b) shows how Fig. 5 can be used to obtain typical characteristics 
similar to the ones shown in Fig. 7(c). It should be noted here 
that the temperature 7’, leaving the motor is not likely to be equal 
to T,, and if it departs appreciably from 7, the nondimensional- 
ized equations cannot be used. However, since the flow varies 
inversely as the square root of 7',, where 7’, is in degrees Rankine, 
the effect of a variation of 7, by as much as 100 F from 7, results 
in less than 10 per cent change in flow. For this reason 7’, will 
be taken equal to 7,. Figs. 6 and 7 use 10 for the value of n. 
It is important to note the significant difference between up- 
stream and downstream valve operation. This difference does 
not exist in a hydraulic system. 


Sreapy-State THREE-Way VALVE CHARACTERISTICS 


In order to be able to control the direction as well as the rate of 
flow to a motor, three-way valves are used similar to the ones 
shown in Figs. 8, 9, and 10. A spring force or back pressure must 
be employed to provide the energy required to drive the motor in 
the reverse direction; that is, when W becomes negative. For the 
same reasons given earlier, the temperature 7’, of the fluid flowing 
from the motor will be assumed to be equal to 7, when W is 
negative. However, 7, = 7, when W is positive because the 
stagnation temperature of the gas flowing through the supply 
orifice does not change when it flows through the orifice. 

Fig. 8(a) shows a sketch for a three-way valve with a fixed up- 
stream orifice and a variable downstream orifice. Fig. 8(6) shows 
how Fig. 5 can be used to obtain typical characteristics similar to 
the ones shown in Fig. 8(c). 

Fig. 9 shows correspondingly the same items shown in Fig. 8 
except for a three-way valve having a variable upstream orifice 
and a fixed downstream one. 

Fig. 10 describes the case of varying both orifice areas at the 
same time—increasing the area of one as the area of the other is 


For this case let 
I> 


where X is the valve displacement and U = A;/w, w being the 
port width of the orifice. Such area variation can be achieved by 
a simple spool valve. 

Fig. 10(6) shows how to obtain characteristics for such a valve 
from Fig. 5, and Fig. 10(c) gives a typical example. 


Sreapy-State Four-Way VALve CHARACTERISTICS 


Fig. 11 shows a schematic diagram for a four-way valve con- 
trolling a ram in a cylinder. It can be seen that the configuration 
of a four-way valve is essentially made up of two three-way 
valves. The ram-cylinder motor is the coupling agent between 
the two. In deriving the characteristics of such a valve, a few 
more assumptions have to be made in order to reduce the com- 
plexity of the problem. 


1 There is no friction between the ram and cylinder walls. 

2 There is no leakage of gas past the ram. 

3 There will be enough heat transfer to maintain constant 
temperature on either side of the ram. 

4 The gas in the ram-cylinder chambers is homogeneous. 

5 The pressures on each side of the ram do not vary with 
time. 


The most unrealistic assumption of the foregoing is item 3. 
However, since many factors are involved when the ram is in 
motion, it is felt that it is rather important to derive the charac- 
teristics for the hypothetical constant-temperature case before 
analyzing more complicated ones. 
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Fic. 7 A VARIABLE = 
UpstreAM ORIFICE 

Having made these assumptions, it can now be deduced that PP, We P, W; 

_ the volumetric rate of flow in and out of the ram must be the 
same, This deduction can be expressed mathematically as where Y is the velocity of the ram and 


= W,/pgA, 


The flow equations can now be written as follows fan (ai 


Since all the temperatures involved are assumed to be equal to 7’,, : 
by using the perfect-gas law, Equation [22] can be written in . We = Whi (4+) — ( P 
J P, 


a 
terms of the pressures rather than densities. eo 7 OW, P, 
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- Multiplying Equation [24] by P,/P, and Equation [25] by P,/P, 
Pa and using Equation [23] results in 


P, 
P P, 


= 


% 


FOUR-WAY VALVE vhs’ 3 — Whi P, 


16.11 Scaematic DiacRaM For Four-Way Vatve CONTROLLING 


a RaM IN a CYLINDER The foregoing two equations represent the nondimensional ram 
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velocity as calculated to satisfy continuity on both sides of the 
ram. 


VALVE 


For a closed-center valve only two diagonal orifices (Fig. 11) 
are open at any one time. Assuming 7: = Ys = Y and 7; = 7: = 
_ O for the case when only orifices 1 and 4 are open, Equations [26] 


and [27] simplify to 
P P P P, Y 
—* } = — +f,’ | = —...... 28 
P, P, Ws Y; 
The quantities involved in Equation [24] can be easily obtained 
graphically from Fig. 5 after some manipulation and can be 
‘Plotted as in Fig. 13 for various values of y. Fig. 12(a),: “shows a 


Ve % sample procedure. 


Equations [22] 


Open-CENTER VALVE (UNDERLAPPED) 
By letting y: = 1+ X/U 
od Jagat 
and [23] can be rewritten as follows 
rt 
bam 


= 1—X/U 


1 valve disp! t for open-center | 
operation 
y = X/U = nondimensional value displacement for closed- 
center operation 


P 
= nondimensional ram velocity oil? 
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TERISTICS FOR COMPRESSIBLE FLuIps aT CONSTANT TEMPERATURE 
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ties coincide. 


P, y 


The foregoing two equations are plotted in Fig. 13 for various 
values of X/U (Fig. 12(b) shows a sample procedure). It is seen 
that the difference between the closed-center and open-center 
characteristics is only confined to the so-called “underlapped re- 
gion” (—1 < X/U <1). Beyond this region both characteris- 
The areas in Fig. 13 that are marked “‘reverse-flow 
region’’ represent flow to the supply source, a condition that will 
be discussed in the next section. 


A MeErtuHop ror Reverse Flows 


In certain cases one may expect the gas to flow to the supply 
source or even some gas to flow from the exhaust side into the 
system if conditions do arise. For these cases the methods out- 
lined earlier can now be extended to take care of these situations. 


_ Fig. 14 represents the flow-pressure characteristics of two orifices 


in series. In this plot a negative flow signifies a flow in the reverse 
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direction from the defined one. Fig. 14 can be looked upon as a 
more complete picture of Fig. 5, and can be obtained by extending 
the idea that the upstream orifice 1 has a constant downstream 
pressure P, when P, is larger than P,. Similarly a negative flow 
through orifice 2 signifies that P, is less than P,, hence this orifice 
can be considered as having a constant pressure supply P, for this 
special situation. 

With the help of Fig. 14 all the previously obtained charac- 
teristics for various valve configurations can be extended to take 
into account reverse flows. 
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Discussion 

W. A. Boorne.‘ The authors are to be commended for pre- 
senting the characteristics of pneumatic valves in this concise, 
nondimensionalized form. It is felt that information of this 
nature is essential to advancement of high-performance pneu- 
matic control. 

It must be recognized that the results presented in this paper 
are for idealized valves which have no leakage. In general, 
greater care is needed in the design of a pneumatic valve to 
minimize leakage effects than that which must be taken in hy- 
draulic-valve design. Clearances sufficiently small to provide 
viscous leakage flow paths in hydraulic control valves do not in- 
sure viscous leakage flow in pneumatic valves where L/h ratios 
on the order of several thousand are needed for viscous flow. 
However, in an earlier paper, reference (6) of the Bibliography, 
Professor Shearer has demonstrated that a good correlation be- 
tween analysis and test results for a three-way valve can be 
achieved. 

The analysis of the four-way valve presented in this paper is 
useful in that it gives a good qualitative picture of the action of a 
four-way valve controlling aram. The analysis can be extended 
without too much difficulty to account for leakage across the ram 
as well. However, the flow map of Fig. 13(a) should be used with 
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caution in any dynamic study due to the assumption that the 
pressures on each side of the ram do not vary with time. The 
implied assumption that ram velocity does not change with time 
is also present. In practice, these conditions are seldom met. It 
is felt that a more complete dynamic presentation of a four-way 
valve can be obtained using two separate three-way valves as 
shown schematically in Fig. 11 of the paper. Compressibility of 
the gas in the cylinder can then be accounted for, and the restric- 
tion that pressures on each side of the ram do not vary with time 
is no longer necessary. 

The foregoing comments are submitted in the spirit of sugges- 
tions for future papers and are not intended to detract from the 
significance of this latest contribution of the authors to knowledge 
in the field of pneumatic control. 


H. H. Joseru.' The paper, in its scope as well as in the way 
in which the results are developed and presented, provides the 
designer of pneumatic equipment and systems with tools which 
can become very valuable to him if he studies the methods care- 
fully and becomes thoroughly familiar with them. The authors 
must be commended for making a very practical contribution 
which is in line with other valuable work on valve design and 
analysis carried out and reported on by them and their colleagues 
at M. I. T. 

Considering the systematic way in which these projects are con- 
ducted, it is surprising that no reference has been made by the 
authors or by their associates in previous papers to design methods 
which were developed jointly at the National Bureau of Standards 
and at Walter Kidde & Company, Inc.®’ It seems that the two 
methods could be combined and that the resulting theory would 
have wider application and permit more accurate prediction of 
valve performance. As an example, the effects of friction which 
have been neglected in the present paper can be easily accounted 
for by the flow-factor criterion which was first developed for 
fixed-area devices* and which is applied to variable-area orifices.’ 

A question arises in conjunction with Equation [19] of the 
paper, where the ratio P,/P, is replaced by P,/nP,. This does 
not seem to correspond to the definition of n as given in Equation 
[16], ie., as the ratio of the constant initial pressure upstream of 
a single orifice to the constant exhaust pressure. It is suggested 
here to introduce another pressure ratio 


constant initial pressure upstream of 2nd orifice 
constant initial system upstream pressure (P,) 


Then if the definition for n is changed to } \ 


constant initial system upstream pressure 
constant exhaust pressure 


(= P,/P, as before) 
Equation [19] becomes 


W: fAP/P.) fAP,/nP,) P,/P.) 
W; mn mn r 


For a single orifice the value of r becomes unity. Thus, in trans- 
forming Fig. 4, the ordinate should be divided by rn while the 
abscissa should be divided by r only. The lines labeled f2'(P,/P,) 


5 Senior Design Engineer, Walter Kidde & Company, Inc., Belle- 
ville, N. J. Assoc. Mem. ASME. 

*“*A Method for Predicting Pressure Drops in Pneumatic Com- 
ponents and Systems,” by M. M. Slawsky, A. E. Schmidlin, and 
M. Lutzky, SAE Paper No. 81, April, 1953. 

7 “Contributions to the Method of Calculation and Measurement of 
Pressure Drop in Pneumatic Components and Systems,” by M. M. 
Slawsky and R. C. Thompson, National Bureau of Standards Report 
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in Fig. 5 will represent values of (1/r)f:’(P,/P,). Other equations 
_in the paper will be affected but the validity of the method re- 
‘mains unimpaired. 


G.V. Pesce. The authors are to be commended for a valuable 
and well-presented contribution to the field of pneumatic power 
control. This paper concurs with the results of a similar 
_ study made by the writer. However, it was found by the writer 
that a considerable simplification could be made by normalizing 
the flow equations on the basis of the leakage flow. In this case 
it is not necessary to deal with an arbitrarily chosen value W,. 
To illustrate, let us use the case of the four-way valve, Fig. 15, 
with spool displaced to give ram motion to the right 


Wa 


2 


Equation [9] 


P 
P 
therefore 
CoC: P. (22 | 


P, is atmospheric and is > 30 psi, f,(P,/P,) and f,(P,/P 4) 


are referred to by the authors as f7(P,/P,) and f2(P,/P,), re- 
spectively. 

Also, W = YpgA, and pg = P/(RT), where R = gas constant 
in in/deg R (for air R = 639.6 in/deg R). 
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must always be equal to 1.0, and for a symmetrical spool-type p\!\ 3 
slide valve, A; is always equal to Ay. Also, for ram moving in the f YO s 
direction shown, Az and A; which represent the leakage paths by \ s N\ 
the valve spools are also equal. Therefore we have, with a little , 
algebraic manipulation of the above equations ‘ = 
W,= 4 Ai / ott Wind wow ar 
= P or & 
= — Fie. 16 Four-Way Vatve Pneumatic Servo Actua- 
Pv, Ay ( re) ToR CHARACTERISTICS 
P 
i i i 
A, Ay A 
Coli V(T)Rz A Az | 


SPOOL DISPLACED TO Give 
RAM MOTION TO RIGHT 


Pe 


MATIC SERVO ACTUATOR 


——— 


— 


= 


By using Fig. 2, the two preceding functions can be plotted for 
various values of A;/Az. The resulting curves (see Fig. 16) are 
equivalent in Fig. 13(a) presented by the author. However, it is 
believed that Fig. 16 is more easily applied in that the curves can 
be used to design valves as well as to determine the characteristics 
of existing valves. This results from the fact that a W,; or — is 


Ar 
: As | 
1 — Weand Wp, = Wi — Ws 
| | 
: 
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Fic. 17 Optimum Desicn Curves ror Four-Way 


not necessary to evaluate the characteristics from the nondimen- 
sional parameter Y/Y; in Fig. 13(a). 

Another advantage of this approach is that the relations are 
expressed in terms of leakage path, cross-section area, and orifice- 
opening area. This avoids the necessity of differentiating between 
closed-center and open-center valves. 

Further study, considering the power and efficiency character- 
istics in terms of the ratio A,;/Ao, leads to the development of the 
following two equations 


( A» A; P 
L/AP, 1 1 
As 
where a 


Hy = power output, in-lb/sec— 

L = piston load, lb 

E = efficiency, based on power required to compress air iso- 
thermally 


__ The foregoing equations can then be rearranged to the forms 
E (4+) 1 ] (4) 
and 
an. ( L/A,P, 1 

Eiln{ —]} = 

P, Py P, 4./A Pa 

A;/Asfa P, 


These equations can be plotted with the left-hand members as 
ordinates and [L/(A,P,)| as abscissas for various values of A;/Az. 
The relation between [L/(A,P,)] and (P,,P,) can be determined 
from Fig. 16 since A,P, = L + A,Pp. 

The peaks of each of the family of efficiency curves represent 
optimum valve characteristics. It is then possible to obtain the 
optimum load factor [L/(4,P,)]o» corresponding to peak efficiency 
for each orifice ratio A;/A2, When plotted, these values result in 
Curve 1 of Fig. 17. From the family of power curves, and the 
optimum load factors obtained from the efficiency curves, we ob- 
tain Curve 2 of Fig. 17. These two curves are all that are 


Curve 
OPTIMUM LOAD FACTOR 
A. 
CURVE 2 
OPTIMUM PowER OUTPUT INDEX (As) 
to 20 2s 3° 40 
ORIFICE RATIO Yas 


Vatve ConTROLLED Pneumatic Servo ACTUATORS 


needed to determine the optimum dimensions of a valve and ram 
actuator for any specific application. To illustrate the use of 
these curves, let us assume that it is desired to design an actuator 
for a 3000-psi system that is to move a maximum load of 5000 Ib 
at a velocity of 10 in/sec, the ambient temperature is 600 F, and 
manufacturing costs prohibit the requirement of diametral clear- 
ances of less than 0.0010 in. and a symmetrical, closed center valve 
is to be used. 

If we assume a value of A;/Az = 20, the optimum, load factor, 
Fig. 17, is [L/(A,P,)]op = 0.87. 

Since Lmax = 5000 lb and P, = 3000 psi 


From Fig. 17 at Ai/A: = 20 
Ho/AiP, 


(4 


If the gas involved is air, and a value of Cp = 0.76 is used, 
CpC:R VT is 6300. Also, Hy = YL = 10 X 5000 = 50,000 in-lb/ 
sec; therefore 
50,000 
0.33 X 6300 « 3000 


A; = 0.00803 sq in. (orifice area required 


for design velocity and ioad) 


but A;/Az2 = 20; therefore Az = 0.0004 sq in. 
Since this is a closed center spool valve 


where D = spool diameter (in.) and ¢ = diametral clearance be- 
tween spool and sleeve (in.). 
Since ¢t is limited to 0.0010 for manufacturing economy 


A: 


D= = 
mt 3.14 X 0.0005 


If, for standardization, nominal sizes are desired, the dimensions 
can be refined by merely assuming the nearest nominal size for D 
and reversing the procedure to obtain A2; then by trial and error 
using Fig. 17, obtain A. 

To obtain quiescent flow and power loss consider the valve in 
its center position. Then 


ye 


OCTOBER, 1957 


(A, = Ax, = Pg and W,=Wi+ We 
adn ) JT f P, 
but fi(P./P4) = 1.0 and for air P, = 0.808 P, ap 
Lid vr 


Geruarp Reetxor.’ The authors are to be commended on 
an imaginative solution to an otherwise tedious problem. The 
writer has solved the idealized steady-state four-way valve 
characteristics for a compressible fluid at constant temperature 
with fixed upstream and variable downstream orifices.” The 
graphical constructions presented in the paper will permit a far 
_ more rapid solution than the numerical methods previously used. 
_ The graphical construction also permits the immediate plotting 
of the weight flow from the source versus load-pressure curves. 
Thus, taking Fig. 11—the weight flow (W; + W;)/W,; can be 
plotted as a function of (P,4 — Pg) from the three-way valve- 
construction diagrams. 


_ A. E. Scumrpurn.'! The authors are to be commended for 
taking another step forward toward the simplification of com- 


 pressible fluid-systems analysis. The reduction of the theoretical 
- formulas to a relatively few familiar parameters will enable en- 


-gineers to analyze pneumatic systems more easily and thereby 
increase the use of this very interesting and versatile energy- 
transfer medium. 

We wish to call attention to an SAE Paper‘ dealing with pres- 
sure drop in pneumatic components and systems. This work was 
done on fixed-area devices and showed that certain types of these 


ie could be represented on a dimensionless graph similar to 


Fig. 1. In the case of the referenced paper, however, the abscissa 


was Q,/F and the ordinate r where Q,/F is the ratio of any 


particular flow to the flow at r = 0.5 and r is the ratio of the down- 
stream to the upstream pressures. For convenience an expression 
was presented as follows 

Qu 


—r)], for 


This is an approximation of the theoretically correct isentropic- 
flow formula and “‘represents a component in which there is little 
loss in stagnation pressure and in which static pressure changes 
only as a result of area change.’’¢ 

For components in which there are losses the flow characteristic 
fell below this curve. The extreme of such cases can be repre- 
sented by the expression 


“This expression represents a component in which there is con- 
siderable loss in stagnation pressure, and in which the static 
pressure changes both as a result of stagnation pressure change as 
well as area change.’’¢ 

It is interesting to note that the characteristic curve of pipe is of 
this latter type. Pneumatic components having moderate inter- 
nal losses fall between the two curves. 

The case of components in series was studied also and it was 
found by analysis and by actual tests that a group of com- 


® Vickers Incorporated, Detroit, Mich. Mem. ASME. 

10 ‘‘Analysis and Design of a Servomotor Operating on High-Pres- 
sure Compressed Gas,”’ by Gerhard Reethof, Trans. ASME, vol. 
79, 1957, pp. 875-885. 

11 Assistant Manager, Research and Development Department, 
Walter Kidde & Company, Inc., Belleville, N. J. Mem. ASME. 
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ponents can be combined into an equivalent component and 
treated as a single restriction. 


D. H. Tsar.%* The authors have presented a graphical 
method for analyzing complex flow characteristics of a com- 
pressible fluid in various control-valve systems. Their analysis 
was based on the repeated use of two straightforward equations, 
[14] and [17], for flow through orifices, plus the continuity equa- 
tion and the condition that the pressure at a junction point is 
single-valued. Equations [14) and [17] are known to have a high 
degree of validity if the proper value of discharge coefficient C, 
is used for computing Wand W,. But even if the variation in the 
value of C, were neglected, as in this paper, the analysis still could 
be expected to show the essential features of a complicated flow 
system. To the writer, this paper is valuable because of the skill 
and clarity of the analysis, and the systematic presentation of the 
results, thus making it easy for the reader not only to gain a sound 
understanding of the problem, but also to use the results, perhaps 
with some refinement, for design purposes. 

The writer would like to comment on two minor points in the 
paper. The first involves the use of W; asa reference flow. The 
writer fails to see the physical significance of W, except in the 
simple case of flow through a single orifice. Even in this case, 
Wwmax would seem to be a better reference flow than W,, because 
on the basis of Wimax, the value of W/Wrax would lie between 0 
and 1, and this is a convenience not only because of the size of the 
numerical values involved, but also because the characteristics of 
different valves could be compared more readily. In the case of 
two orifices in series, the choice of the reference area A; would be- 
come ambiguous if, at the initial position 7, the two orifices did 
not have the same area. Would the authors care to discuss this 
point further, and indicate what other flow besides W, might be 
used as a reference flow, and the significance of the reference flow 
in some typical control-valve arrangement? 

The second point concerns the use of the term “weight rate 
of flow’’ to denote “mass rate of flow.’’ This is conceptually con- 
fusing, since ‘‘weight’’ is usually associated with the gravitational 
force, whereas “‘mass’’ is usually associated with a certain quan- 
tity of matter. In flow measurement, one measures not the rate 
of flow of a force, but the rate of flow of some matter. Unfor- 
tunately, both force and mass are commonly measured in units of 
pounds. Thus many people find it desirable to differentiate the 
two by calling a unit of force one poundal and a unit of mass one 
pound, or a unit of force one pound and a unit of mass one slug. 
The authors chose the latter system. They expressed pressure in 
units of pounds per square inch, and density in slugs per cubic inch 
(or lb-sec?/in*). Then, in order to express the rate of flow in the 
familiar unit of pounds per second, they felt it necessary to use the 
term weight rate of flow. This kind of difficulty could be 
avoided by using the unit of pound-force (lbr) for a unit of force, 
and pound-mass (Ibu) for a unit of mass. This system is pre- 
ferred by many authors. It has the advantage of recognizing the 
logical distinction between force and mass as well as the common 
usage of expressing both force and mass in some unit of pounds 
The writer should perhaps conclude by stating that his interest 
in the subject lies primarily in the standardization of nomencla- 
ture. Except for this point, it seems clear to him that the choice 
of any consistent system of units is largely a matter of con- 
venience, usage, and personal preference. 


R. Y. Yosnmpa."* The authors are to be congratulated on the 
presentation of a most interesting paper on a subject which is in- 
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herently very complex because of the large number of variables in- 
volved. Their approach to the problem of pneumatic valves is 
new and enlightening. 

There are, however, some aspectsof the paper which need further 
discussion. The following comments are submitted as construc- 
tive criticism in the hope of contributing to the value of the 
paper. 

Realizing the complexity that is involved by introducing addi- 
tional variables to the mass-flow equation, the assumption that 
both the supply and exhaust pressures remain constant in a 
pneumatic system is unrealistic. The primary purpose of using 
compressed air as a controlling medium, aside from its weight 
advantage, is its compatibility to extreme temperature environ- 
ments where in most applications (aircraft, for example) the sup- 
ply and exhaust pressures are continually changing. The normal- 
ized curves presented by the authors are useful for qualitative 
comparison of the various cases discussed but are poorly adapted 
to quantitative calculations. It is unfortunate that the authors 
did not present actual pressure-flow characteristics for a specific 
valve in order to demonstrate the accuracy with which their 
theoretical curves can be approached. 

Although the paper does not preclude a specific reference flow, 
W,, normalization of the actual flow rate with the maximum 
flow rate would seem more compatible than taking the quiescent 
or leakage flow in an underlapped or overlapped valve. 

We at Marquardt Aircraft Company have been developing and 
manufacturing pneumatic controls for applications in ramjet 
and turbojet engines for a number of years. One of the funda- 
mental components in our control systems is the pressure divider 
or pneumatic potentiometer wherein an output pressure is main- 
tained as a fixed ratio of the input pressure. The pressure divider 
consists of two choked orifices in series, with an output pressure 
taken from a plenum chamber between the two orifices. A number 
of problems have been encountered in the development of these 
dividers. A major problem has been the change of orifice co- 
efficient and area with icing, dirt, and Reynolds number. The 
effects of Reynolds number or pressure-level sensitivity of the 
orifices has been solved by matching the upstream and down- 
stream orifice characteristics empirically. Although the authors 
point out the effects of pressure level on the orifice coefficient, this 
becomes quite significant when working with closed-loop control 
systems which require a reasonable amount of accuracy. 

It is the hope of the writer that further research will be ex- 
tended in this field of pneumatic valves so that pneumatic con- 
trols can achieve their rightful place as a control medium. The 
authors are to be commended for their recognition of this problem 
and the strong impetus that they have given to their develop- 
ment. 


AvuTuHors’ CLosuRE 


The authors wish to express their appreciation to Messrs. 
Boothe, Joseph, Pesce, Reethof, Schmidlin, Tsai, and Yoshida 
for their valuable comments and additional information. 

Mr. Boothe’s point regarding the four-way valve characteris- 
tics is quite true. The authors realize the difficulties involved 
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in specifying the exact behavior of a four-way valve and ram 
system. Fig. 13(a) is included just as an example to show how 
such characteristics can be obtained from three-way valve 
analysis if certain conditions are assumed to exist. 

Regarding Mr. Joseph’s discussion, the authors agree that the 
combination of the references cited and the present paper will 
have wider applications and support each other’ in many re- 
spects. The authors would also like to apologize for not re- 
ferring to the papers mentioned because they were not aware of 
them during the preparation of the paper. As regards the 
question that Mr. Joseph raises as to the validity of Equation 
[19], the authors fail to see the inconsistency mentioned. It is 
to be pointed out that W, is not meant to be the initial flow 
through the orifice, but rather a reference flow as defined by 
Equation [10]. 

Mr. Pesce’s discussion is certainly well received. His Fig. 
17 which displays power and efficiency characteristics makes a 
valuable addition to the present paper. The use of the leakage 
area in normalizing the flow equations deserves some merit and 
can be very useful in certain practical applications. However, 
when one takes into account all the leakage paths encountered in 
an actual pneumatic valve, one may find that the principal 
one is the path that connects the supply chamber to the atmos- 
phere. This consideration will add more uncertainty to Mr. 
Pesce’s equations. Another consideration is that the paper’s 
results apply for supply pressures lower than the supply pressures 
allowed by Mr. Pesce, since the latter’s intermediate pressure 
P, must be greater than 30 psia while the paper’s resulis require 
that P, be greater than 30 psia. 

Mr. Schmidlin’s earlier work as mentioned in the discussion 
by Mr. Joseph, represents a very good experimental evidence of 
the validity of the theoretical relationships used in this paper. 
Tt is to be mentioned that in this connection, any experimental 
data that can replace the theoretical flow characteristics in Figs. 
1 and 2 are equally valuable in obtaining the subsequent results 
since the method used is on the whole a graphical one. 

In answer to Dr. Tsai’s question as to the physical significance 
of the reference flow W,, the authors would like to state that 
since there are many flows that can equally well serve as refer- 
ence flows depending on the specific application and the type of 
valve used, the exact nature and significance of W, is left open 
and is expected to be defined by the user of the results. It is 
for the sake of generality and the freedom to discuss all the dif- 
ferent valve configurations treated in the paper that W; was not 
given any specific significance. As to the other examples be- 
sides Wimax, W; may be the flow through a four-way valve when 
the load ports are open to the atmosphere and the valve is 
centered. It may also be the leakage flow as Mr. Pesce has men- 
tioned in his discussion. 

The authors realize the complexity of the problems mentioned 
by Mr. Yoshida. The order of magnitude of the difficulties in- 
creases severalfold if variable supply and exhaust pressures are 
treated. With regard to some actual pressure-flow character- 
istics, Shearer (6) reported some experimental results obtained 
by using a closed-center sliding plate valve. dpe salen 
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Fork-Truck Stability—A Study in Moments 


By R. W. PUDER,' W. H. BOGAR,? anp R. D. JAY, WILMINGTON, DEL. 


_ Previous practice has been to calculate fork-truck ca- 
3 ‘pacity ratings by considering the load to be supported ona 
7 _ simple cantilever system. The authors present an analy- 
sis which considers the effect of dynamic loads and a 

- nomograph for rapid determination of truck capacity. 


INTRODUCTION 


on FE NHE subject of the stability of fork-lift trucks is becoming of 
increasing importance with time. Each succeeding year 
the cost of warehousing and material-handling operations 
_ mounts higher and higher. To meet these pressures, equip- 
_ ment is often called upon to do things that it was not expected to 
_ do. The cost of warehouse space is such that there is a con- 
tinuing attempt to make aisles narrower and to stack goods 
higher and higher in the warehouse to take advantage of the 
_ often mentioned “air rights” or “cube.” Finally, the position 
has been reached where there is growing concern about the 
— eafe ty of the high lifts being attempted with trucks that have 
_be come more and more compact. 
Problem of Stability. In the early days of fork-lift trucks, the 
- methods used for calculating truck stability were entirely ade- 
quate, but now the problem of stability should be reviewed. 


: “4 To illustrate this trend, we will take a brief look at the prog- 


ress that has been made. Just 50 years ago, a Cleveland in- 


Fic.1 First Powerep [npustrriat Truck 
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ventor mounted a motor on a baggage truck to create the first 
powered industrial truck, Fig. 1. This truck had no lift and 
stability was no problem. Evolution of the first cantilever 
fork truck, Fig. 2, required but a few years more. Here, for the 
first time, the direct tiering of loads was possible. However, for 
several years, lifting heights were not great and the capacity and, 
therefore, the stability of fork trucks could be established with 
reasonable accuracy by figuring the simple cantilever loadings 
involved. As we all know, we have now entered a period where 
lifts are very high. An example of this is given in Fig. 3. This 
illustration shows a truck at work on a construction site. This 
truck is a 36-ft-lift unit which routinely places 2000-lb loads on 
the roof of a three-story building. This is a spectacular applica- 
tion, but it is illustrative of the trend in lift heights. 


Fic. Forx Truck at Work on Construction Site 


| | 
: 
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4 | Fic. 2 First Cantitever Forx Truck 
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RecorpD or Sarety 


Our organization has achieved an outstanding safety perform- 
ance level. A potentially unsafe situation, such as that which 
exists with a high-lift truck, is a source of concern to us. Safety 
performance has been the result of careful attention to the 
engineering of plants as well as the education and control of 
employees. Our company’s accident frequency rate is only one 
major injury per three million man-hours (as compared with 
slightly over thirteen major injuries per three million man-hours 
for the chemical industry). We have been much concerned to 
find that even with this low frequency rate, approximately 21 per 
eent of our injuries are the direct result of material-handling 
operations. Here is an opportunity for further improvement in 
our over-all industry safety performance. 

Further, safety has considerable bearing on efficiency of opera- 
tions. For instance, a fork-truck operator normally has intel- 
ligence enough to be aware of the fact that his operation is unsafe 
if it has been engineered improperly. He can be greatly con- 
eerned about the possibility of overturning his truck, destroying 
products, and, most important, hurting himself. Therefore, if 
the operator feels that the truck is unstable, his efficiency of 
eperation is not what it should be. 

Finally, we are especially concerned with safety of the products 
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being handled. If we were to drop a load, there could be serious 
secondary hazards encountered. Most of our products are chemi- 
cal in nature and can be toxic, corrosive, or, in some cases, inflam- 
mable. Some of our products are so valuable that dropping a 
single load might entail a sizable loss. 

Thus, we find ourselves in a position where we feel that the 
old concept of establishing fork-truck ratings is no longer ade- 
quate. A need exists for some new fundamental theory that can 
be used readily to establish whether or not the trucks are safe for 
the operations proposed. First, let us describe the old concept 
with which most readers are already familiar. Fig. 4 shows a 
standard fork truck with a load on its forks. Let us examine the 
truck more carefully and rate it as the rating is normally done 
(refer to Fig. 5). 


Ratine Trucks 


Trucks are rated by establishing the weight of the truck W, 
and multiplying that by the distance d, from the truck center of 
gravity to the front wheels, the point about which the truck will 
turn over. This is the moment in foot-pounds that tends to keep 
the truck upright. The moment that tends to overturn the truck 
is, of course, the load L on the forks multiplied by the distance a 
to the same fulcrum point. The standard method of rating a 
truck is given in the American Standards Association pamphlet 
on the rating of industrial equipment. This can be written 
mathematically as shown at the bottom of this figure. The 
maximum permissible load L times its moment arm a cannot 
exceed 80 per cent of the moment Wd. For most low-lift appli- 
cations, this limited analysis is satisfactory (now refer to Fig. 6). 

Judgment tells us that this truck is less stable now than it was 
with the forks down. Let us look at Fig. 7 and apply the same 


standard analysis in terms of the load moment, fulcrum, and the 
truck moment. 

It will be noted that nothing in the formula has changed. As 
shown at the bottom of the figure, L is still the same load, the 
moment arm a has not changed, the W and d remain unchanged, 


| 


+ 


Fie. 6 Tue Hicuer tHe Loap, THE Less THE STaBILiTY 


| 


= 
Fic. 4 Sranparp Fork Truck Wits Loap on Forks 
L 
al 
- 
at 
sy 


OCTOBER, 1957 


TRUCK 

WEIGHT 


| 


FULCRUM 
4 


Lo <= 80% Wd 


Fic. 7 Rating Metuop ro Lirr ApPpLicaTION 
Fic. 9 As Loap Is Raisep ‘““Comsinep Center or Gravity” Has 


Gone Up ProportTionaTeLy 


so that we obtain the same expression as before—La cannot ex- 
ceed 80 per cent of Wd. Yet this truck with the load elevated is — 
less stable than it was with the forks lowered. Thus, something 
is wrong with the old concept which does not reflect this decrease 
1 in stability. A means of looking at a truck and its load in funda- ; a OE SE ae 
mental terms is needed so that rational limits can be established . 
on a logical, engineering basis. 


A Sare-Loap ForMuLa 
We have such a concept and from it have developed an ap- 
proach with simple formulas that provide quickly the safe load an 
that can be handled by a truck for any lift. Basically, the concept wh sails a5 
‘Tt will be observed that Fig. 8 is essentially like Fig. 5 which Pr ek 26 bag eit 
shows the load with all of its weight concentrated at the load 
center of gravity. Also, the truck weight is shown as if it were 
concentrated, as it is, at the truck center of gravity. Both of the 8 morris pent i 
loads (truck weight and the load weight) can be considered as 
one at the ‘combined center of gravity”? shown in the figure. 
Thus, the reader can examine the whole structure of the loaded sho wtthaoeer 
truck by consideration of this one point and its relation- Lise hy 
ship to the wheels that support it. In Fig. 9, the load has been 
raised and the combined center of gravity has gone up proportion- 


Fie. 10 ANaLocy ror Use Derermintne Sare Fork-Truck 
Loaps 


ately. In the cases of certain very high-lift trucks, this combined 
_ center of gravity becomes quite high in relation to the base line. 
We now have the equivalent of a pyramid with all of the weight 
_ concentrated at the top. The base of the pyramid is determined 
by the position of the wheels. 
_ Examination of Fig. 10 will show that we have an accurate 
analogy for use in determining safe fork-truck loads. It is obvious 
that a low squat pyramid (shown in the top two diagrams) is a 
-_-very stable structure indeed. The pyramids illustrated in the 
lower section of the figure, which matches the situation with a 
“high t truck, are obviously less stable. We are now in a position 
to examine the loading of our fork trucks against a background of 
_ this pyramid analogy, and allow our judgment and engineering 
logic to establish the limits for pyramid height and slimness., 


Loap Limits 
i Engineering analysis and tests indicate that the pyramid rela- 
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Tue Pyramip RELATIONSHIP 


tionship shown in Fig. 11 is best for our operations. We have 
examined our installations and feel that floor conditions, safety 
factors, and engineering logic show that the relationships given 
in this figure are about as far as we care to go. A high-lift fork 
truck moving about over a warehouse floor can be considered now 
as this pyramid on wheels. Normal floor roughness, which would 
tend to tilt the pyramid a little or the application of the brakes 
even at slow speed, can apply overturning forces that make us 
sure this is as high and as slim a structure as should be engineered. 

The limits that we have established are as follows: For level 
warehouse operation, using cushion-tired trucks, the height of 
the pyramid should be no greater than 10 times its horizontal 
distance to the nearest tipping line which is normally the line 
between the front wheels of the truck. For pneumatic-tired 
operations, where there is a possibility of flat tires and thus tilting 
of the truck, this relationship should be no greater than 7'/; to 1. 

Navy Tests. These requirements and limitations are based on 
work done by others and on the basis of our own tests of loaded 
fork trucks. The most extensive reported work done on this 
subject was performed at the Naval Supply Center at Bayonne, 
N. J. Here, Navy engineers conducted complete tests to 
establish, by experimentation and observation, the limits to be 
placed on fork trucks for safe operation. Their tests consisted of 
loading trucks with progressively greater loads, establishing the 
weight distribution between the front and rear wheels, calculating 
the position of the combined center of gravity, and then driving 
the truck through a series of carefully formulated test maneuvers 
to establish the relationship between truck load, lift and stability, 
and risk of turning over. The results of their tests are reported 
in a pamphlet entitled, “Fork Truck Stability;’ issued by the 
Bayonne facility. The Navy personnel concluded that the 
proper ratio for height of combined center of gravity to distance to 
the overturning point to be 7'/,to1. Further, their analysis in- 
dicated that the sidewise stability factor should be no greater than 
6 to 1. 

Check Tests. Subsequently, our organization conducted its 
own engineering calculations and tests to develop proper limita- 
tions for these factors. The tests that we made involved the 36- 
ft-lift truck shown before. The truck, used on our construction 
sites, was leveled and braced loosely so that it could not overturn. 
Stability calculations made prior to the test indicated that the 
truck would be safe lifting 2000 lb to 36 ft. It is interesting to 
note that the truck weighs 19,000 Ib and is rated by the manu- 
facturer at a 15,000-lb-lift capacity at 24-in. load center. Our 
analysis showed that a truck with this load capacity would be re- 
quired to handle 2000 Ib safely at this extreme height. Thus, one 
cannot assume that any truck rated at 2000 lb capacity can lift 
this load to any height. The heavy, 36-ft-lift truck was tested by 
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hoisting progressively greater loads without turning over. 
Transits were used to establish the degree of motion of the mast 
and truck body, means were provided on the supporting cables to 
insure that there was no sense of tightening in any cable, and a 
sensing device under the rear of the truck indicated the degree of 
load on the rear wheels. Next, the truck was jacked into a tilted 
position and again the tests were repeated to insure that no over- 
turning tendency existed with loads calculated to be safe. Lastly, 
horizontal forces were applied to the truck at a point high on the 
mast to prove, by practical demonstration, that the combined 
center of gravity was at the point where it was calculated to be. 
In addition to the calculations and tests, our safety experience 
was reviewed and the judgment of personnel in our various de- 
partments was evaluated to establish limits. The result was the 
establishment of the limits described previously; i.e., limiting the 
stability factor for forward and backward stability on cushion- 
tired trucks to 10 to 1, and on pneumatic-tired trucks to 7'/2 to 1. 


ForMULAS AND NomMoGRapPHs EsTABLIsHED 


At this point, one can say that all of this is very well, but the 
average engineer or operator of a warehouse cannot conduct ex- 
tensive tests on every potential truck application that he has in 
mind. We are well aware of this and to simplify truck selection 
and to insure that the applications made are safe, simple formulas 
and nomographs were established. 

All of the considerations described can be taken into account 
mathematically. As is well known, the location of the combined 
center of gravity can be established by using a series of equations, 
taking moments about several points in the truck structure, or a 
graphical-analysis technique can be used to establish this point. 
However, these usual mathematical techniques require a series of 
trial-and-error calculations to determine the actual location of 
the combined center of gravity with a series of specific loads. 
This can be a long and tedious process. To simplify this work, 
our materials handling engineers have reduced all of the moment 
calculations to one equation which establishes a safe load in one 
step. It is not essential to go through the process of deriving this 
formula, but is sufficient to say, there is nothing arbitrary or as- 
sumed in its derivation. It was developed through the solution 
of several simultaneous moment equations. 

Applying the Formula. Use of the formula, shown ii Fig. 12, 
gives the safe load for a particular fork truck at any selected lift 
height. No trial and error is involved. There is no need to go 
through a series of calculations to establish a proper position for 
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the combined center of gravity. Use of the formula allows us to 


insert a few truck dimensions, the weight of the truck, the height 


becomes 


4 


7 


_ the instructions shown in the lower left corner of the figure. 


figure is for use with the mast vertical. 


that we propose to lift a load, and the angle at which it is proposed 
to tilt the mast forward when placing the load in its final position. 
Quick operation of a slide rule establishes the safe load for that 
truck under these circumstances. The formula shown in the 
If the proposed truck 
application involves tilting the mast forward or back, dimension a 
changes proportionally to the degree of tilt. This change in a 
must be taken into account. With this condition, the formula 


where @ is the angle of tilt. To simplify the establishment of 
safe loads even further, a nomograpk was developed. This is 


75d—z2z 


wee z+ 7.5(a + z tan @) 


Ww 


shown in Fig. 13. 


The nomograph provides an alternative way of solving for a 
safe load. It is used by those who prefer the nomograph approach 
to the solution of equations by slide rule. As can be seen in the 
figure, points on the nomograph are connected by straight lines 
between the various nomograph points in the sequence given in 
The 
final line gives the safe load for the particular application. The 
following shows the results of using this formula and this concept 
on the rating of a typical fork truck. 

Permissible Safe Load. The permissible safe load shrinks as the 
position of the load is raised Fig. 14. This curve is for a truck 
rated by the manufacturer at 6000 lb and, as is usually the case, 
no limitation is specified regarding the height of lift. However, 


examination of the curve will reveal that a safe load at the upper 
Seas of the lift is vr about 65 per cent of the rated load. This 
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load shrinks even further with greater lifts until, as shown in the 
case of the 36-ft-lift truck, Fig. 15, the safe load becomes only 
about 13 per cent of the manufacturer’s rated load. It will be 
noted that we have indicated the safe load for operation with the 
mast tilted forward and the upsetting loads with mast tilted 
forward. On the charts that have been issued to our various 
plant locations, all of these curves have been shown to illustrate 
the degree of risk entailed by seriously overloading the truck. 
Notice how closely the upsetting-load curve approaches the so- 
called rated load of the truck. In many cases, it doesn’t take 
much forward mast tilt to overturn the truck with this load. 
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SIDEWISE STABILITY 


In regard to sidewise stability, essentially the same approach is 
used, It often appears that a fork truck is as likely to turn over 
sidewise as it is to turn over forward. Most trucks have what 
is basically a triangular suspension, composed of the two front 
wheels and the center of the articulated rear axle, Fig. 16. 

It was felt that, in many cases with a load elevated at extreme 
heights and the mast tilted back, there was a possibility of the 
truck tipping over about the sidewise line. It is interesting to 
note, however, that in all cases where we have calculated stability 
factors, sidewise stability has been found satisfactory and trucks 
are more likely to turn over about the forward line than they are 
about the sidewise line, Fig. 17. However, we continue to exam- 
ine sidewise stability in each of our truck applications. This 
requires the determination of y, c, and s, by use of the formulas 
shown. If y is less than 6s, sidewise stability is satisfactory. 


CONCLUSION 


In conclusion, the method just described is one rational ap- 
proach to stability calculation. We know that manufacturers 
occasionally specify load reductions for very high lifts in their 
safe-load tables. However, these reductions in load are usually 
made on a step-wise basis at the discretion of the individual manu- 
facturer and there is no apparent uniformity in practice. It is 
our opinion that there should be a better standard in the industry 
for establishing safe-load ratings for fork-lift trucks and that the 
American Standards Association method for determining these 
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ratings should be revised. Then there would be uniformity among 
manufacturers and users, safety considerations would be given 
proper emphasis, and the various trucks would compete for 
applications on an equivalent basis. 

We recommend strongly that such uniformity be established in 
view of the rapid trend toward higher and higher lifts. 

The development of the fork truck of the future will require 
complete understanding of stability considerations to achieve a 
truck of optimum characteristics. We have no idea what this 
truck will look like, but we know that its development will be 
speeded if a rational concept of stability is used in its engineering. 


Discussion 


P. L. Bratnarp.‘ The authors are to be congratulated on the 
presentation of a very well-written paper. 
It is felt that the three following points should be discussed: 


1 The stability factor of 80 per cent rated to tipping as pub- 


lished in ASA B56.1-1950. 
2 The stability factors suggested by the authors. no - 
3. The curve shown in Fig. 15 of the paper. ie 
Before the publication of ASA B56.1, lift-truck manufacturers 
working with users attempted to establish a more complete stabil- 
ity rating. At the time of publication, however, data were lack- 
ing and the 80 per cent rating was printed with the realization that 
it was not the final answer. 
Since 1950, truck manufacturers have done a great amount of 
work together on the stability problem. This work culminated 
in the adoption at the October, 1956, meeting of the Industrial 
Truck Association of an industry-wide standard. Briefly, the 
standard requires that the truck, with rated load and uprights 
vertically extended to the maximum height, shall be tilted to a 
4 per cent slope without overturning. This method of deter- 
mining stability takes into account the structural deflections and 
tire deflections which could only be estimated previously. Be- 
fore the adoption of the ITA standard, each manufacturer had 
developed formulas and methods of hisown. Basically, of course, 
the fork truck must fall within the rated to tipping figure of 80 
per cent. By tests and calculation each manufacturer deter- 
mined how high a lift he could make before reducing the rating 
of the truck. These low and average lift heights were determined 
by a great number of tests, by customer experience, and by formu- 
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las developed through years of experience. For lifts over the 
basic heights, capacities were reduced. Here again experience 
and tests were used to determine what the reduction would be. 
At least one manufacturer considers every lift over basic heights a 
special problem and the operating conditions, capacities re- 
quired, and grades to be negotiated are investigated before a rec- 
ommendation is made. Beyond certain fixed limits, the high- 
lift mast is built and the truck is tested simulating as nearly as 
possible the user’s operating conditions before the unit leaves the 
factory. 

The second point to be considered is the forward stability fac- 
tors of 10:1 for solid or cushion-tired trucks and 7'/2:1 for pneu- 
matic-tired trucks suggested by the authors. 

The authors are concerned primarily with high lifts. For 
extremely high lifts and for specific applications such as handling 
of highly valuable goods, explosives, or operating over rough 
ground and on steep grades, the factors might be justified. It 
would be unnecessary and expensive for a user, however, to use 
the factors suggested if his lift heights were low to average, his 
floors level and smooth, and his loads conventional. To illustrate, 
the accompanying table gives the present-day ratings of one 
‘manufacturer’s line of trucks compared to the ratings using the 
proposed forward stability factors. 


Solid-tired 

present rating, lb fac wid 
eae wid 


Pneumatic-tired trucks 
present rating, lb 


Capacity rating at 10:1 


nay forward stability, lb 


Rating at 7.5:1 


These are serious penalties for the low and average lift-height 
users (who incidentally today far outnumber the users of ex- 
treme high lifts). To carry his present loads the low-lift user 
would require a larger, more costly truck, but more important, 
wider aisles would be required with consequent loss in stacking 
area. Using the table, the 15,000-Ib-truck would, in effect, be- 
come an 8000-lb unit. This would increase stacking aisle width 
by 35 per cent. 

One other factor should be noted in the table. It will be seen 
that percentagewise the loss in capacity is much greater for larger 
trucks than for small. This is contrary to present-day thinking 
shown in the latest government specification which lists the 
requirement 73'!/; per cent rated to tipping for 2000-Ib-capacity 
trucks to 77 per cent for the 15,000-lb truck. 

The third point is the curve shown in Fig. 15 of the paper. 
This curve is labeled “‘Demonstrating error in manufacturer’s 
rating for a 36-ft-lift truck.’’ This unit is a Hyster truck which 
we do rate at 15,000 lb at 24-in. load center and at a 20-ft lift. 
A glance at Fig. 3 of the paper, however, will show that in order 
to attain a lift of 36 ft, a second upright was placed ahead of the 
first. "This moves the load center far beyond the 24 in. at which 
the truck is normally rated. Since the load to be handled is 
comparatively small, a 4000-lb-capacity upright was selected as 
the second mast. While the complete unit was built to handle 
2000 lb, Hyster might rate it at 2600 lb, but certainly no more. 

The authors are rightly concerned with personnel safety. 
Manufacturers, too, are vitally concerned with safety. Manu- 
facturers know that any practical machine built for operation by 
man is subject to human error. Beyond certain limits the return 
in safety for added stability may prove insignificant. For ex- 
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ample, accidents are occasionally reported involving fork trucks | 
operating without load where stability was at its safest point. 

For competitive reasons fork-truck manufacturers must rate — 
their trucks at an absolute maximum. It is the user who, in the 
final analysis, determines what stability factor he will use. His ben ais 
ground conditions, roughness of travel areas, grades, and pac ool 
size all play a part. All manufacturers are more than willing te f, 
work with users in determining for their particular conditions a 
safe operation. 

In general it is strongly felt that present-day ratings and now 
the new ITA standard are very close to where they should be. 
Most manufacturers believe that the greatest return in added 
safety will come from proper and thorough operator ini 
The man selected to operate a lift truck must exercise sound 
judgment and be safety-minded. 


O. 8. Carutss.6 The writer has read the authors’ paper with 
considerable interest. Their mathematical approach is sound 
and their explanation clear. This paper is most certainly a major 
contribution to the available information on fork-truck stability. 

As chairman of the Engineering Sub-Committee on Fork Truck 
Stability and Safety of the Industrial Truck Association, the 
writer finds the paper extremely noteworthy. > 

The problem of stability has been a subject of major interest to _ 
the manufacturers of industrial trucks and considerable ct ; 
has been expended in a thorough study of the problem. It is 
particularly interesting that the studies by the Committee have — 
resulted in an analysis almost identical to that presented in the 
subject paper. There are, however, some significant differences. 
In an effort to provide a simple method which would encompass 
all types, makes, and lifts of trucks, an experimental method was 
finally agreed upon. A careful study of the actual operation of 
thousands of trucks in many different operations revealed that 
four major conditions warranted study. 


(a) Longitudinal—with load elevated. 

(b) Longitudinal—with masts tilted rearward and load in a 
transporting position. 

(c) Lateral—with load elevated. 

(d) Lateral—truck empty—forks lowered—and mast tilted 
rearward. 


major difficulty in establishing rigorous expressions for each of — 
these four conditions lay in the problem of deflection. Operating 
a loaded truck results in a series of deformations in the tires, frame, 
masts, and hydraulic system of the truck which are different for _ 
each concept of design and practically impossible of resolution. 
However, if we examine the pyramid concept of this paper we 
recognize that if the floor upon which the truck stands were tipped 
in a series of directions which would cause each of the sides of the 


flection. Hence the Engineering Committee of ITA has ac- 
cepted the tilting-platform test as a method for determining truck — 
stability. It is acknowledged that such a method is more compli- : 
cated than a nomograph—but it is more comprehensive, and this 
is the more important issue. 

A careful mathematical analysis of the four conditions for test 
will reveal that a truck can be stable longitudinally and still fall 
far short of requirement laterally. The four tests are so arranged | 
that this possibility cannot occur if all four tests are met. The 
writer does not agree with the authors’ statement that trucks—- 
regardless of design—are more apt to overturn longitudinally 
than laterally. 


' Director of Engineering, The Yale & Towne Manufacturing 
Company, Philadelphia, Pa. 
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TABLE 1 
Actual angle 
(computed) 
4'/:% or 2° 38’ 
29.4% 


13.7% 


or 16° 25’ 
or 7° 55’ ca 
84.2% or 40° 8’ 


3 Lateral— 
stacking 

4 Lateral— 
travel 


There still then remains the matter of values to be attached to 
the various tests. Certainly there is no disagreement between the 
method proposed in the subject paper and that proposed by ITA. 
It would be expected that any experimental determinations 
would have lower values than calculated results—especially when 
we note that the figures finally chosen were based on judgment and 
engineering logic in each instance. The figures established by 
ITA are on the same basis—but the test method embraces de- 
flections not considered in the computations. 

The horizontal forces which during operation cause overturning 
normally originate in braking efforts to stop the truck and cen- 
trifugal forces when negotiating turns. Again, these values were 
established from a study of the operating characteristics of many 
thousands of trucks which are in daily operation. The values 
chosen were predicated on the expanding use of higher travel 
speeds and total lift. 

In order to be sure of the values chosen, tests were run to de- 
termine the coefficient of friction between generally used skids 
and skid bins and polished forks. This factor provided the 
means to establish deceleration rates consistent with retaining the 
load on rearward tilted forks with minimum stopping distance 
from full travel speed. 

On the basis of these studies the ITA has adopted the follow- 
ing specifications. 

Test 1—for Longitudinal Stability Stacking. With masts 
vertical (as defined in the ITA practices) and rated load in the 
form of a 48-in. cube fully elevated—platform shall be tilted 4 
per cent or 2° 18’ about an axis parallel with the load wheels and 
in a direction to increase load overhang without truck overturning. 

Test 2—Longitudinal Stability—Traveling. With masts tilted 
full rearward and rated load in the form of a 48-in. cube, and forks 
elevated 12 in. from the floor, platform shall be tilted 18 per cent 
or 10° 13’ about an axis parallel with the load wheels and in a 
direction to increase load overhang without truck overturning. 

Test 3—Lateral Stability—Stacking. With masts in maximum 
rearward position (as defined in the ITA practices) and rated load 
in the form of a 48-in. cube, fully elevated, platform shall be tilted 
6 per cent or 3° 26’ about an axis parallel to a line connecting 
the center of either load wheel tire and the point of intersection 
of the axis of the steering axle and the longitudinal center line of 
the truck without overturning the truck. 

Test 4—Lateral Stability—Traveling. With masts of an empty 
truck tilted full rearward and forks elevated 12 in. from the floor, 
the platform shall be tilted 40 per cent or 21° 49’ about an axis 
as defined under Test 3, without overturning the truck. 

For the precise definitions and method the actual recommended 
practices of ITA should be used. 

A comparison of these values (based on a 4000-lb rated 
capacity, 154-in. height of lift cushion-tire truck) is given in Table 
1 of this discussion. 

The writer attended meetings of the Federation Européenne de 
la Manutention which were held in Paris, France, on November 8 
and 9, 1956, and similar meetings held with users and manufac- 
turers in London, England, on November 14 and 15, 1956. It 
was interesting to Jearn that the European users and manufac- 
turers were involved in the same study of stability. Also, some 
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countries in Europe have national regulations on certain of these 
factors. After lengthy discussion the representatives of the 
Western European countries voted unanimously to accept the 
ITA Standards for method of test—and provisionally to accept 
the ITA values for the four tests. European manufacturers will 
now test representative trucks—as the American manufacturers 
have previously done—and will submit the data at the FEM 
meeting to be held in Milan, Italy, during April, 1957. 

The differences in recommended values for these tests between 
the authors of this paper and ITA are significant. It would ap- 
pear that accident records do not support the premise that fork 
trucks are unstable to the point where they are unsafe. It is’ 
also axiomatic that much depends upon the supervision of the 
operation—for overloading certainly would negate any established 
standard. 

In the paper the authors state that roughly 21 per cent of their 
injuries are the result of material-handling operations. This is a 
broad area. How many accidents are attributable directly to 
fork-truck stability? 

In the writer’s opinion the values recommended may be nec- 
essary for a particular user—having in mind his particular set 
of operating conditions; however, it is believed that the values 
recommended by ITA have been proved in general use to be ade- 
quate for safety and requisite for economic warehousing opera- 
tions. 

Most assuredly—the ASME Sectional Committee on Safety 
Code for Industrial Power Trucks should and it is believed has— 
been reactivated. Both the manufacturers and the users would 
benefit. by a review of the present Safety Code—ASA B56.1-1955 
In view of the activity in Europe, the writer is of the opinion that 
we are well on the way to an international standard of real and 
lasting merit. 


L. K. Jensen. The authors have made a substantial contri- 
bution to the subject of fork-truck stability. 

We, however, do not agree with all of the assumptions made 
and conclusions reached by the authors. We also believe that 
important points were omitted from the discussion. 

The American Standards Association’s method of rating fork 
trucks as outlined in the Safety Code for Industrial Power 
Trucks ASA B56.1-1955, is used by practically no industrial-truck 
manufacturer. The majority of the industrial-truck manu- 
facturers have rated their trucks more conservatively and com- 
prehensively, taking into account heights of lift and other factors 
not mentioned in the code. The Safety Code for industrial- 
powered trucks states, in effect, that the rated moment of the 
truck shall not exceed 80 per cent of the moment required to 
overturn the truck. We believe this to be inadequate for most lift 
heights. The Government, in its stability specifications, requires 
the ratio of rated moment to the overturning moment as given in | 
Table 2, herewith. These are listed by rated capacity ratings 
and types of tires. 

In the paper a comparison is made regarding the stability of a 
fork truck with its forks raised with a load and lowered with a 
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drive axle in place of the ground, as suggested by the authors. 
This also applies to the height of the center of gravity used in cal- 
culating the side-stability-factor ratio. The analysis by the 
Navy engineers indicates, from an observational standpoint, that | 
they believe the sideways-stability-factor ratio should be near | 
They also point out that additional tests should be con- 
ducted before a definite ratio is recommended. They do not 


_ say the side-stability-factor ratio should be no greater than 6 to 1, 


a ee Actually, it appears there is no direct correlation between the 


load. It was pointed out in the paper that judgment tells us the 

_ truck with its load raised is less stable than a truck with its load 

in a lowered position. With this point, we agree. Based on the 

results of years of operating experience, under many different 

conditions, and engineering logic, we feel this point has been 

_ proved conclusively. 

In the paper no consideration is given regarding height of 

7 4 center of gravity of the fork truck and the amount of back tilt 

necessary to bring the truck safely to a stop when carrying a load. 

A truck with a high center of gravity and a small amount of back 

tilt, Fig. 18, when traveling with a load, can be overturned 

- forward during braking more easily than a fork truck with a low 
center of gravity and a generous amount of back tilt, Fig. 19. 

_ The paper refers to limitations and requirements based on tests 

performed at the Naval Supply Center, Research and Develop- 

ment Facility, Bayonne, N. J. It is true this government agency 

-made recommendations and reached conclusions but the govern- 

ment did not accept the results of these tests as a basis of a mili- 

tary standard regarding stability. It also should be pointed out, 

as a matter of fact, that in the pamphlet entitled “For Truck 

_Stability,’”’ prepared by the Naval Supply Center, Research and 

Development Facility, that in the ratio of the height of the com- 

bined center of gravity of the truck to the distance to the over- 

turning point of 7'/, to 1, the height of the center of gravity is 


tests conducted by the Naval Supply Center, Research and De- 
velopment Facility and those by the authors of the paper. 

The authors do not take into consideration the effect on forward 
stability of mast deflection, mast loosenes®, tire detlection, carriage 
looseness, carriage deflection, or fork deflection. Also, no consid- 
eration is given to the stability characteristics of a truck that is 
equipped with springs on the rear (steering axle). Fig. 20 shows 
graphically the effect of these points which are present in virtually 
every type of fork truck. 

The authors state that fork trucks are more likely to overturn 
forward than sideways when they have calculated the load that 
meets their stability specifications. Under certain conditions 
this may be true but it is not always the case. We have found 
sideways stability is often more critical than forward stability. 
The formulas proposed by the authors do not indicate any dif- 
ference on the stability-factor ratio of trucks equipped with 
pneumatic, solid cushion, or solid tires. We believe in any 
evaluation such as theirs, this should be considered. 

No consideration was given to the effect of mast deflection, 
mast looseness, amount of back tilt, carriage looseness, and car- 
riage deflection when considering the sideways stability of the 
fork truck. As shown by Figs. 21 and 22, the effect of these 
factors can have a serious effect on the stability of a fork truck. 

We have found that the amount of backward tilt is one of the 
most important factors in determining the load a fork truck can 
carry safely without overturning sideways. As the mast is 
tilted to the rear, the less stable sideways the truck becomes. 
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Up to a certain point the fork truck would be more stable side- 
ways the more the mast was tilted forward. This effect has not 
been taken into account by the authors. 

The stability of a fork truck when traveling empty is a very 
important point which has been omitted from the authors’ recom- 
mendations. With increased driving speed, this is becoming 
more critical. A fork truck with no load and forks raised 12 in. 
above the floor, is usually much less stable sideways than a truck 
carrying its rated capacity load at this height. 

We have found by calculation and testing that the amount the 
steer axle can pivot is an important factor in the sideways stability 
of anempty truck. Unless the amount the steering axle can pivot 
is restricted, within certain limits, the beneficial effect of changing 
from a three-point suspension to an equivalent four-point sus- 
pension is never realized. Also, the beneficial effect of the steer- 
ing-axle weight is never realized unless the amount the steering 
axle can pivot is restricted. It should be pointed out that, by 
test and calculation, an empty truck will remain stable sideways 
even though one drive wheel has left the ground. 

We believe that the Recommended Practices adopted by the 
ITA presents a realistic method of determining the stability 
characteristics of a fork truck which is comprehensive and prac- 
The ITA Recommended Practices consists of four tests: 
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tical. 
1 Longitudinal stability while stacking. 
2 Longitudinal stability while traveling with a load in a load- 
carrying position. 
3 Lateral stability while stacking and mast tilted rearward. 
4 Lateral stability with truck traveling empty, forks lowered, 
and mast tilted rearward. 


It was determined by careful study of actual operations that 
these four conditions necessitated study. It was acknowledged 
from the beginning of the study by the ITA that deflection of 
tires, frame, mast, carriages, forks, carriage looseness, and mast 
looseness have an effect on the stability of a fork truck, and are 
virtually impossible to solve mathematically. Therefore the 
ITA agreed that using a tilting platform for conducting their 
tests would be realistic because by testing a truck on a tilting 
platform, it is possible to simulate the effect of centrifugal forces 
that take place when maneuvering and it automatically takes into 
consideration the afore-mentioned factors that affect the stability 
of a fork truck. 

While the ITA test method is more complicated than the 
mathematical analysis suggested by the authors of the paper, 
it is more comprehensive and is on a realistic and practical basis. 

It is our recommendation that the ASME Committee on Safety 
Code for industrial powered trucks adopt the ITA Recom- 
mended Practices as a standard for fork-truck stability. 


AvTHuors’ CLOSURE 


The authors appreciate the attention and interest this paper has 
received. The paper has served a worth-while purpose in acceler- 
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ating the development of rational techniques for rating trucks. 
The importance of fork truck stability is reaffirmed by the fact 
that the ITA proposals were publicized a few weeks after the paper 
was printed but prior to its formal presentation. The following 
points are appropriate: 


1 The technique (formulas or nomograph) will probably be use- 
ful to fork truck users in checking their proposed truck applica- 
tions to insure that safe and workable installations are made. 

2 The specific stability factors (7.5 and 10 to 1) shown were 
established for du Pont use only. Each user should develop for 
his own use the relationship of load height (factor y in the for- 
mula) to horizontal ‘“‘safety distance’’ (factor c ors). Some may 
be willing to live with less conservative relationships than those 
shown in the paper. 

3 As Messrs. Brainard, Carliss, and Jensen have stated so 
well, there is no substitute for careful application and safe opera- 
tion of any truck system. The authors concur that the new ITA 
system, which is identical in concept and principle to the mathe- 
matical approach, is a highly practical method of testing trucks. 
It is hoped that it becomes uniform among manufacturers. 
Users without test equipment may find it appropriate to check 
their proposed applications by the simple mathematical approach 
given in the paper, to insure that the application is safe and that 
manufacturers are not requested to do the impossible. 

4 The proposed ITA standard eliminates the effect of deflec- 
tions in truck chassis. It is interesting to note that in a typical 
ITA test of lateral stability with load elevated, the difference 
between calculated and test results was 0° — 18’. This illus- 
trates the excellent correlation between the authors’ mathematical 
approach and the test platform method. The standard finally 
adopted should specify an operable stability ratio (not neces- 
sarily the values used by the authors). The ratios selected, if 
too high (25 or 30 to 1), will result in unsafe applications. Con- 
versely, use of unduly conservative ratios (4 or 5 to 1) will 
penalize truck users by forcing purchase of oversize units. 

Also, it is the opinion of the authors that there should be a 
distinction in the standard stability factors for pneumatic versus 
cushion-tired trucks. The pneumatic-tired units should be more 
conservatively rated to compensate for the surfaces on which 
they are operated. 

5 The authors have not stated that trucks—regardless of 
design—are more apt to overturn longitudinally than laterally. 
The fact that each model examined to date has been satisfactory, 
as regards lateral stability, reflects the degree of skill displayed by 
truck manufacturers in engineering the modern fork lift truck. 

6 The Hyster truck (36-ft lift) that Mr. Brainard mentioned 
was engineered by Hyster personnel for the specific application, 
at the request of the user. No unsafe application was suggested 
by Hyster people at any time. The early printing of the caption 
(which differed from original copy) on Fig. 15 implied a criti- 
cism which was not intended. 
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Pressure Drop and Air-Flow Distribution 
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Generalized curves showing the combustor total pres- 
sure-loss coefficient and air-flow distribution for various 
geometric configurations and operating conditions were 
obtained from theoretical calculations. The results per- 


- tain to tubular turbojet combustors having (a) constant 
e annulus and liner cross-sectional areas along the combus- 
- tor axis, and (6) flush circular holes in the liner walls. 


NOMENCLATURE 


The following nomenclature is used in the paper: 
A = cross-sectional area of any given flow passage, sq ft 
A, cross-sectional area of annulus formed by outer 
diameter d of the liner and inner diameter D of 
combustor housing, sq ft 
liner open-hole area from station 2 to station at z, 
sq ft 
liner open-hole area from station at z to station at 
(x + Az), sq ft 
total liner open-hole area, sq ft 
cross-sectional area of liner, sq ft 
total combustor cross-sectional area, referred to as 
reference area, sq ft 
orifice discharge coefficient, ratio of measured to 
theoretical flow through hole 
orifice discharge coefficient, corrected for pressure- 
ratio effect 
inner diameter of combustor housing, ft 
outer diameter of liner, ft 
fuel-air ratio by weight 
Fanning friction factor 
= gravitational constant, 32.2 ft/sec* 
= length of combustor from station 2, just upstream 
of first row of holes in liner, to station 3, down- 
stream of last row of holes at end of combustor 
Mach number based on local average velocity and 
local static temperature 
local total pressure, psf 
combustor total pressure-loss coefficient 
local static pressure, psf 
dynamic pressure, psf 
reference dynamic pressure, W 
local total temperature, deg R 
local average velocity, fps _ 
weight flow rate of air passing through annulus at 
given station, lb/sec 
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~ in Gas-Turbine Combustors 


By J. S. GROBMAN,! R. T. DITTRICH,' anv C. C. GRAVES? 
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weight flow rate of air passing through liner at given 
station, lb/sec 

weight flow rate of air passing through liner from 
station at x to station at (x + Az), lb/sec 

total weight flow rate of air passing through com- 
bustor, lb/sec 

fraction of total air passing through liner-dome 
openings 

distance along combustor measured from station 2 
just upstream of first holes in liner, ft 

density based on static pressure and static tempera- 


lax 

jet issuing from liner-wall openings , 
liner 
station just upstream of first liner-wall opening 
combustor exit station downstream of last liner-wall open- 

ings 


Mu, > 


INTRODUCTION 


In the design of combustors for turbojet and ramjet engines, it 
is desirable to be able to predict the combustor total pressure loss 
and air-flow distribution from the combustor geometry and 
operating conditions. Low values of combustor total pressure 
loss are desired because these losses reduce engine thrust and 
cycle efficiency (1).* Air-flow distribution is of direct interest to 
the combustor designer because it influences combustion ef- 
ficiency and stability and combustor-outlet temperature profile 
(2). 

The combustor total pressure loss results primarily from the 
mixing of high-velocity liner air jets with the liner gas stream, 
heat release in the liner, and annulus wall friction. The effects of 
these factors on combustor total pressure loss are considered in 
the calculations of this paper. The air-flow distribution is ob- 
tained in the course of the total pressure-loss calculations. 

The calculation of combustor total pressure loss and sir-flow 
distribution for a given combustor design is a tedious and time- 
consuming problem. One such calculation method is presented in 
reference (3). There is a need for generalized curves that can be 
used to obtain preliminary estimates of combustor total pressure 
loss and air-flow distribution. These curves also would be useful 
in indicating the relative effects of combustor geometry and 
operating conditions. This paper summarizes a recent NACA 
study (4) and is concerned with the development of such gen- 
eralized curves for tubular combustors having (a) constant 
annulus and liner cross-sectional areas along the combustor axis, 
and (6) flush circular holes in the liner walls. The results may 
apply approximately to can-annular and annular combustors 
having equal velocities in the inner and outer annuli at all points 
along the combustor axis. 

The combustor total pressure-loss coefficient and air-flow dis- 


* Numbers in parentheses refer to the Bibliography at the end of 
the paper. 
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tribution are presented graphically in terms of the following di- 
mensionless parameters: (a2) Combustor reference Mach number, 
(b) ratio of combustor exit to inlet total temperaure, (c) A,7/A,, 
and (d) A,/A, where Ay, is the total open-hole area of the liner 


wall and A, and A, are the liner and combustor cross-sectional 
areas, respectively. 


ANALYsIs 


Calculation of Combustor Total Pressure-Loss Coefficient 

Orifice Discharge Equation. A sketch of the tubular, parallel- 
wall combustor considered is presented in Fig. 1. In this figure, 
station 1 is the combustor inlet, station 2 is just upstream of the 
first air-admission openings in the liner wall, and station 3 is just — 
downstream of the last air-admission opening in the liner wall. an 
The cross-sectional area at station 1 is the combustor reference — 
cross-sectional area A, and inlet flow conditions are referenced at | 
this station. The orifice-discharge equation for a liner-wall 
opening such as is illustrated in Fig. 2 is given by 


AW, = Cp,V ;AA, 


The definition of the symbols used in this paper are presented in 
the Nomenclature. For a differential portion of the air passing 
through the opening, Equation [1] becomes 


dW, 


In the use of Equation [2], it is assumed that the flow in the jet 
from the annulus to the vena contracta is isentropic and that the 4 
static pressure in the vena contracta equals that within the liner 
at the station considered. The effect of cross-sectional-area 
blockage of the liner gas stream by the air jet on the local static 
pressure at the vena contracta is neglected. 

In practice, the admission of air into a combustor liner through 
holes in the liner wall results in a stepwise increase in the liner 
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TRANSACTIONS OF THE 
gas-stream flow along the length of the combustor. In the cal- 
culation of flow conditions in the parallel-wall combustor, the 
stepwise air-flow distribution in the liner was assumed to be of a 
continuous form, thus enabling the integration of Equation [2]. 
This assumption corresponds to the selection of an infinite num- 
ber of liner-wall openings between stations 2 and 3. 

Incompressible Flow Relations. For the case of incompressible 
flow, Bernoulli’s equation for incompressible flow can be substi- 
tuted into Equation [2] to evaluate the term p;V,;. Equation [2] 
may then be rearranged and expressed in dimensionless form by 
the introduction of the reference dynamic pressure. The inte- 
gration of Equation [2] between stations 2 and 3 gives 


A 
a? 


Wh 
In Equation [3] the annulus total pressure P, may be calculated 
from the combustor-inlet total pressure and the friction pressure 
drop along the annulus, while the liner static pressure p, may be 
calculated from the momentum equation for the liner gas stream. 
The differential momentum equation for the liner gas stream as 
developed by the method of reference (5) is 


Ww V, 
A,dp, + — dV, + 
g 


For the case where the annulus and liner cross-sectional areas 
are constant along the combustor, the following solution is ob- 
tained for the liner static pressure at any given station from 
Equation [4] 
2 
A 2. 1 T 


Now 


Combining Equations [5] and [6] 
Pi-P, 
qr 


qr 


(az) 
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W 
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A, 
A, 
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where the area ratios A,/A, and A,/A, are related by 
A, 


The principal assumy,tions required in the derivation of Equation 
[7] are: 

1 The actual flow can be approximated with sufficient ac- 
curacy by one-dimensional equations. 

2 The liner air jets mix instantaneously with the liner gas 
stream. 

3 The effect of fuel flow on molecular weight and weight well 
of the liner gas stream can be neglected. 

4 Heat transfer between the annulus and liner gas streams is- 
negligible. 

5 Mixing losses in the annulus are negligible. 
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6 Liner-wall friction is negligible. 
7 Density is independent of pressure changes along the 
combustor and is affected only by the temperature changes along 
_ the combustor associated with heat release. 


The term (P; — P13)/q, of Equation [7] is the combustor total 
pressure-loss coefficient, AP/g,. The relation between AP/g, and 
A,7/A, at various values of A,,/A, is obtained by the simultaneous 
solutions of Equations [3] and [7]. 

The annulus total pressure-loss term (P; — P,4)/g, of Equation 

_ [7] can be calculated from the relation ware’ 


q, 


0 T L 
¢ where the friction factor f, is assumed to be constant. The use of 
- Equation [9] requires a preliminary estimation of air-flow dis- 
tribution along the combustor. In the calculations shown in this 


_ paper and for the case of zero flow through the liner dome, a 
parabolic air-flow distribution 


W, 
Wr 


was used in the solution of Equation [9], and f, and L/D were 
taken as 0.005 and 4, respectively. 
The solution of Equation [7] for flow with heat release requires 
. the specification of the liner gas-stream temperature along the 
- ‘ combustor length. The evaluation of 7', with combustion would 
require knowledge of the fuel-air ratio and average combustion 
efficiency along the combustor. In typical combustors, the major 
a ] portion of the inlet air is bypassed around the liner dome where 


all of the fuel is injected. Accordingly, the average fuel-air ratio 

of the liner gas stream may vary from values well in excess of 

stoichiometric at the upstream end of the combustor to lean fuel- 

air ratios at the combustor exit. For the case where all of the 

i fuel is injected at the liner dome, the average fuel-air ratio F, of 

the liner gas stream at various stations along the combustor is 
given by 


In the present calculations, the combustion efficiency was as- 
sumed to be 100 per cent in the downstream portion of the com- 
- bustor where the average fuel-air ratio of the liner gas stream is 

stoichiometric or leaner. In the upstream portion of the com- 
‘ bustor where the over-rich fuel-air ratios exist, the average tem- 
perature of the liner gas stream was assumed to be that cor- 
responding to a stoichiometric fuel-air ratio and 100 per cent 
_ combustion efficiency. The variation of temperature with fuel- 
air ratio was calculated for normal octane fuel at an inlet tem- 
perature of 540 R and for air at an inlet temperature of 728 R by 
the methods of references (6) and (7). 
The major portion of the data presented in this paper was cal- 
culated for the case of zero flow through the liner dome (Wz2/Wy 
= 0). Limited data are presented, however, to illustrate the 
effect of flow through the liner dome on the combustor total pres- 
sure-loss coefficient. 


Compressible-Flow Relations. While the bulk of the calcula- 
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tions presented in this paper was obtained assuming incompressi- 7 
ble flow, additional calculations were made in which compressible _ 
flow was considered. The assumptions made in the use of Equa- — 

tion [2] as well as the assumptions 1 to 6 made in the derivation 
of Equation [7] are also made in the compressible-flow calcula- 
tions. As the result of the complexity-of the compressible-flow 
relations, however, the relation between liner static pressure and 
annulus total pressure is not obtained directly asin Equation [7] 
for the case of incompressible flow. While the compressible-flow 
relations are somewhat more complex than the incompressible- 


- flow relations, they are useful because they indicate the effect of 


varying combustor reference Mach number on the combustor 
total pressure-loss coefficient. 


Calculation of Air-Flow Distribution 

The air-flow distribution is obtained in the course of the com- 
bustor total pressure-loss calculation by the following relation- 
ship 


& 
WL W L 


Values for the fractional liner open-hole area A,/A,; may be 
calculated for various values of W,/W, by Equation [12]. | 
Except for the effects of variation in annulus wall friction with 
air-flow distribution, the relation between W,/W, and A,/A,, is 
independent of the distribution of air-entry holes along the liner. 
Determination of Discharge Coefficients of Liner-Wall Openings 

Values of the liner-wall-opening discharge coefficient C, re- 
quired in the calculations of the combustor total pressure-loss 
coefficient and air-flow distribution, may be obtained from corre- 
lations such as presented in reference (8). The present calcula- 
tions were based on the correlation from reference (8) for a */,-in- 
diam hole in a 0.040-in. wall. The correlation curves for this 
opening are presented in Figs. 3 and 4. In Fig. 3, the discharge 
coefficient corrected to a static pressure ratio p,/p, of unity is 
plotted against the correlating flow parameter (P, — p;)/(P4 — 
p,). In Fig. 4, the ratio C/C, is plotted against the static pres- _ 
sure ratio p,/p;. The discharge coefficient C is obtained from 
the relation 


C=, 

The correlation of Figs. 3 and 4 gives only the effect of annu- 
lus flow on the discharge coefficient. Data of references (9) and 
(10) indicate that there also can be a large effect of liner gas- 
stream velocity on the discharge coefficient. However, provided 
that the component of the jet velocity normal to the liner wall is 
larger than the local liner gas-stream velocity, the effect of the 
liner gas-stream velocity on the discharge coefficient would ap- 
pear to be small (9, 10). Since such a condition existed for most 
of the calculations of the present paper, the effect of liner gas- 
stream velocity on the discharge coefficient was neglected. 

The results presented herein are considered representative of 
typical flush liner-wall openings even though they are based on 
only one particular air-admission-hole geometry, since the data of 
reference (8) showed that the effects of hole diameter and wall 
thickness on discharge coefficient were small compared to the 
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effects of annulus flow shown in Figs. 3 and 4. They may not be 
applicable to combustor liners having a substantial portion of the 
air admitted through louvers or through holes having intake 
scoops to direct the air through them. 


Variation in Total and Static Pressure in 
Annulus and Liner Along Combustor Length 

The calculation of combustor total pressure-loss coefficient and 
air-flow distribution requires an intermediate calculation of static 
and total pressures in the annulus, and in the liner along the length 
of the combustor from station 2 to station 3 (Fig. 1). Fig. 5 shows 
the variation of calculated static and total pressures along the 
combustor expressed as a ratio of pressure at a given station to 
the inlet total pressure at station 1. 


This pressure ratio is plotted 
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against the fractional distance along the combustor axis from sta- 
tion 2to3. The data for this figure were computed for a reference 
velocity V,, of 100 fps, an inlet total pressure P, of 30 in. Hg abs, 
and zero flow through the liner dome (W12//W, = 0) using the 
incompressible cold-flow relations. The calculations were made 
for a combustor with a ratio of liner cross-section area to ref- 
erence area A,/A, of 0.6 and a ratio of total liner open-hole area 
to reference area A,7/A, of 1.09 assuming uniformly distributed 
liner-wall openings. It is seen in Fig. 5 that the total pressure of 
the liner gas stream increases with an increase in z/L in the up- 
stream portion of the combustor, reaches a maximum, and then 
decreases in the downstream portion of the combustor. The 
variation in the total pressure of the liner gas stream for cold- 
flow conditions is a result of the difference in velocity of the 
annulus and liner gas streams. In the upstream portion of the 
combustor, annulus air at high axial velocity mixes with the 
low-velocity liner air stream, and hence increases the total pres- 
sure of the liner air stream. In the downstream portion of the 
combustor, the mixing of the low-velocity annulus air with the 
high-velocity liner air stream results in a decrease in total pressure 
of the liner air stream. The maximum total pressure of the liner 
air stream for cold flow occurs at the station where the axial 
velocities of the two streams are equal. The curve for the static 
pressure of the liner air stream exhibits a similar trend, although 
differing in location of the maximum pressure and in the magni- 
tude of the pressure variation. 


Variation in Discharge Coefficient Along Combustor Length 

The variation of the discharge coefficient of liner-wall openings 
along the length of the combustor is illustrated in Fig. 6. These 
discharge coefficients were determined from the combustor pres- 
sure data of Fig. 5 and the discharge-coefficient correlation of 
Figs. 3 and 4. Discharge coefficients range from about 0.1 for 
the upstream liner holes, to about 0.6 for the holes at the extreme 
end of the liner. This variation of discharge coefficients is typical 
of all parallel-wall combustors with flush liner-hole openings; the 
actual values of discharge coefficients for any given combustor, 
however, will vary for different annulus-flow conditions. Since 
the discharge coefficient and static pressure drop of liner-hole 
openings are indicative of the relative air flow through openings 
of a given size, it is evident from Figs. 5 and 6 that the openings in 
the upstream region of the liner pass less flow per unit area than 
those in the downstream region of the liner. 
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Fig. 7 shows the effect (a) of the ratio of liner total open-hole 
area to combustor reference area, and (b) the ratio of the liner 
cross-sectional area to combustor reference area on the combus- 
tor total pressure-loss coefficient. The data were calculated from 
incompressible cold-flow relations with zero flow through the 
liner dome. For any given value of A,/A,, the combustor total 
pressure-loss coefficient AP/g, asymptotically approaches a 
minimum value as A,7/A, is increased above a value of about 1.5 
and increases very rapidly as A,7/A, is decreased to values below 
about 1.0. For any given value of A,,/A,, a minimum value of 


the cold flow AP/g, occurs at a value A,/A, of 0.5. The data of — 


_ Fig. 7 show that for a parallel-wall combustor values of A,7/A, 
greater than about 1.0 and A,/A, between 0.4 and 0.6 are de- 
sirable to obtain a low cold-flow total pressure loss. 
Annulus wall friction represents 5 per cent of the combustor 
; total pressure-loss coefficient for A,/A, of 0.5 and 23 per cent for 
/A, of 0.7 at a value of A,,/A, of 1.0. The calculations used 
to prepare the curves of this paper pertain to cylindrical combus- 
tors having a ratio of length to reference diameter L/D of 4. 
Values of AP/g, for an L/D less than 4 will therefore be some- 
what smaller. 


Effect of Combustor Reference Mach Number 
The variation of the combustor total pressure-loss coefficient 
_ with reference Mach number for various values of A,/A, at an 
A,7/A, of 1.0 is shown in Fig. 8. The data were calculated from 
the compressible cold-flow relations with zero flow through the 
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liner dome. Fig. 8 indicates that AP/g, is relatively unaffected 
by increases in M, up to about 0.1; hence, the incompressible- - 
flow relationships can be used with sufficient accuracy in this’ 
region. However, for M, above 0.1, there is an increase in AP/g, 
with increase in M,, particularly at values of A,/A, above 0.6. 


Effect of Heat Release 

The variation in AP/q, with A,/A, for various values of tem-_ 
perature ratio across the combustor 7';3/T7'; at a value of A,7/A, 
of 0.6 is presented in Fig. 9. The data were calculated from in-: 
compressible-flow relations with zero flow through the liner dome. 
The combustor total pressure-loss coefficient increases with tem- _ 
perature ratio at a more rapid rate as A,/A, decreases. As a re- 
sult, at higher values of temperature ratio, larger A,/A, values 
are required to minimize AP/q,. A value of A,/A, of 0.5 pro-— 
vided minimum AP/gq, under cold-flow conditions; a value of — 
A,/A, of 0.6 provides the lowest AP/g, at a value of 73/7; of 
about 3. This shift in minimum AP/g, with the temperature — 
ratio across the combustor occurs at all values of A,,7/A,. 


Effect of Air Flow Through Liner Dome 
The curves presented thus far have been obtained from calcu- | 
lations made with the assumption that all of the air being ad-— 
mitted to the liner enters through holes in the liner wall (Wz2./W, ; 
= 0). In practice, however, a portion of the primary air may en- | 
ter the combustor liner through openings in the liner dome. The 
variation in the combustor total pressure loss with A,7/A, for 
T13/T,; of 1 and 3 and for zero and 10 per cent liner-dome flow is 
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shown in Fig. 10. The data were calculated from the incom- 
pressible-flow relations. The value of A,,/A, plotted on the 
abscissa of Fig. 10 does not include the open-hole area in 
the liner dome. Increasing the fraction of total air entering the 
liner through the liner dome decreases AP/g,. Values of AP/q, 
for any W12/W, between 0 and 0.1 may be estimated by linear 
interpolation between the two curves presented in Fig. 10. 


Arr-FLow DIsTRIBUTION 


Effect of Liner Total Open-Hole Area 

The fraction of total air passing through the liner at any given 
station along the combustor W/W, is plotted against the frac- 
tion of liner total open-hole area A,/A,r7 in Fig. 11 for various 
values of A,7/A, and for A,/A, of 0.6. The data were calculated 
from incompressible cold-flow relations with zero flow through 
the liner dome. The 45-deg dashed line on the air-flow-distribu- 
tion curve represents the air-flow distribution that would be 
obtained if each hole in the liner admitted a quantity of air 
directly proportional to its area. Increasing the liner total open- 
hole area decreases the fraction of total air entering the upstream 
region of the combustor liner. This decrease in upstream liner 
air flow becomes appreciable at large values of A,7/A,. This re- 
duction in W,,/W ris a direct result of the reduction in static pres- 
sure drop and discharge coefficient of the upstream holes in the 
liner. 


Effect of Reference Mach Number 
The effect of reference Mach number on combustor air-flow 
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distribution is shown in Fig. 12 for A,,/A, of 0.6 and 1.6. The 
incompressible cold-flow relations were used to obtain the data 
defined as zero M, and the compressible cold-flow relations were 
used to obtain the data for an M, of 0.15. Increasing reference 
Mach number decreases the fraction of total air flow entering the 
liner through the upstream liner-hole openings. The effect is 
more pronounced at higher values of A,7/A,. 


Effect of Heat Release 


The effect of temperature ratio across the combustor on air- 
flow distribution is shown in Fig..13 for A,/A, of 0.6 and A,,/A, 
of 0.6 and 1.6. Curves are shown for values of 7'43/7; of 1, 2, 3, 
and 4, The data were calculated from the incompressible-flow 
relations with zero flow through the liner dome. Increases in 
combustor total-temperature ratio tend to decrease the fraction 
of total air entering the liner through the upstream liner-hole 
openings. The effect is due to a static-pressure rise in the liner 
with combustion which results in reduced static-pressure drops 
and reduced discharge coefficients for the upstream liner-hole 
openings. The decrease in upstream liner air flow with increas- 
ing combustor-temperature ratio is more pronounced for larger 
values of A,7/A,. 


Effect of Ratio of Liner to Combustor Reference Cross-Sectional 
Areas 


The effect of the ratio of liner to combustor reference cross- 
sectional areas on air-flow distribution is shown in Fig. 14 for a 
value of A,7/A, of 1.6. The data were calculated from the 
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incompressible cold-flow relations with zero flow through the 
liner dome. The fraction of total air entering the upstream region 
_ of the liner increases as A,/A, is reduced from 0.7 to 0.5. The 
effect is similar to that of Mach number; that is, as velocity in 
the annulus is reduced by a reduction in Mach number or an in- 
crease in annulus area, the static-pressure drop and discharge 
coefficients of the upstream-liner holes increase. Further reduc- 
tions in A,/A, below 0.5, however, will not result in increased 
air flow through the upstream-liner openings. This reversal is 
attributed to the effect of increasing liner velocities. In view of 
the conflicting effects of annulus and liner flow, it would be ex- 
pected that the most favorable A,/A, value for maximum up- 
- stream-liner flow would occur at a value somewhat higher than 
_ 0.5 for flow with combustion. 


CONCLUSIONS 


Low combustor total pressure-loss coefficients are desirable be- 
cause the thrust and cycle efficiency of a turbojet engine may be 
- inereased by reducing the total pressure loss associated with the 
- combustion chamber. Curves have been presented in this report 
© that show the combustor total pressure-loss coefficient as a func- 
_ tion of a number of combustor geometric and operating variables. 
It has been shown that the hot-flow pressure loss can be mini- 
mized by designing the combustor with a liner to total cross- 
 sectional-area ratio of about 0.6 and a total liner open-hole area 
greater than the total cross-sectional area. Since the combustor 
total pressure-loss coefficient increases with combustor reference 
- Mach number, increasing the combustor frontal area would re- 
_ duce the reference Mach number and further decrease pressure 
joss. 
The results presented herein predict the problems to be faced in 
‘future combustor designs. Future combustors for engines with 
cooled turbines and new compressor designs will operate at higher 
- combustor-exhaust temperatures and higher reference Mach 
numbers. This, along with the increased liner-hole area re- 
- quired for minimum pressure loss, will tend to decrease the up- 
- stream-iner air flow. Yet, if the combustion process is to occur 
in the same upstream region for high-temperature operation as 
for low-temperature operation then a larger percentage of air 
must be admitted into the upstream region. Thus, providing for 
adequate air into the upstream primary combustion zone of com- 
bustors without inducing excessive pressure losses will be a major 
problem in future combustor development. Merely increasing 
the fraction of total open-hole area in the upstream region of the 
liner may not alleviate the problem, since the discharge coefficient 
_ and therefore the air admission in upstream holes can vary over a 
wide range at different annulus flow conditions. What may be 
adequate air admission at severe operating conditions could be 
excessive air admission at less severe operating conditions. The 
7 _ use of scoops or shrouds in the primary or upstream end of the 
combustor may provide at least a partial solution to this problem. 
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Disc ussion 


W. D. Poucnot.* The authors have accomplished something 
which is all too rare—they have made a quantitative contribution 
to combustion-chamber design. 

The paper points up the problem of obtaining desirable air- 
flow distributions over a range of fuel-air ratios in fixed-geometry 
burners of low total pressure loss and small size. To a degree, 
this problem is a creature of the model chosen for the paper. If 
all or nearly all the upstream air had been added through the 
liner dome, the shift of air distribution with changes in operating 
conditions would not be so marked. Some vaporizing combus- 
tion chambers do this. As the authors show, this model also may 
be analyzed readily on an over-all basis. 

Another model which is readily analyzed on an over-all basis is 
one with a constant air velocity in the annulus outside the liner 
and a constant area inside the liner. This model has a lower con- 
figuration loss than the constant-area constant area-case. The 
configuration loss is here defined as the referred total pressure loss 
minus the referred static pressure drop over the liner at the ex- 
treme upstream end. The configuration loss for the constant 
area-constant area model, at optimum area ratio and a tempera- 
ture ratio of 4, is 13 reference velocity heads. Referred total 
pressure loss from Fig. 9 of the paper is 17 reference velocity 
heads. The difference of 4 units between the two values is, ap- 
proximately, the static pressure loss across the liner at station 2 
(see Fig. 5 of the paper). 

For the constant-velocity constant-area model the value of 
configuration loss is calculated to be only 8.5 reference velocity 
heads for the condition of optimum area ratios, temperature ratio 
of 4, and no flow through the liner dome. This gives the constant- 
velocity constant-area model a considerable initial edge over the 
constant-area constant-area one. 

In addition, it should be mentioned that a constant-area pas- 
sage from which flow is being removed acts as a diffuser. The as- 
sumption of isentropic diffusion for calculation purposes seems 
justified by the results but it cannot be regarded as representing 
the true physical picture. This would be particularly true where 
large amounts of air are removed in steps. In this case the air 
remaining is confronted by something resembling a sudden ex- 
pansion and a loss of total pressure will result. If it is assumed 
that the axial momentum of the air as it goes through a hole is 
unchanged from its value ahead of the hole, the one-dimensional, 
incompressible-fiow relation for the annulus total pressure loss is 


as follows 
AM \* 
AP/q = \ —— 
total pressure loss in annulu eke = 


velocity pressure ahead of hole evedanisit 1 


where AP 


ss M = mass-flow rate ahead of hole 


AM = mass-flow rate through hole 


Congratulations to the authors on a very worth-while paper. 
Westinghouse 


‘Section Engineer, Combustion Development, 


937, 1949. (Supersedes NACA TN's 1086 and 1655). Electric Corporation, Kansas City, Mo. 
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Nonhomogeneous Yielding of Steel Cylinders 
I—Mild Steel 
By STEELE! anv L.C. EFICHBERGER,* URBANA, ILL. 
Experimental information on the mechanism of yield condition instead of at the completion of the experiment as in the 
and the associated strains is presented for mild-steel previous program. 
cylinders (2:1 diameter ratio) overstrained by internal Lueders’ lines are found to initiate and propagate through the 
fluid pressure. A limited number of Lueders’ lines de- cylinder walls according to distinct patterns. They reach ap- 
velop and propagate through the cylinder wall according proximately twelve in number just prior to the full yield pressure 
to distinct patterns. The strains vary circumferentially and measure '/s2 to 1/s in. in width at the cylinder bore (cylinder 
in keeping with the nonhomogeneous mechanism of yield. dimensions are 3 in. ID X 6 in. OD X 8 in. long). The full yield 
Comparison with homogeneous plasticity theories shows condition provides a rapid increase in both the number of Lueder’s 
good agreement for circumferential strains provided a __ lines and their widths. Full yield pressures are some 14 per cent 
correction is made for the material yield stress. Axial lower than those predicted from theory, but it is believed that this 
strains are essentially elastic. Creep under maintained _ is due to the difference in loading rate between cylinder and ten- 
constant load is discussed in relation to strain and Lueders’ sion specimens. Strains recorded at various locations on the bore 
line movement. and outside surfaces reflect the nonhomogeneous yielding typified 
al at ite hel by the Lueders’ lines. Axial strains are, to a first approximation, 
INTRODUCTION elastic as shown previously by Steele and Young. Creep under 
XPERIMENTAL and theoretical investigations of the ™#intained constant pressure is shown to be due to a slow move- 
overstraining of thick-walled cylinders by internal pres- penetration of Lueders lines. 
sure are quite numerous. Little work has been directed, This paper is a condensed version of a technical report to the 
however, towards an evaluation of the nonhomogeneous mecha- Office of Ordnance Research (). Fou “7 linders _— tested, but 
nism by which some steels yield. The present work considers this because of space limitations the majority of results will be taken 
phase, in relation to mild-steel cylinders, by examining Lueders’ from one of these. The results may be regarded as characteristic 
line patterns on the end faces and outside diameters, and the of the behavior of mild-steel cylinders expanded by internal pres- 
records of strains at various locations on the bore and outside 
surfaces. 
Materials which yield nonhomogeneously are not included 
within the scope of theoretical plasticity. The experimental Equipment a 
work is compared with homogeneous, ideally plastic theories and The apparatus for applying internal pressure to the cylinders, 
those chosen are due to Thomas (1)? and Koiter (2). Thomas’ and the related equipment, are essentially the same as those 
theory is based on the Prandtl-Reuss stress-strain law and the previously reported by Steele and Young (4). Foil gages were 
maximum shear stress-yield condition. He has given a numerical used for the measurement of bore strains and the effect of fluid 
solution for a cylinder with open ends from a theory which was pressures on these gages has been published (6) previously. At 
reported previously by Hill, Lee, and Tupper (3). Koiter’s the end of a cylinder test, photographs were taken of the Lueders’ 
theory incorporates the maximum shear stress-flow condition, but line patterns using a modified form of the Schlieren technique. 
he employs a plastic stress-strain law derived from considering é : ¢ 
the yield function as the plastic potential. These two theories Specimens and Material Properties. 
may be regarded as mathematically rigorous and hence accurate All the specimens were made from a solid forged billet of 1020 
within the framework of their respective assumptions. steel which was 7'/; in. diam by 84 in. long. The billet was cut up 
The work presented in this paper is essentially an extension of as shown in Fig. 1. This provided 4 cylinders, a total of 30 ten- 
previous work reported by Steele and Young (4). The latter in- 
vestigation has been used as a basis for improving the information ‘ OF BILLET ad 
on the nonhomogeneous yielding of mild-steel cylinders by giving + be! 
more complete data on Lueders’ line patterns and bore strains. Q( ler] Jos] [eel] lon aC 
Foil gages of 1-in. gage length have provided a maximum coverage Ire Jt} 
of 64 per cent of the bore circumference in contrast to Steele and 
Young’s 16 per cent. Lueders’ line patterns have been recorded TEST CYLINDERS — SECTION NOS. 4, 6, 8,10 ' 
at specific pressure stages from their initiation to the full yield TENSION COUPONS — SECTION NOS. 2, 5, 7, 9, 1! o 
Research Associate Professor, Department of Theoretical and 
Applied Mechanics, University of Illinois. Fig. 1 Specimen Position 1n Miip-Sreer Bitter 
2 Research Associate, Department of Theoretical and Applied 
Mechanics, University of Illinois. sion specimens (6 taken from each section adjacent to the ends of 


3 Numbers in parentheses refer to Bibliography at end of the paper. . . ‘ Pa 
Contributed by the Metals Engineering Division and presented at the cylinders) and 2 disks for macroetching. The majority of re- 


the Annual Meeting, New York, N. Y., November 25-30, 1956, of sults presented in this paper are taken from a cylinder (MS8) pre- 


Society ENGINEERS. pared from location 8. Certain information is obtained from MS6 
ore: Statements and opinions advanced in papers are to F 
neh taken from location 6. In discussing material properties, tension 


the Society. Manuseript received at ASME Headquarters, July 6, ‘ests of specimens machined from locations 7, 5, 2, and 9 only will 
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(a) Preparation of Cylinder Specimens. Each specimen was mechanical properties in the circumferential and axial directions 
_ rough machined, annealed at 1650 F, and finished to the nominal respectively. The results given for each location in the billet . 
_ dimensions shown in Fig. 2. Bore surfaces were finished with a (signified by a number) are the averages of 3 tension tests. A 

_ sharp tool and adequate lubricant. Outside diameter and end typical stress-strain graph is shown in Fig. 4. 

_ surfaces were ground and finished with a fine emery. The difference in the av- 
erage properties between 
the circumferential and the 

- axial directions are not con- 
sidered significant. It is iB 
realized that these tests are 
not a true indication of isot- 

ropy of the material, but 
the chances of severe anisot- STRAIN 
4 ropy are reduced considera- Fic. 4 Typicat Tension-Stress- 
Fic. Detarts or CyLinDER SPECIMENS bly. Srrain CuRvVE 
It is well known that 

The location of gages is also shown in Fig. 2. Six foil gages were mild-steel material is time sensitive at room temperatures. 

7 mounted circumferentially, three in each of two rows, on the bore ‘Yielding is accompanied by creep and this fact presents a dif- 
surface. Corresponding to these positions six SR4-All gages _ficulty in determining accurately the yield stress (lower) from a | 

_ were placed circumferentially on the outside diameter (MS6). tension test. It should be remarked then that the tension tests — 

_ Paired with each of the outside circumferential gages was an were conducted at a normal rate of loading which is probably y 

_ §R4-A11 gage placed in the axial direction (MS6). On cylinder much more rapid than that found in the cylinder experiments. 3 
_ MSS, twelve circumferential gages (SR4-A11) were placed on the Consequently, the yield stresses found from a tension test are 

- outside diameter. They were spaced equidistantly around the likely to be higher than those operative in the cylinder experi- 

_ two circumferences and staggered so that each gage was centered ments. 

in a 30-deg segment of the circumference. In this cylinder no 

- axial gages were applied. 

_ (b) Material Properties: Tension Specimens. The mechanical 

- properties of the material were found from tension specimens re- 

moved from sections 7, 5, 2, and 9, Fig. 1. Each section provided 

_ 6 specimens of which 3 were taken circumferentially and 3 axially, 

according to the drawing shown in Fig. 3. The specimens were 

- rough machined, annealed at 1650 F, and finished to ASTM 

standard for a 2-in. gage length. Tables 1 and 2 summarize the 
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OF ‘TS (Cylinder eross section and location of initial Lueders’ lines in all cylinders 


o | wl SECTION are superimposed.) 


TABLE 1 TENSION TEST RESULTS FOR CIRCUMFERENTIAL SPECIMENS 


Young's Yield Ultimate Yield ratio 
in billet modulus, stress, Per cent Per cent €B/eA 
(see Fig. 1) psi i elong. red. in area (see Fig. 
30.7 28320 
29.6 55100 3 6 

TABLE 2 TENSION TEST RESULTS FOR AXIAL SPECIMENS 
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Fic. 6 Lvuepers’ Line Patrrerns on Top or Crtinper 


Macroetches. Two disks, from sections 1 and 3 (Fig. 1), were 
polished and macroetched. Fig. 5 shows a distinct forging pat- 
tern for a disk in the “‘as-received’’ condition. Superimposed on 
this photograph are the outside and inside diameters of the cylin- 
der specimens and the locations at which initially formed Lueders’ 
lines appeared in all the cylinders tested. 

Material Composition. A chemical analysis of the billet ma- 
terial gave the following composition: 


C—0.20; Mn—0.48; P—0.009; S—0.032; N—0.005 


Procedure 


A cylinder experiment required from 10 to 12 hr for its com- 
pletion. Increments of 1000 psi were made during the first part 
of the elastic range. From a pressure of 11,000 psi, increments of 
500 psi were applied up to the full yield pressure. _ At each pres- 


sure stage records were made of all the strain-gage readings and 
the associated Lueders’ line pattern. During yielding and ap- 
proaching initial yield, each pressure was held for a minimum of 
15 min. In some cases, pressures were held for longer periods to 
accommodate creep which was recorded at various time intervals. 
Unloading of a cylinder was conducted by 2000-psi pressure decre- 
ments. 

Lueders’ Line Patterns 


Fig. 6 shows the Lueders’ line patterns at specific eae 
the top end face of cylinder MS8. The full yield diagram shows 
the width of yielded regions whereas those at lower pressures are 
only line drawings. All the line drawings may be taken to repre- 
sent wedge-shaped yielded regions with widths at their base of 
bet ween ths and '/, in. depending, in pene, on the extent of 
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penetration of the Lueders’ line in the cylinder wall. The first 
diagram in Fig. 6 shows the strain-gage locations and numbers. 
Subsequent diagrams indicate the same strain-gage positions. 
Superimposed on the Lueders’ line pattern for P = 16,830 psi is 
a family of logarithmic spirals (shown dotted). These represent 
the theoretical maximum shear-stress trajectories for cylinders 
yielding while retaining their axial symmetry (radial and cireum- 
ferential stresses taken as the smallest and largest principal 
stresses, respectively). 

Fig. 7 presents a photograph of the fully yielded top end face. 
It corresponds to the last diagram of Fig. 6. A clear photograph 
of the complete face is difficult to obtain and the tracing method 
used in Fig. 6 is regarded as giving better accuracy. One ad- 
vantageous feature of photographic reproduction, however, is the 
amount of detail which can be seen within heavily yielded re- 
gions, 

Fig. 8 completes the record of Lueders’ lines for cylinder MS8 
by showing the full yield patterns on top and bottom end faces 
and on the outside (developed) surface. Each figure contains the 
gage numbers at the appropriate locations. 

Individual strain-gage plots are shown in Figs. 9 and 10 for the 
bore and outside circumferential gages, respectively. The be- 
havior of any one gage may be compared with its position relative 7 Pyorocrarn or Fuut Lvevers’ Line Patrerns on 
to the Lueders’ line patterns shown in Fig. 6 or 8. Axial strain Tor Face or CytinperR MS8—Compare Wits Fic. 8 
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gages were not placed on cylinder MS8, so individual axial-strain 
plots are taken from MS6 and are shown in Fig. 11. Accompany- 
ing this figure is the corresponding full yield Lueders’ line pattern 
from the top end face of MS6. The essential character of the 
axial strains is well established and the results presented for MS6 
may be taken as typical for mild-steel cylinders. 

A noticeable feature of the tests concerned the slow yielding 
under maintained constant pressure. Fig. 12 illustrates the 
creep in bore and outside circumferential strain gages relative to 
Lueders’ line movements. 

In order to compare the experimental results with homogeneous, 
plasticity theories, averages were taken of the individual strains 
and plotted in Figs. 13, 14, and 15. Each of these figures contains 
the appropriate theoretical (full) curve from the theories due to 
Thomas and Koiter. It is recognized that one of the main diffi- 
culties in comparing theory and experiment for mild-steel material 
is the determination of initial yield stress from a laboratory test. 
Consequently, Figs. 13 and 14 show apparent large discrepancies 
between theory and experiment. That this is not necessarily true 
is pointed out in the discussion of results, and in order to present 
a fair comparison, Figs. 13 and 14 have been replotted by selecting 
the yield stress to give agreement at the full yield pressure (Figs. 
16 and 17). In addition, Fig. 17 corrects for a translation of the 
elastic line, Fig. 14, which was due to a slight force fitting at the 
cylinder-end seals. This does not affect the plastic behavior of 
the cylinders as the effect has been removed by elastic bore expan- 
sion before yield commences. 

Lastly, an attempt has been made to correlate yield depths ac- 
cording to the theoretical and experimental concepts of yielded 
regions. These are shown in Figs. 18 and 19, respectively. Fig. 
20 illustrates a graphical comparison over the entire yield range. 


Discussion oF REsuULTS 
Experimental Techniques 

The real possibility always exists that the experimental tech- 
niques used in a program fail to provide accurate and sometimes 
even the contemplated data. The two main observations in this 
work were the recording of strains and their related Lueders’ line 
patterns. 

The records of strains at or near a central cross section were, in 
the authors’ opinion, accomplished satisfactorily. One gage 
failed out of six placed on the bore circumference which still left 
a coverage of approximately 53 per cent. The Lueders’ line 
patterns related to the strains were recorded on the end faces of 
the cylinder. Two main questions arise here. Were the tech- 
niques of recording sufficiently accurate; and, were the lines on 
an end face sufficiently representative of the yield mechanism 
existing within the cylinder length? The former question may be 
answered in the affirmative although it must be admitted that no 
proof was available that the naked eye could see the exact tips of 
Lueders’ lines. In view of the characteristic wedge shape of the 
yielded regions, however, the authors believe possible a good (e.g., 
to within '/,, in.) determination of this macroscopic phenomenon. 

The second question is more interesting in its implications. 
Fluid pressure extended along 93.75 per cent of the cylinder 
length, which in terms of cylinder dimensions left '/, in. (due to 
seals) unexposed at each end. A close examination of both the 
strain results and Lueders’ line patterns indicate that yield is 
more advanced at internal cross sections than on the end faces. 
For example, yield initiates within the length and spreads later 
to the two ends, At full yield a situation such as is shown in Fig. 8 
exists. Two features are noticeable: (a) The two end faces show 
markedly different yield patterns, not in character but in magni- 
tude; (6) The lines on the outside (developed) surface show no 
mismatching with lines on the two ends. The former comment in- 
dicates, and this is supported by unpublished data, that the 
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12 Typicat Creep-Time DIAGRAMS AND CORRESPONDING LUEDERS’ Line MoveMENTS FOR CYLINDER 


TABLE 3 NUMBER OF LUEDERS' LINES ON TOP END FACE OF CYLINDER MS8 AT VARIOUS PRESSURES 


(FULLY YIELDED PRESSURE = 17,310 PSI) 


Pressure (psi) 


12990 
No. of Lueders’ lines 3 


13450 13930 
4 4 


cylinder was not situated properly between the seals, and the top 
face was closer (by '/:g in. maximum) to the fluid pressure than 
the bottom face. This small out of position provides a remarkable 
difference, but in actual fact it is only at the limit load when very 
_ rapid changes in Lueders’ lines occur that the difference becomes 
noticeable. Patterns compared favorably prior to the limiting 
_ pressure. Since no additional Lueders’ lines appear to be concen- 
ssf 4 trated on the outside developed surface within the cylinder length, 
: it may be concluded that the patterns on internal cross sections 
are close to that shown on the top face, at least until the bottom 
end is approached, These remarks lead to the authors’ opinion 
that the Lueders’ line patterns existing on the end faces of the 
cylinder differ from those at internal cross sections by small 
amounts, but they may be taken as representative of the whole 
behavior. 
‘Initial Yield 


Experimentally initial yield may be detected by nonlinearity in 

the strains or the appearance of Lueders’ lines on the end faces. 

__ In view of the discussion in the previous section, it must be ac- 
cepted that the prediction of yield in Fig. 6, namely P = 12,990 
psi, is on the high side. Nonlinearity in the strains occurs at 
12,000 psi (Figs. 9 and 10) which gives a ratio of pressure to yield 
shear stress (P/S) of 0.83, approximately. Here again the pre- 
diction may be high since yield may have occurred without effect 
on the strains measured at the strain-gage positions. It is clear 
that initial yield in an experimental cylinder is not well defined 
because of the mechanism by which it occurs. The theoretical 


14430 
7 


14980 15400 15870 16390 16830 17310 
10 11 12 13 13 22 

concept of yield which is gradual and homogeneous, would predict — 
P/S values of 0.75 for the maximum shear-stress condition and 
0.86 for energy of distortion. This would imply that experimental 
results favor yield due to energy of distortion but in view of the 
mechanism of yield taking place along the lines of maximum 
shear stress, this latter variable must be regarded as the operative 
one. The authors believe that, although the mechanism of yield 
is of importance, the actual pressure at which it occurs is rela- 
tively unimportant in a ductile material. Of greater interest are 
the factors which decide the depth to which individual Lueders’ 
lines may penetrate the cylinder wall. 

Yielding will first occur at inherently weak regions in the cylin- 
der. These weak regions may be a characteristic of the forged 
billet and, during the experimental program, care was taken to 
note not only the lengthwise location of each cylinder in the billet a Me 
but also its rotational location. This enables a comparison to be _ 
made of the forging pattern, Fig. 5, and the superimposed posi- 
tions of the initial Lueders’ lines in each cylinder. It would ap- — 
pear that the initial Lueders’ lines formed at the regions closest to 
the inclusions shown by the forging pattern. One, or atthe most, _ 
two exceptions are noticed. 


Full Yield 


line patterns (Figs. 6 and 8) and the strain results (Figs. 9 and 10). — 
At this stage, the number of Lueders’ lines increases rapidly as — 
can be seen from Table 3 and at the same time broaden. Strains — 
show a marked increase and continue to increase under main- 


] Fie. 11 Ovrsipe Strain-Gace Yrecp Luepers’ Line Patrern FOR CYLINDER Ms6 
| 


tained pressure until strain-hardening is impending. Tests were 


stopped at some intermediate stage between the onset of full 
yielding and its completion. 

One of the most marked features of the tests concerns the wide 
discrepancy in full yield pressure between theory and experiment. 
Experimental predictions are lower than theory which is of both 
practical and theoretical importance. It may be surmised that 
this type of behavior is due to the ability of the Lueders’ lines to 
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penetrate deeply into nominally low elastic-stress fields. The 
authors believe that this is the case but that time is an essential 
requirement for the phenomenon. It is customary to find the 
yield stress from a tension test run at a normal rate of loading, and 
in this report, yield stresses average 29,040 psi for the circum- 
ferential direction. On the other hand, if the full yield pressures 
from theory and experiment were to agree, then material yield 
stresses would have to be of the order of 25,000 psi, or some 14 per 
cent lower. 

It is well known that mild-steel material is time sensitive at 
room temperatures. In dealing with a similar problem in beams 
under bending, Roderick and Phillips (7) have pointed out that 
by conducting tension tests at very low rates of strain the yield 
stress can be lowered readily by 11 per cent. The authors have 
found this to be true also for the material used in the cylinders. 
The rate of “loading’’ of the material at the tip of a Lueders’ line 
in a cylinder must be extremely small (compared to a tension test) 
in view of the time allowed for all significant creep to be ac- 
commodated. It is likely that, if the rates of loading in the cylin- 
der and the tension tests could be correlated, much closer corre- 
spondence would obtain between fully yielded experimental and 
theoretical pressures. The differences cannot be attributed en- 
tirely to theory, as is often the case, but rather to an inadequate 
correlation between “‘simple’’ laboratory tests and the experi- 
mental member. This has long been recognized by the authors as 
a major difficulty in experimental work on mild steel in the plas-— 
tic range. <a 
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TABLE 4 RADIAL DEPTH OF LUEDERS’ LINES AT VARIOUS PRESSURES—CYLINDER MS8 
Radial depth of Lueders’ lines, in. 


(Numbered counterclockwise starting from Lueders’ line midway between gages T4 and B5. Wall thickness 1.50 in.) 
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CYLINDER No. 


1615 


can progress relatively large distances through the wall; e.g., nos. * 


3 and 10. This would imply that the shear stress is reasonably — — 
constant across that part of the wall thickness. " 
The pattern at pressure 16,830 psi may be compared with the 

maximum shear-stress trajectories constructed on the assumption 
that the circumferential and radial stresses are the largest and 
smallest principal stresses. Good agreement is obtained in spite 
of the obvious lack of axial symmetry. In addition, the Lueders’ 
lines appear to favor a particular direction which presumably is a 
consequence of their effect on the stress distribution. 4 
The circumferential individual strain plots, Figs. 9 and 10, re- _ 
flect the nonhomogeneous nature of yield. Strains at the bore 
vary circumferentially from less than 1000 to more than 7000 yu in/- 
in. depending on whether the gage lengths include yielded regions _ 
or not. Outside circumferential strains show less variation until + 
the yielding has proceeded throughout the wall. Characteristic — 
of all gages is the creep which is shown in Figs. 9 and 10 by full =| 
lines connected to the strains recorded at the end of time intervals 
of maintained constant pressure. Fig. 12 illustrates the creep — 
behavior in more detail. It is taken over an interval of 49 min — 
and the accompanying Lueders’ line pattern shows, dotted, the _ 
movement of lines during this period. Bore creep is centered | 
around gages B3 and B6 as would be expected from the Lueders’ _ 
| line pattern. T2, and B4 failed) all show a slight fall-off 
—\ wren TC — = ; in strain. The characteristic shape of the diagrams is due to a 
we ce slight temporary drop-off in pressure (no greater than 100 psi) and © 
+ \_Thomas the results are included here to emphasize the sensitiveness of the __ 
creep to such small variation in applied load. The outside cireum-— 
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situated closest to the largest movement of the Lueders’ lines. — 
In general, the creep in elastic regions removed from Lueders’ line | 
movement is small but significant enough to recognize a redis- 
tribution of stress. It is realized that more effective apparatus _ 
and techniques are necessary for a penetrating observation of this — 
phenomenon of slow yielding. ; 
Fig. 11 shows axial-strain-gage plots taken from cylinder MS6. 


yield depending on their location relative to the Lueders’ lines. 
According to theory, yielded zones are propagated by the 
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boundary, Fig. 18. Axial symmetry is maintained and the cylin- 

der is composed of two distinct regions, an inner one of homogene-— 

ous plastic or yielded material and an outer one of homo- 
geneous elastic material. In contrast to this, experiment has_ 
shown that yield is nonhomogeneous and is characterized by the 
propagation of a limited number of Lueders’ lines, Fig.6. These _ 
Lueders’ lines are situated asymmetrically around the cylinder, _ 
and, moreover, they have varying depths in the cylinder wall. 
These differences in the mechanism of yield produce differences — 

in the theoretical and experimental strains. The most marked 
character difference occurs in the axial strains which fortunately 


are small and relatively unimportant from a practical point of 
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Propagation of Yield 


Once the initial yielding pattern is determined, propagation of 
Lueders’ lines and the formation of new ones adopt a well-defined 
pattern. It is reasoned that the comparatively large strains 
occurring in regions where Lueders’ lines are already formed so 

; alter the stress distribution circumferentially and radially, that 


further yield behavior of the cylinders is predetermined. The 
patterns for propagation consist of two groups of Lueders’ lines 
which are approximately diametrically opposite. In addition, a 


close examination of the patterns in Fig. 6 shows that certain lines 


may remain dormant for several pressure stages or even for the 
majority of the time during which yield progresses from the bore 
to the outside diameter. Table 4 has been constructed from Fig. 
6; Lueders’ line locations 1, 2, 3, etc., are numbered counter- 
clockwise round the bore starting from the line midway between 
gage T4 and Bd in the diagram for 16,830 psi. It is readily seen 
that, disregarding Lueders’ lines which have been “blocked’’ by 
intersection with lines at right angles, some of the originally 
formed lines, e.g., nos. 1 and 2, remain comparatively dormant. 


view. Academically, however, they are extremely important — 
since it can be seen from Fig. 15 that experimental axial strains — 
do not only differ in magnitude, but also in sense when compared 
with Thomas’ theory. The agreement is better with Koiter’s 
theory whose plastic stress-strain relation gives zero axial plastic 
strain. Consequently, a cylinder behaves elastically in the axial 


direction and, to a first approximation, experimental results sup- 


port this contention. 

Figs. 16 and 17 may be used to discuss theory and experiment 
with respect to the form of the pressure—circumferential strain — 
curves. Fig. 16 shows that experimental bore average strains con- 
sistently lag behind those predicted from theory. On the other 
hand, Fig. 17 indicates that agreement in the case of the outside 
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(Fig. 17) tend to be larger than theory at the more advanced yield 


stages. 


(assuming circular shapes) in an experimental cylinder bears a 
similar relation to internal pressure as is assumed in theory (see 
Fig. 20).4 Computation of the effective depth of yield could be 
made in a variety of ways. The simplest is chosen which con- 
sists of averaging the radial depths of all Lueders’ lines appearing 
at specific pressure stages on one end face; e.g., Fig. 19. Sucha 
procedure was adopted for the Lueders’ line patterns from Fig. 6 
and, using the yield shear stress found from the theoretical full 
yield pressure (12,490 psi), experimental points were plotted on 
Fig. 20. The agreement with theory is seen to be reasonably good 
except in the region close to initial yield, where it is possible that 
no points exist due to an upper yield phenomenon. 

At a specific pressure stage in the propagation of yield, theory 
assumes a depth of yield given by Fig. 18 and experiment shows a 
depth corresponding to the conditions in Fig. 19. To a first ap- 
proximation, the average outside circumferential strains (experi- 
ment) are determined entirely by the effective depth of yield. In 
view of the discussion of Fig. 20, it is not surprising that outside 
strains show good agreement with theory. A different set of con- 
ditions exists at the bore, however, since the average bore strains 
are dependent on comparatively large movements taking place 
at a limited number of Lueders’ lines. Fig. 19 shows that, of the 
four Lueders’ lines present at this pressure stage, only one lies 
beneath a strain gage and such a condition will exist, but to a 
lesser degree as the pressure is increased. The average strains 
computed from the six gages (actually five in this case since B5 
failed) will be necessarily lower than the true average and would 
account for the shape of the experimental results in Fig. 16. This 
condition could only be obviated if strain gages covered the com- 
plete bore circumference. 

The mechanism by which yield is propagated is directly linked 
with the stress distribution in the cylinder at a given stage. So 
long as a gage is under entirely elastic material, the circumferen- 
tial stress on the bore or outside surface may be computed from 


"a Gay 


where o, = —P at the bore and zero at the outside diameter; v 
may be taken as 0.3 and EZ as 30 X 10° psi. At a pressure of 
14,430 psi, bore circumferential stresses at locations B1, T2, and 

4 were computed from the foregoing equation to be 26,500, 


8 a= 
P=S8 [town + | 


here (see Fig. 18) k = Rx/Re; n = R,/Ro; P = internal pressure; 
= yield shear stress. ; 
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From Fig. 17, it may be judged that the effective depth of yield nde eae 
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24,800, and 26,000 psi, respectively. (€, contribution, which is 
small, was taken from Lamé’s theory.) Since the maximum shear 
stress is given by half the difference between the circumferential 
stress and radial stress at these points, the maximum shear stresses 
are 20,470, 19,610, and 20,220, respectively. These are seen to be 
remarkably high for the material used, but strain plots at B1, T2, 
and T4 (Fig. 9) show no indication of yield under the gages which 
might have cast doubt on the shear-stress values. In contrast 
with the yield shear stress given by the full yield pressures, 
namely, 12,490 psi, it would appear that the upper yield phe- 
nomenon is extremely active. A more searching study of the stress 
distribution in a nonhomogeneously yielding cylinder is indicated 
and the authors believe that stress analysis using x-rays may pro- 
vide the necessary supporting data. 


CONCLUSIONS 


The experimental investigation of this paper provides factual 
information on the overstraining or yielding characteristics of 
mild-steel cylinders (6 in. OD X 3 in. ID X 8 in. long). The 
authors believe the following conclusions are warranted: 

1 Yield initiates by the formation of two or three Lueders’ 
lines. Lueders’ lines follow the maximum shear-stress trajec- 
tories but require for their initiation a nominal shear stress 
higher than that found from the lower yield in a tension test. 

2 Lueders’ lines propagate through the cylinder walls with in- 
crease of internal pressure according to distinct patterns. These 
consist of two groups of Lueders’ lines at approximately the op- 
posite ends of a diameter. The number of Lueders’ lines reaches 
a maximum of twelve just prior to full yield, which measures be- 
tween '/s9 and 1/z in. in width at the bore circumference. Creep 
or slow yield during maintained constant pressure is a feature of 
the yield mechanism. 

3 Full yield in the cylinders is accompanied by the rapid in- 
crease in number and width of Lueders’ lines. The difference in 
appearance of Lueders’ line patterns on the two end faces is at- 
tributed to end effects caused by asymmetrical positioning of the 
cylinder between the end seals. Full yield pressures are 14 per 
cent lower than those predicted from theory if a yield-stress value 
is taken from a tension test performed at a normal rate of loading. 
This is shown to be not necessarily due to an incorrect prediction 
from theory, but rather from incorrect correlation between the 
rates of loading in tension and cylinder experiments. 

4 Strains recorded at various locations on the bore and out- 
side surfaces reflect the nonhomogeneous nature of yielding 


illustrated by the Lueders’ line patterns. For example, — 
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cumferential strains at the full yield pressure vary from less than 
1000 yu in/in. to greater than 7000 yw in/in. 

5 Comparison of experimental results with the theories of 
Thomas and Koiter shows discrepancies. Average axial strains 
are essentially elastic which is in good agreement with Koiter, 
but not with Thomas’ theory. Bore and outside circumferential 
strains are in fair agreement with both theories, provided a neces- 
sary correction is made in the experimental full yield pressure. 

6 It is believed that the asymmetrical form of the Lueders’ 
line patterns is a consequence of an asymmetrical stress distribu- 
tion and vice versa. The history of Lueders’ line patterns in a 
cylinder determines Where new ones will form or to what extent 
original ones wili propagate. The stress distribution is complex 
and requires further investigation. 

7 Future investigations are indicated by lack of complete in- 
formation on certain basic factors. For example, creep of Lue- 
ders’ lines is not easily measured. A more elaborate measure- 
ment technique should be devised from which a continuous 
recording of Lueders’ lines is possible. In addition, a more com- 


plete knowledge of the stress distribution would provide informa- 
tion on the stress distributions around Lueders’ lines and at 
locations in the cylinders which are entirely elastic. 
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Discussion 

R. W. Scunerper.’ The authors are to be congratulated for 
not arbitrarily selecting a classical yielding theory and then 
attempting to fit experimental data to it. 

In recent years considerable attention has been given to the 
numerous theories of yielding as evidenced by the abundance 
of published experimental data. In most instances these ex- 
perimental data are compared on a plus or minus percentage 
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basis with some particular yielding theory. This, of course, 
presupposes that the experimentally determined start of yielding 
pressures and other data are without error and that deviations 
between theory and experiment are due to other causes. This 
philosophy tends to retard the fundamental approach while the 
true mechanism or phenomenon remains obscure. 

In this research the authors determine a mechanism first and 
then compare the experimental yield pressure with the energy- 
of-distortion condition and the maximum-shear-stress condition. 
While the strain-gage data seem to favor the energy-of-distortion 
condition, the propagation of Lueders’ lines point to the maximum- 
shear-stress condition as the operative one. 

Now, if the yield strength of the material is adjusted so as to 
make the full yield pressure from theory and experiment agree, 
the calculated start of yielding pressure based on maximum 
shear stress becomes 9370 psi. This is 2630 psi lower than 
the experimental value determined from nonlinearity of the 
pressure versus strain curves. 

The same comparison might be made using the energy-of- 
distortion condition but it would appear to have less significance 
since the propagation of Lueders’ lines points to the maximum- 
shear-stress condition as the operative one. 

This immediately raises the question, are strain gages of 
1-in. gage length mounted on the bore capable of detecting the 
start of yielding? Since the wedges during the initial yield are 
narrow and few in number it is possible that a long gage will 
obscure the localized start of yielding because of an averaging 
effect. This suggests the possibility of duplicating a test using 
short-gage-length gages in sufficient numbers so that at least one 
or two will coincide completely with a developing wedge. 

Aside from the theoretical aspects concerning a yielding mech- 
anism, the paper more or less substantiates current practice of 
applying strain gages to the outer wall of a vessel for the purpose 
of determining a start of yielding pressure. 

If the average bore circumferential-strain curve is compared 
with the average outside circumferential-strain curve it is noted 
nonlinearity occurs in each case at 12,000 psi or a P/S value of 
0.83. Even though the bore gages may not be able to detect the 
actual localized start of yielding it is interesting to note that the 
outside gages react at the same pressure as the bore gages. 
This is true only when the average values are compared. Whether 
the same statement would be true for cylinders with a diameter 
ratio greater than 2 to 1 is questionable. It is likely, however, 
that with larger diameter ratios discrepancies will become more 
apparent. 

The test data show that the number of Lueders’ lines reaches 
a maximum of 12 just prior to full yield and that the full yield 
condition provides a rapid increase in both the number of Lueders’ 
lines and their width. At the full yield pressure it is clear that 
there exist wedge-shaped regions of overstrain in an elastic 
matrix. 

Have the authors studied the circumferential growth of 
Lueders’ lines at pressures in excess of the full yield pressure? 
Do the Lueders’ lines eventually fill the cylinder wall thus con- 
verting the elastic matrix into a plastic state? If they do, is the 
pressure at which the elastic matrix just disappears significant? 

This paper should be of interest to the theorist as well as to 
the design engineer. For the theorist it covers the mechanism 
of yielding while, for the design engineer, it discusses techniques, 
theories of yielding, and suggests possible limitations of the 
strain-gage technique. 

The writer has had the privilege of reading some of the authors’ 
more recent work on the investigation of yielding. It is sin- 
cerely hoped that it will be published in full since the practical 
difficulties encountered and the techniques employed are de- 
scribed in detail. 
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The authors wish to thank Mr. Schneider for his interesting 
discussion of their paper. In reply to Mr. Schneider’s question 
concerning the growth of Lueders’ lines at the full yield pressure, 
it should be remarked that no special study has been made of this 
stage of the yielding. It is possibly sufficient to say, however, 
that the initial yielding has introduced an asymmetry into the 
cylinder which is carried over into the Lueders’ line distribution 
and the plastic straining within the Lueders’ lines at the full 


tide 


wen 


= 
TRANSACTIONS OF THE ASME 


yield pressure. At this stage, if the pressure is maintained, 
Lueders’ lines, which extend to the outside surface, will grow in 
breadth, and new Lueders’ lines will form and propagate until a 
stable equilibrium position is reached prior to the onset of strain 
hardening. The mechanism may be likened to that occurring 
in a tension test of mild steel where large plastic deformations 
under constant load (lower yield) may occur until strain hard- 
ening is impending. In the case of the cylinder, it is quite con- 
ceivable that even at the onset of strain hardening in some por- 


tions of the cy linder, other portions may still be elastic. 
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By R. O. BELSHEIM,? WASHINGTON, 


An apparatus was developed which loads a tension speci- 
men by a vibratory load superimposed on a static load. 
Tests of mild steel produced (a) dynamic yield points 5 to 
50 per cent above the static yield point, and (b) corre- 
sponding delayed-yield times of 1000 to 10 millisec. These 
results showed general agreement with the results of other 
investigations. 


NOMENCLATURE 
The following nomenclature is used in the paper: — 


Cc const 

quantity of damage 

frequency of vibration, cycles per sec (cps) 

time, sec 

stress, psi 

static yield point, referring to upper yield stress 
static flow strength, referring to lower yield stress 
axial-bias stress is the axial component of the static 
specimen stress induced during the assembly of resonant- 
stressing apparatus 

axial-vibratory stress is the vibratory stress that caused 
the initiation of yield; i.e., peak stress or average of 
several peak stresses 


In 
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Tae 
tory loading 

Fae 

computed bending stress at time of yield 

dynamic yield point, as obtained from published data 

using step loading 

dynamic yield point, as derived for constant strain-rate 

loading 

delayed-yield time, as determined for vibratory loading 

revised delayed-yield time, as determined for vibratory 

loading when bending was included 

delay time, as obtained from published data using step 

loading 


Tus 


Oa + To, = dynamic yield point, as determined for vibra- 


revised dynamic yield point is the dynamic yield point plus 


delayed-yield time, as derived for constant strain-rate _ 


loading 


INTRODUCTION 


HE consideration of the influence of loading rate upon the 
properties of materials is by no means a new endeavor. 


The results of experimental investigations, however, are _ 


becoming more important because other aspects of the shock- 
and-vibration-design problem are better understood and also be- 
cause rapid loading rates are more often encountered in connec- 


tion with the important design loads. The work reported here 7 


concerns the behavior of a 0.23 per cent carbon steel when sub- 
jected to oscillatory axial loads; the average loading rates asso- 


ciated with the loads were faster than those attained in standard _ 


testing machines, yet slower than impact-testing rates. The ob- 
jective was to investigate the delayed-yield effect in mild steel 


Delayed-Yield Time Effects in Mild Steel 
Under Oscillatory Axial Loads | 


under oscillatory loading. A new and simple apparatus was used 


to stress the mild-steel specimens above the static yield point, 


while appropriate strain-gage instrumentation was usedtorecord = 
stress and strain. Results show delayed-yield timesof1000to10 


millisec associated with yield-point increases of 5 to 50 per cent. 


Survey oF THE LITERATURE 


| | | 


The literature has considerable information on 
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the behavior of ductile materials under straining 


| 
4 Warnock & Brennan 4 Brown & Vincent | 
i— + Clark & Duwez © Manjoine —++ 


rates which vary from extremely slow, as in creep 


@ Winlock & Leiter 


tests, to very fast, as in projectile-impact tests. 
Research of special interest here was that in which 


@ Quinney & Taylor | 
Clark & Datwyler 


the time effect on the yield point and the flow 
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considered. 


A number of previous papers, including those by 


Manjoine and Nadai (1),* Davis (2), Elam (3), and 


garding strain-rate effect on the yield point or flow | 


strength. The results of a number of representa- 


tive investigations (2-13) are shown in Fig. 1, where 


DYNAMIC YIELD STRESS/STATIC YIELD STRE 


the dynamic flow strength is plotted against an aver- 
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age strain rate for a variety of axial-loading tests. 
In some cases the investigators reported the strain 


? Numbers in parentheses refer to the Bibliography _ 
at the end of the paper. 
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strength was discussed. Axial-load tests only were — 


Taylor (4) have summarized much of the work re- — : 
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this definition of delayed-yield time in their constant strain-rate 
loading of two mild steels. 


Test APPARATUS AND PROCEDURE 


The tests reported here used oscillatory axial loading super- 
imposed on a static bias loading; this bias load was used in order 


to avoid exceeding the static yield stress in both tension and com- 
pression during a single test. The vibratory loading system se- 
lected from the several considered can be described briefly as two 
masses connected by three springs in parallel (Fig. 4). One mass 
was a solid cylindrical steel block six inches in diameter, eight 
inches long, and about 60 lb in weight. The second mass was a 
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- cylindrical steel block six inches in diameter and four inches long 
' with various threaded parts attached internally to permit the in- 
stallation and bias-stressing of the specimen. The outer two 


(a) Step Loading 
j 


at a 
rates, while in other cases these were com-  —™S 
puted on the approximate basis of a linear 
strain-time relation prior to the initiation of = = 
yielding. Although the data show considera- tw” 
ble scatter, as indicated by the dashed-line 


springs, called “bias springs,”’ 
a rectangular cross section. 


were U-shaped pieces which had 
The third spring consisted of a force- 
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envelopes, the trend of higher values with 
more rapid strain rates is apparent. 

Recent researches first instigated by Clark 
and Wood (14-17) have investigated the ‘‘de- 
lay time’’ of mild steel under step-type load- 
ings, Fig. 2(a), in excess of the static yield 
point. This delayed-yield effect has also been 
reported by Krafft (18), Gibson (19), and 
Ramberg and Irwin (20). This work repre- 
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sents an extension to the earlier investigations 
in that two separate linear strain rates, namely, 
a very high initial rate followed by a rate ap- 
proaching zero, were used prior to the initia- 
tion of yielding. The available data on the 
delay times of mild steel is summarized in Fig. 
3. A delayed-yield time may be defined ar- 
bitrarily for constant strain-rate loadings as 
shown in Fig. 2(6); this definition is similar to 
that for the step-type loading, Fig. 2(a), but 
introduces the additional variable of strain 
rate. Smith, Pardue, and Vigness (21) used 
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measuring dynamometer and a test specimen 
in series along the center line of the system. 


TABLE 1 


CHEMICAL ANALYSIS AND MBCHAMICAL PROPERTIES OF TEST 
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: 


MATERIA 


In order that the specimen could be given 


Percent 
a static-bias stress, the method of assembly 


Yield 
Point 


Ultimate 
Strength 


Test Time 
to Tield 


0.232 


(pst) 


(sec) 


utilized the several differentially threaded parts 
shown in the assembled cross section in Fig. 4. 
The entire mass-spring assembly was sus- 
pended, with the specimen axis in the horizon- 
tal plane, by four wires from a supporting 


0.03 
0,022 
0,004 


52,600 1, 


52,200 1,200 
55,600 


48,500 


7,200 
7,200 


frame. The larger mass was attached to the 
vibrating coil of an electromagnetic vibration 


0.066 


$2,200 67,800 4,300 


motor; this motor was driven by an ampli- 
fied signal from an audio-frequency signal 
generator. 

A dynamometer in series with the specimen 


0.026 
0.002 
0.163 
0,022 


*Specimens loaded by Baldwin-Southwark testing machine. 
**Specimens loaded in resonant stressing apparatus. 


measured the force on the specimen. The dy- 
namometer axial stiffness was calculated to be 
about 2.3(10°) lb per in., or about seven times that of the 
specimen; the lowest axial natural frequency of the free 
dynamometer was about 12,000 cycles per second (cps). A 
heat-treated steel was used to insure elastic behavior under the ex- 
pected loads. Four electric-resistance strain gages were cemented 
on the 1-in. tubular section, and the dynamometer was calibrated 
by a static tensile loading in a 60,000-lb testing machine. 

The specimen dimensions, as determined by balancing several 
conflicting factors, are shown in Fig. 5. The reduced-area section 


was provided so that the initial yielding would occur within the 1- 
in. strain-gage length. This minimum-area section was 0.8 in. 
long and had a gradual rate of increase in area at the fillets in 
order to minimize stress concentration. Eccentricity of the 
specimens was avoided by careful machining, and the gage section 
was wet-ground to insure a uniform surface condition. The strain 
in the reduced-area section of the specimen was measured with 
one or two SR-4 gages which had I-in. gage lengths; the speci- 
men strain was thus measured over the 0.8 in. constant-diameter 
length and over 0.1 in. of each fillet region. Since the 
fillet radius was large, the cross sectional area at each 
end of the gage length was only 5.6 per cent greater 
than the area of the specimen center. Thus the strain 
at the critical transition region was measured with no 
appreciable change in effective gage length or speci- 
men cross-sectional area. 

A Baldwin strain indicator was used for measuring 
static strains, while dynamic strains were measured 
by the use of resistance-calibrated d-c Wheatstone 

_ bridge circuits, the outputs of which were amplified 
by d-c amplifiers and recorded as oscilloscopic traces 
on 35-mm film. Appropriate static-strain measure- 
ments were made after the selected amount of static- 
bias stress was applied. The assembled system was 
then driven at its lowest natural longitudinal fre- 
quency (approximately 360 cps); this oscillation 
caused a build-up of specimen vibratory stress to 

- some maximum level, which level lowered slightly 
and then remained nearly constant. The first yield- 
ing of the specimen interrupted this sequence; for 
the different tests, since the time at which this yield- 
ing occurred was dependent on the stress level at- 
tained, yield started at various stages of the dynamic- 
loading sequence. 


MATERIAL 


The material used in these tests was an ordinary 
ship steel the manufacturing history of which was 
known from the rolling mill. The material was 
available in 24 X 24 X */,-inch plate, which was sawed 
into blocks that measured °/, X */, X 12in. with the 
rolling direction parallel to the bar length. To insure 
homogeneity (excepting flaws and inclusions), these 
bars were normalized by placing them on end, with- 
out one touching another, in a wire basket which was 
immersed in molten salt at 1625 F. After 45 min the 

bars were removed and allowed to air-cool in the 
baskets. To determine the stress-strain characteris- 
tics of the material, static tension tests were run on 


Test | Yield Bending Stress| Modulus of 
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these differences may be considered in 
terms of the rate at which the peak ten- 
sile stress varied from cycle to cycle prior 
to yield. Fig. 8 shows typical peak-stress 
loadings during several tests. Test Nos. 
16 and 25 are representative of eight of 
the tests in which the peak stress in- 
creased rapidly in a linear fashion until 
yield occurred. Test Nos. 11 and 20 are 
representative of seven of the tests during 
which the peak stress increased at a lower 
rate and in an approximately linear fashion 
until yield occurred. In five tests (as in 
test Nos. 24 and 19) the peak stress ap- 
proached a maximum level in an asymp- 
totic manner, and yield occurred after a 
number of cycles at this or a slightly lower 


test ti “GD * psi, 


four specimens which were identical to those used in the dy- 
namic tests. Two static tests were made using a 60,000-lb Baldwin- 
Southwark testing machine to load the dynamic test specimen, 
while the other two were statically loaded in the resonant-stress- 
ing apparatus. The pertinent information obtained from these 
tests is listed in Table 1, which gives the composition and me- 
chanical properties of the material tested. 


Test ANALYsIS 


The raw experimental data from the dynamic tests consisted of 
strain-indicator readings and strain-time film records from the 
specimen and dynamometer strain gages. A list of the pertinent 
variables is given at the beginning of the paper; also most of 
the variables are illustrated in Fig. 6. This figure shows tracings 
of two specimen-stress versus time records which illustrate the 
two variations of the loading until yield. 

The analysis for the static-bias loading was straightforward 
since four strain readings from the force-measuring dynamometer 
and one or two strain readings from the specimen were read 
directly from the strain indicator. The specimen was always 
assembled in the apparatus so that one or both of its gages and 
one pair of dynamometer gages measured strains in the same plane, 
designated as plane A, which also included the axial center line of 
the apparatus. A simple computation, using the five or six 
static-strain measurements, gave the bending stress produced in 
the specimen by the static-bias loading. 

The strain-time records for the outputs of the five or six strain 
gages were recorded on 35-mm film, together with 1000-cps timing 
dashes. Three or four gage combinations were recorded during 
each dynamic test; viz., (a) the axial strain in the dynamometer 
measured by the two diametrically opposed gages in plane A, (b) 
the bending strain in the dynamometer measured by the two 
diametrically opposed gages in plane B, which is plane A rotated 
90 deg, and (c) the total strain in the specimen individually meas- 
ured by either one or two gagesin plane A. For each test the peak 
specimen and dynamometer strains for each cycle prior to yield 

ss were measured and graphs of peak specimen stress versus cycle 
ape number were plotted. The initiation of yielding was abrupt in 
= some tests, but gradual in others (Fig. 7); a consistent method 
for detecting yield (using the cycle stress-strain ratios) was used. 
The differences in the several tests should be emphasized here; 
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“yp = 52,200 psi, 65,700 psi 
E = 30.3 (108) psi, fn= 367 cps; ty 0.0389 seconds 


Fic. 6 Typicat Stress anv Strain Variations Durtine Dynamic Tests 


stress level. 

The various stress and strain values of 
interest are listed in Table 2 for each speci- 
men tested. The bending-bias stress is 
also given as a per cent of the total axial 
stress at yield. The results of the oscil- 
latory loading showed negligibly small 
values (less than 3 per cent) of bending-vibratory stresses, as 
compared with the axial-vibratory stress, so these were neglected. 


Test REesvu.ts 


An important result of the dynamic tests (Table 2) was the rela- 
tion shown in Fig. 9 between the dynamic yield point and the 
delayed yield time 7,, where 7, is the total time after the static 
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dynamic test set 


(b) Test i\-Grodual yield after nineteen cycles. 65, 700 psi 


(c) Test 24-Very gradual yield after fifty cycles Gj pst. 


3 Dynamometer axial strain 
4 Dynamometer bending strain 
5 Thermocouple voltage 


1 Timing, 1000 cps 
2 Specimen strain 
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yield point was exceeded until observable yield occurred. The 
differences in the loadings for the several tests, as discussed pre- 
viously with respect to Fig. 8, should be kept in mind when con- 
sidering Fig. 9. The results of test Nos. 4, 6, 7, and 18 were 
plotted but were not considered valid because of surface flaws or 
scratches on the specimen. The yield-point and fiow-strength re- 
sults of the static tests are shown in Fig. 9 as reference basis for 
the dynamic-test results. The static yield points are individually 
plotted in order to emphasize the scatter obtained in the static 
tests. 

The heavy line drawn through the dynamic test points was 
obtained by the least-squares method, when an exponential rela- 
tion between peak stress and delayed yield time was assumed. 
The relation obtained between the dynamic yield point and the 
delayed yield time is given as 


T, = 513 exp (—0.000139¢,,) 


The test results show a considerable scatter from the heavy line 
in Fig. 9, but a variation in the dynamic yield point at least as 
large as that observed in the static tests may be expected. With 
this assumption, plus and minus scatter limits due to the material 
alone were drawn; these are defined by the dashed lines in Fig. 9 
and include the majority of the experimental points. The as- 
sumed linear relation might not be expected to hold for stresses 
just above the static yield point where an asymptotic approach 
to the static yield point might be expected; the observed points 
in this region show this tendency but the refinement of a second- 
order curve was not considered justifiable. 

It was thought that the variation in the specimen bending stress 
may have caused some of the spread of the points in Fig. 9. The 
maximum stress on one surface of the specimen just prior to yield 
was the total axial stress plus the specimen bending stress, like- 
wise the delayed yield time was somewhat greater if it were de- 
termined on the basis of this surface stress. The revised dynamic 
yield point &,, and the revised delayed yield times 7, were 
plotted and, by the use of the least-squares method, the straight 
line drawn through the points had the following equation 


7, = 602 exp (—0.0001368,,) 


This relation is similar to that of Equation [1], except for a 
translational shift; this suggests that bending stresses were a 
second-order factor in these tests. 

Because of the oscillatory nature of the loading, the strain rate 
varied widely during these tests. The most logical approximate 
strain rates, when plotted versus the dynamic yield points, gave 
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TABLE 2 SUMMARY OF RESULTS DYNAMIC TESTS 
ON MILD STEE 
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* Premature yielding adjudged due to observed material flaw on the specimen surface, 
Premature yielding adjudged due to observed surface scratch on the specimen curfexe. 

+ #The stress dynamometer was replaced after test 1 and test |, because of gage fuilure. 
These stresses are average stress levels over approximtely constant-stress 


curves which were included by the envelope curves of Fig. 1. 
These experimental curves showed an exponential relation be- 
tween the dynamic yield point and the strain rate. 

The analysis of the results showed that five tests (Nos. 4, 5, 6, 
7, and 18) gave results considerably out of line with the majority 
(Fig. 9). Inspection of the specimen after removal of the strain 
gages showed that in test Nos. 4, 6, 7, and 18 the surface of the 
specimen had tiny stress-concentration points. In two cases, the 
finish machining had uncovered a flaw in the material which 
showed up in post-test inspection as a longitudinal crack about 
0.05 in. long in the first specimen, and as two small pits in the 
second. In the third case, a circumferential scratch around one 
half of the specimen was noted; its source was unknown. The 
fourth specimen had three nicks on the surface; their source again 
was not known. The stress in the vicinity of these stress raisers 
would be much higher than the average stress, and thus the de- 
layed yield effect was not measurable in these tests. Each of these 
specimens yielded under apparent dynamic stresses very near the 
static yield point (Table 2). The apparent discrepancy in results 
from test No. 5 cannot be explained by any of the available data. 
It has been assumed that the results from four of these five tests 
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368 25,700 | 3,300 0.017% 
362 25,800 | 2,8 0.0172 9 
368 23, 700 0.0334 
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may be disregarded owing to the stress-concentration effects 
described. 


Discussion oF RESULTS 


Delayed-Y ield Effect. It seemed probable that the results found 
here should correlate with results previously published, although 
the type of loading was quite different, if the proper weighting 
procedure was used. In any such correlation procedure for the 
several tests, it was necessary to assume that (a) any differences 
in material properties or heat-treatment did not affect the re- 
sults, (b) any difference in specimen size, shape, or surface finish 
did not affect the results, (c) the effects of bending stresses on 
the stress-time relation were similar, and (d) the measurement 
techniques gave comparable results. After consideration of these 
significant differences, in view of results obtained by other in- 
vestigators (18, 21), and the difficulties inherent in any quantita- 
tive correlation method, it was decided that a qualitative correla- 
tion was all that was possible for the time being. 

A simple type of loading which can be described as a partial 
connecting link between the step-type loading used by several in- 
vestigators and the loading used here is a constant-rate loading as 
was shown in Fig. 2(b). A prediction of the relation between the 
dynamic yield point and the delayed-yield time (based on a 
damage theory similar to that used in considering fatigue at 
several stress levels) was developed for this type of loading. 
The two essential assumptions are (a) the per cent damage at a 
given stress level is directly proportional to the per cent of the 
corresponding delay time spent at this stress level, and (b) the 
damage percentages at various stress levels are additive and total 
100 per cent damage at the time of yielding. The reason for 
considering this constant-rate loading was to demonstrate theo- 
retically that a variable-stress type of loading causes a decrease 
in the slope of the stress-log delay-time curve. The relation be- 

tween the dynamic yield point o,, and the delay time for step 
loading is given by 


T, = T exp [3] 


where 7) and a» are constants. In a differential time dé, and using 
assumption (a), the damage D(a) is defined by 


= dt/r,..... 


for either the step loading or the constant-rate loading. However, 
for the constant-rate loading the stress ¢ is defined as 


[4] 


Differentiating E quation [5] and substituting in Equation [4] 
gives the dama geD() for constant-rate loading as 


a In accord with assumption (b) the yield condition is 
1.00 = [7,/To( — Fyp)] exp (a/ao)do...... [7] 
up 


which, when integrated, defines the delayed-yield time for con- 


ss stant-rate loading as determined from step-loading data 
i oolexp — exp (¢,,/0)] 


From Fig. 3, it is seen that the data of Johnson, Clark, and 
Wood are the best defined for the range of overstresses considered 
here, although the material was different. The importance of 
specimen material and heat-treatment is apparent from the two 
curves after Krafft (18) in Fig. 3, for two mild steels with slightly 
dissimilar compositions and heat-treatment. The abrupt change 
of slope in one of Krafft’s curves suggests a change in the delayed- 
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yield mechanism at various overstresses, which makes any com- 
parisons subject to possible error. Using these data, with tT) = 
33,400 sec and a) = 3640 psi, in Equation [8] gave a predicted 
yield-point versus delayed-yield-time curve for constant-rate 
loading. A comparison between (a) the experimental stress-time 
relation of Fig. 9, (b) the stress-time relation after Johnson, Clark, 
and Wood (16), (c) the theoretical stress-time relation, and (d) 
the stress-time relation after Smith, Pardue, and Vigness (21) is 
shown in Fig. 10. The different static yield points shown by the 
curves illustrate the difference in the mechanical properties of 
the two materials. If a comparison is made between the slopes 
of the four curves it is observed that the step-type loading gives 
the highest value of slope, followed by a lower value for the con- 
stant-rate loading (both experimental and theoretical) and a still 
lower value for the vibratory loading. Based on these changes in 
slope, qualitative agreement exists between the experimental 
results and those of Clark and Wood. Presumably, a large part 
of the remaining difference in the slope of the vibratory-loading 
curve is the result of the presence or absence of the load oscilla- 
tion. 
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The preceding discussion indicates the need for further work 
before the effect of the loading type on the delayed-yield time 
can be established completely. The comparison does suggest 
that, for the same total delayed-yield time, a higher peak-stress 
level without yielding can be expected if the stress increases 
gradually to this level than if the peak stress is attained rapidly 
and maintained constant at this level; a still higher peak-stress 
level can be attained with a resonant-type vibratory loading. 

In a forthcoming paper (22) summarizing delayed-yield effects 
the previously described damage theory has been used to correlate 
delayed-yield-time data from step loading, constant-rate loading 
and vibratory loading. The results suggest this procedure is 
adequate within the accuracy of the experimental data. 

Effect of Specimen Bending Stress. The effect of unwanted 
bending stress induced by nonaxial loading and its effect on the 
yield point, either static or dynamic, has been the subject of much 
discussion in the literature. The general consensus of opinion 
seems to be that it is a rather important factor, how important is 
not known accurately because no one has succeeded in eliminating 
it entirely. Most investigators do their best to minimize bending 
stress, and say little about its magnitude in their results. A con- 
trolled investigation of its effect on the results of axial-loading 
tests was made by Morrison (23) who emphasized the effect of 
specimen eccentricity. In the current experiments, an attempt 
was made to obtain the magnitude of bending stresses in relation 
to the magnitude of the axial stresses. From a comparison be- 


162 [TRANSACTIONS OF TH 
7 
. 
| 
af, 


OCTOBER, 19597 


tween Equation [1], in which the effect of bending stress is 
omitted, and Equation [2], in which the magnitudes of bending 
stresses are added, it is apparent that variations in bending-stress 
magnitudes were relatively unimportant in these tests. This 
statement is based on the fact that the slopes of the two curves 
are almost the same; the only effect was a slight translational 
shift in the curves. 

Effect of Stress Concentration. Because four specimens with ob- 
served stress concentrations failed at low stress levels it is ap- 
parent that a small surface flaw or scratch was sufficient to 
eliminate any delayed-yield effect. A rather thorough examina- 
tion of the other test specimens disclosed no similar stress raisers. 
The demonstrated effect of such stress raisers tends to minimize 
the practical importance of the delayed-yield effect, since stress- 
concentration points are usually present in actual equipments or 
structures. No special attempt was made to vary stress concen- 
tration here, other than to minimize it in the design and prepara- 
tion of the specimens. The effect of stress concentration on the 
dynamic-flow-strength increase, caused by the increased strain 
rate, is presumably less important, but the results here do not give 
this information. 


CoNncLUSIONS 


An apparatus is described which subjects specimens to axial 
vibratory stresses superimposed on a static-bias stress. This 
loading simulates shock-type loading relatively well. A series of 
specimens from a particular mild steel were tested until they 
yielded and the data were used to determine the relation between 
the dynamic yield point and a total delayed-yield time. A 
qualitative agreement with results from other delayed-yield ex- 
periments, using step or constant-rate loading, was shown by use 
of an assumed damage law. This comparison verified the rather 
obvious assumption that damage prior to yield varies with the 
overstress level. A by-product result of practical importance was 
that a slight flaw or scratch on the surface of the specimen pre- 
vented any appreciable macroscopic increase of the yield point 
during dynamic loading. 
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Discussion 


L. K. Irwin.‘ A worth-while addition to our knowledge of the 
effects of rapid loading on the properties of materials has been 
presented by the author. The significance of variations in the 
magnitude of bending stresses is not clear from tests of several 
materials using step loading in this laboratory. Although this 
phase of dynamic loading has not been examined systematically 
as was the case in this paper, occasional measurements of bend- 
ing stresses have indicated variations up to 10 per cent of the 
average stress applied to '/:-in-diam bars. Reasonable care was 
taken to eliminate or control the factors which generate and in- 
fluence bending stresses. The variations along the stress axis of 
test data used to plot delay time versus dynamical yield-stress re- 
lations (similar to Fig. 9) for several steels with definite yield 
points was not significantly different from the scatter in the static 
yield points for each steel. These experiences lend credence to the 
statement “...that variations in bending-stress magnitudes were 
relatively unimportant in these tests.”’ 

4 Mechanical Engineer, Mechanics Division, National Bureau of 
Standards, Department of Commerce, Washington, D. C. Assoc. 
Mem. ASME. 
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Mr. Irwin’s comments emphasize the fact that, even in well- 
controlled test specimens, there is a significant variation in mate- 
rial strengths producing scatter in test data. Since the steel in 
actual structures and machines receives no comparable “kid- 
glove’’ treatment, a considerably larger scatter of material 
strength must be expected. For this reason, as well as others 
involving stress concentrations of various kinds, the extrapola- 
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tion of test results from the laboratory to design usage should be 
made carefully, with full awareness of the significance of the 
changed conditions. In the tests reported, the effects of a little 
bending were slight, but the effects of unplanned stress-raisers 
were large. It is very gratifying to know that Mr. Irwin’s tests 
using larger specimens showed similar effects from bending; 
also it would be most interesting to know of further results for 
various other stress-concentration conditions. 
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Apparent Fr ictional Forces on Clamping 


Elements as 


This study endeavors to show a method whereby the 
clamping effect of such tools as drill-pipe slips, casing 
slips, and so forth, may be determined analytically. This 
subject is of interest in view of the fact that serrations on 
the faces of such clamping elements are often suspected 
of producing focal points of failure. It is shown that the 
individual teeth of the serration need not be of the conven- 
tional “saw-tooth” or “sharp-wedge” variety. The appar- 
ent frictional forces for penetrators having round tips were 
found to be worth considering for clamping elements. 


NOMENCLATURE 


The following nomenclature is used in the paper: 


A = cross-sectional area of ploughed-out track 


Meyer constant 


= horizontal-force components 
vertical-force components 


constant 
forces normal to wedge face 
arbitrary ball diameter 
depth of penetration(Equation [1}) 
impression diameter 
transverse force 
cutting force (referring to metal cutting, comparable 
to F) 
thrust force (referring to metal cutting, comparable to 
L) 4 
frictional force along wedge face ii te 
normal load on penetrator 
Meyer strain-hardening exponent 
ploughing force (Bowden, Tabor, and Moore) 
normal yield pressure 


mean pressure 
M codeT 


va 


a 


elastic compressive stress 
resultant force 

radius of ball 

radius of impression 
frictional force (Bowden, Tabor, and Moore) 
semi-wedge angle 

angle between lip and original surface 

angle denoting position of element in plastic ens 
coefficient of friction 
normal stress on maximum-shear plane 
radial stress 

tangential stress 
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normal stresses in z and y-directions 

shear stress; 2, y co-ordinate system 

shear stress; polar co-ordinate system 

shear stress for yielding in simple tension 

friction angle (tan! 

deformation angle (subtended angle of ball impres- 
sion) 

displacement angle of maximum-shear planes due to in- 
fluence of friction ‘ 


Cz) 


INTRODUCTION 


It is well known that the apparent coefficient of friction is in- 
creased when rigid penetrators are forced into a ductile material. 
Although this accounts for the widespread use of serrated surfaces 
for gripping elements, the analytical treatment of the problem in 
the literature has not been extersive. 

The problem is of particular interest to those concerned with 
the design of “‘slips,’’ such as those used in oil-field operations. 
Fig. 1 is a schematic drawing of a drill-pipe slip. It is evident that 
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this tool is actuated by the weight of the drill pipe. Yet, slip de- 
signers recognize the fact that such energization is impossible 
without the high apparent coefficient of friction offered by the 
penetrators on the face of the slip. Obviously, this is true since 
the frictional effect at the pipe surface would otherwise be no 
greater than that at the back of the slip segment and it would not 
be possible to drag the segments deeper into the bowl. 

The indentations produced by slips have been recognized as 
focal points for pipe failure. Less severe stress concentrations 
might be produced if blunted or round-nosed penetrators were 
used. However, such penetrator shapes are usually avoided since 
little is known of their gripping ability. 

The following study was made to gain a better understanding of 
the factors which determine the apparent coefficient of friction of 
serrated surfaces. 

Background. For an individua)] penetrator the loading is simi- 
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lar to that of a stylus in the scratch-hardness test (1).4 The total 
force in the direction of motion of the penetrator can be ex- 
pressed, in accordance with Bowden, Tabor, and Moore (2) by 


F=S+P 


where S is the effect of friction in the usual sense and P is the force 
required to displace the softer metal. The latter force is given by 


P =A'p 


where A’ is the cross-sectional area of the track ploughed out by 
the penetrator and p is the pressure required to cause plastic 
flow. The pressure p depends not only on the yield characteristics 
of the material but also on the geometrical shape of the penetra- 
tor. Prandtl (3) and Hencky (4) determined the stress distribu- 
tion caused by normal penetration of various two-dimensional 
indenters. Extension of this work by Hill, Lee, and Tupper (5) 
considered the effect of the displaced metal in the case of a two- 
dimensional perfectly lubricated wedge under the influence of a 
normal load. 

For the special case of a straight-sided and sharp-nosed penetra- 
tor a statical relation between the normal and transverse forces 
may be derived. This approach was used by Merchant (7) in the 
study of metal cutting. A spherical indenter, on the other hand, 
cannot be treated in such a simple manner because of the strain 
hardening of the metal surrounding the indentation. 

In the present investigation the penetration of rigid indenters 
under normal and transverse loads is studied. The shapes of the 
penetrators analyzed here include the sharp wedge and the 
sphere. In addition, experimental studies were carried out with 
penetrators in the form of round-tipped wedges and cones. 


ANALYTICAL CONSIDERATIONS 


Mode of Penetration. The simplest case is that of a two-dimen- 
sional wedge having perfectly lubricated straight sides and a sharp 
leading edge. Since the width is large compared to the depth of 


(a) 


Fic. 2 Inrmiat Staces or PENETRATION UNDER NORMAL AND 
TRANSVERSE LOADING 


penetration, end effects are neglected. Fig. 2(a) illustrates a 
wedge in equilibrium with the forces L, c:, and cz. L is the normal 
load per unit width; c; and c, are the forces acting normally on 
the wedge faces. When a transverse load F is applied the condi- 
tions are those given in Fig. 2(b). From it 
a,’ a,’ + F 
| me 
d’ 


4 Numbers in parentheses refer to the Bibliography at the end of the 
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where d’ is the new depth of penetration and p, is the pressure 


normal to the downstream face of the wedge, and p is the yield 
pressure. Then 


d’ 
Ce’ = 
cos @ 


a,’ = cosa = d'p, 


teak? > d’ 

is 


COs 
so that 
Expressing d’ in terms of the normal load L 


L = bi’ +h.’ = d'(p, + p) tana 


» 


It is noteworthy that d’ and F are maxima when p, becomes zero. 
This defines the point of failure. At this instant the entire normal 
load L is borne by the upstream face of the wedge. 

For failure, Equations [1] and [2] give 


The term pd’ is equivalent to the “ploughing’’ term as used by 
Bowden, Tabor, and Moore (2). The expression L/tan @ indi- 
cates that for the special case of the sharp-nosed penetrator the 
maximum transverse force F is independent of the properties of 
the material. 

Effect of Friction. Considering the effect of conventional fric- 
tion, the analysis given by Merchant (7) for the mechanics of the 
metal-cutting process is applicable also to the penetration of a 
wedge. The transverse force F and the normal force L are related 
by the geometry of the tool and the coefficient of friction u. Mer- 
chant considers the chip to be an independent body held in equi- 
librium by the action of the two equal and opposite forces R’ and 
R(Fig.3). R’ may be resolved into the normal and frictional com- 
ponents N and Fz acting on the chip. The force F is transmitted 
to the chip at the shear plane and is the resultant of the shear and 
normal forces. R’ or R also may be resolved into vertical and 
horizontal components F, and F,, the thrust and cutting forces 
respectively acting on the tool. Merchant’s analysis is ap- 
plicable to positive or negative-rake angles. In the present 
problem it is desired to find the transverse force required for 
failure in the case of a tool with negative rake when the normal 
load is held constant, Fig. 4. This problem involves a reversal of 
the friction component along the tool face. In this case R’ may 
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Fic. 3. Force System Actinc in Case or Positive-Rake Toon 
Cup 1n Equitiprium (From MERCHANT) 


be resolved into the normal and frictional components N and F, 
which oppose relative motion of the tool face. The equilibrium 
force FR is transmitted to the plastic zone through the shear and 
compressive stresses acting along the elastic-plastic boundary and 
may be resolved into the components Z and F as shown. Since 
R and R’ are equal and opposite forces, their respective com- 
ponents are represented as those of a single vector. If metal is 
displaced along the face of the wedge, that is, if the frictional 
force on the plastic zone acts in the direction DC, the relationship 
between F and L is expressed by 


F = L cot (d + a) 


The reversal of the frictional force can be shown by the following 
reasoning: Equilibrium will continue to exist if the transverse 
force is increased to F’ while holding L constant. The absence of 
the frictional component implies that the metal no longer flows 
along the tool face. Increasing further the transverse force to F’”, 
equilibrium conditions will prevail if the frictional force F,” is of 
reversed direction. The magnitude of the maximum transverse 
force F” which may be applied to a wedge while subjected to a 
normal force L is 


+ tan @ tan 


+ uw tan a) 


= 


where » = tan @, the coefficient of friction. 
Plastic Behavior. For the case of an ideally plastic material in 
plane strain, Hill, Lee, and Tupper (5) showed that a solution 


Fic. 4 Force System Actine 1n Case or Necative Rake 
(WepGe) SHow1neG Puiastic Zone 1n Two Equitisrium States With 
Same Turust Force anp Reversep Frictionat Direction 


exists for a wedge penetrating vertically. They found that the 
surface of the displaced metal remains straight and that the pres- 
sure on the wedge is distributed uniformly. In the present prob- 
lem the normal load is applied first, corresponding to the problem 
treated by Hill, Lee, and Tupper. However, as shown previously, 
the subsequent penetration is oblique during application of the 
transverse load. Thus the metal is displaced only in the direction 
of the transverse load, so that the geometry of the aforemen- 
tioned problem no longer applies. It is assumed here, however, 
that this type of penetration also produces a straight lip of dis- 
placed metal and that the angle of the lip may be determined by 
graphical methods, if necessary. 

The plastic region shown in Fig. 5 is bounded by the free sur- 
face AB, the surface BC in contact with the penetrator, and the 
plastic-elastic boundary AC. In rectangular co-ordinates the 
equilibrium equations are 
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The yield criterion of maximum shear is 
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where o, and o; are the maximum and minimum principal [pn polar co-ordinates, the equilibrium equations are 
stresses, respectively, and 7,, is the shear stress for yielding in 

simple tension. If the z, y-axes are not principal directions the + OTe _ 0 
yielding condition may be expressed as als (06 
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and the yield condition is expressed as ah 


2 
+ T.9? = T,* = const 


es 


The plastic region is divided into three zones as illustrated in 
Fig. 6. It will be shown here that the zones adjacent to the sur- 
faces AB and BC have each a uniform stress state throughout. 
The sector lying between these two zones is merely a transition 
region which provides stress continuity. 

The inclined surface of the raised lip in zone I (Fig. 6) is made 
to coincide with the z-axis and the stress state in an element on 
the surface AB is considered (Fig. 7). Since AB is a free surface 
(o, = Oandr,, = 0), z and y are principal directions. Equation 
[10] becomes 


ect 


( 2 ) 
= —2r,, te. 
By assumption of a uniform stress state throughout zone I the 
equilibrium Equations [7] and [8] are satisfied. The planes of 
maximum shear stress may be represented by a series of lines 45 
deg from the surface AB. This defines the shape of zone I, al- 
though the length of AB is still unknown. 

For zone III a separate co-ordinate system with BC coincident 
with the z-axis, Fig. 8, is chosen. A surface element is subject 
to a normal pressure ¢, = —p and to a shear stress T,, = —up, 
where yu is the conventional coefficient of friction. It is apparent 
from Fig. 8 that owing to the influence of —yp the principal direc- 
tions are displaced by an angle w from the z, y-axes. Therefore 
the lines of maximum shear are also rotated by an anglew. The 
angle DBC in Fig. 8 is (7/4 — w) for the frictional direction 
shown. The angle EBD in Fig. 9 is (a — 8 + w), where a is the 
semi-wedge angle and @ is the angle of inclination of the lip. 

The stresses in the plastic sector II are referred to polar co- 
ordinates. As noted by Prandtl (3) and Hencky (4) a solution can 
be found by assuming that the radial and tangential stresses are 
equal at any point, and that radial and tangential stresses 
vary only with 0, Fig. 10. Thus og = o, = o,, where a, de- 
notes the normal stress on the maximum shear plane. Since 
according to Equation [13] 7,9 = 7,,, the equilibrium Equations 
[11] and [12] reduce to 


06 lip 
Integration of the foregoing equation yields 


The constant C is determined from the boundary condition of the 
plastic sector. It is helpful to fix the boundary BE as 6 = 0 as 
shown in Fig. 10. Since the stress condition in zone I has been de- 
fined and since a stress continuity must exist at the junction be- 
tween zones I and IJ, it follows that 
C=¢, = —, 
Equation [14] now reads 
o, = —7,,(1 + 20) 
The normal stress on surface BD is 
o, = + 2a + w)] 


Since o, represents the normal stress acting on the shear plane, it 
also locates the center of Mohr’s circle as shown in Fig. 8. As in 
zone I, equilibrium is satisfied in zone III by the assumption of a 
uniform stress state throughout. Thus the equation for ¢, also 


Therefore at the surface BC 
+ A%a—B+w)] — cos 2w.... [17] 


as illustrated by Mohr’s circle in Fig. 8. But this figure also indi- 
cates that the absolute value of p may be expressed as 


sin 2w 


holds at the surface BC. 


Equating Equations [17] and [18] yields 


1 + 2a —B + w) + 008 20 = 


at 

| +2(TV4 —-W)+COS 2W 
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The lip angle 8 cannot be determined even graphically unless 
the length of the lip is known, Fig. 5. This length, however, de- 
pends among other things on the angle w. Therefore a family of 
curves for the left side of the equation might be plotted for differ- 
ent values of 6 in order to determine corresponding values of w. 
The correct values could then be determined by a graphical 
check, taking into consideration that the volume of the raised lip 
equals the volume of the material displaced below the original 
surface. 

As previously mentioned, a reversal of the friction component 
occurs as the transverse force on the wedge is increased, Fig. 4. 
In this case the normal stress on the interface BC required to 
cause yielding is substantially reduced. This can be seen from Fig. 
11 in which the upper curve represents the function 


1 + +w) + cos 


The lower curve represents the same function with the sign of w 
reversed in the first term, indicating clockwise rotation of the 
slip-line field in zone III. Two values for w are obtained, and by 
Equation [17] or [18], two values for p. The lower of these indi- 
cates the state after the friction reversal. The penetrator should 
sink deeper into the material because the value of p is decreased. 


J 
“ip, 
A graphical solution of this equation for 8 = 0 is given in Fig. 11. oo 
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Yet, relative motion between the indenter and the material due 
- to the penetration tends to re-establish the original direction of 
friction. 


Spherically Tipped Penetrators. The problem, treated in the 


following, concerns a sphere pressed into the plane surface of a © 


Ti 


plastic medium by a normal load with the subsequent application 
_of a transverse load. The contact area projected on a plane per- 
_ pendicular to the direction of the normal load is described ap- 
_ proximately by a semicircle, Fig. 12. The normal load L is equal 


Fie. 12 Prosecrep AREAS AFFECTING NORMAL AND TRANSVERSE 
Forces 1n Case or SPHERICAL TiPpPED PENETRATOR 


to the force of the mean pressure p,, acting over the projection of 
the contact area 


Here d is the diameter of the semicircle. 

It is assumed that a relation exists for this case similar to Equa- 
tion [3]. The contact area of the spherical tip projected on a 
plane normal to the direction of the transverse force F approxi- 
mates a circular segment with an area 


Yi . R is the radius of the spherical tip and y is the angle subtended by 


the are of the segment, Fig. 12. This can be written 


v= 


The product of the area A and the mean pressure p,, is equated to 
ary the ranevene force (friction neglected). That is 


2 sin=!d/D 


= Y) 


_ The mean pressure p,, is assumed to be distributed in an ap- 
proximately uniform manner. Support for this assumption is 
_ given by Ishlinsky for the case of a full diameter impression (8) 
eo also by Van Iterson (9) in his analysis of the Brinell hardness 
test 
a It is now necessary to determine p,, for the material. In the 
case of a spherical penetrator, strain hardening must be con- 
sidered because the deformation angle W increases as the penetra- 
tion progresses. Experimental determination would yield a dif- 
2 - ferent value of p,, for each load. Tabulation of these values, in 
effect, would describe the strain-hardening characteristics of the 
material. 
f The Meyer pe (10) =n a convenient method for the 
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determination of p,, for full-diameter impressions. It is assumed 
here that the analysis is essentially correct also for the case of 
combined loads. Meyer’s work (1) shows that resistance to 
penetration increases according to the relation ; 
1 
(millimeter )"~* 


where a and n are constants defining the characteristics of the ma- 
terial penetrated by a ball of fixed diameter. These constants 


may be determined for a given material by use of a conventional 


The exponent n is a meas- 


Brinell hardness-testing instrument. 
= 2represents a 


ure of the strain hardenability; for example, n 
nonstrain-hardening material. 
Meyer suggests the following expression for the mean pressure 


[24] 


as a means of describing penetration hardness. This is known as — 
the Meyer hardness and is usually given in units of kg/mm’. 


Since the Meyer hardness for a given material depends on the | at 


degree of deformation, the same p,, will result regardless of the 
ball diameter when geometrically similar indentations are pro- 
duced. Letting 


arbitrary load, lb 

arbitrary ball diameter, in. 

resulting impression diameter, in. 

Meyer strain-hardening exponent 

Meyer constant in kg/mm? as determined with a 10-mm 
ball 


it can be shown that 


4? 


[0.0703L}"" 
10 aD? 

ince this equation applies to a full circle, it must be for a semi- — 

circular impression 


D [ 
10 aD? 


The deformation angle y in Equation [21] and the mean pressure __ 


Pm in Equation [19] may be calculated using this value of d. 
Equation [22] gives the theoretical transverse force F (pounds) 
which, neglecting friction, may be applied to a ball-tipped pene- 
trator of diameter D (inches) under the normal load L (pounds) 
in a material whose Meyer constants, n and a, were determined 
with a 10 mm ball. 


’ The term 1/(mm)*~? is required for dimensional accuracy. 


Fig. 13 Approximate ErrectivE WepGE ANGLE FoR CONSIDERA- 
TION OF FRICTION 
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An exact analysis of the effect of —eA friction in the 
case of the ball would meet with considerable difficulties. How- 
ever, since an approximate effective wedge angle can be con- 
structed, Fig. 13, the frictional effect may be estimated. Equa- 


tion [6] can be rewritten 
mtana@ 
tan @ 


1 
1 
tan 


If tan @ is large compared to wu 

In the case of a sphere, a deformation angle of Y = 90 deg gives 
an approximate effective wedge angle @ such that tan @ is 2.41. 
This is indeed large compared to the usual values of the con- 
ventional coefficient of friction, u. Consequently, for deforma- 
tion angles up to about 90 deg algebraic addition of the fri ic iction 
effect is justified. 


= 


EXPERIMENTAL RESULTS 

Special equipment was built with which the maximum possible 
transverse loads on a penetrator could be determined as a function 
of the normal loads. The high contact pressure (200,000 psi or 
more) required the use of a lubricant of high film strength in order 
to prevent galling. Molybdenum disulphide in a grease base 
proved satisfactory. This lubricant was used in all tests, including 
those for the measurement of the conventional friction co- 
efficients. Lubrication was applied only before and after the 
initial application of the normal load. 

Most of the tests were conducted with a low-carbon cold-rolled 
steel (0.15-0.25 per cent carbon). This material was chosen be- 
cause of its low strain hardenability, since this was likely to result 
in better correlation with theory. 

Penetrators tested were of the following types: 

(a) Wedge of 90 deg included angle, with varying edge radius 
and uniform width of */,¢in., Fig. 14. 

(b) Cone shapes of 90 deg included angle, the tip radius being 
variable, Fig. 17. 


RELATIONSHIP BETWEEN NORMAL AND TRANSVERSE ForcESs 
FOR Two-DIMENSIONAL PENETRATORS 
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Fie. 16 INpDENTATION BY ComMBINED LOADING 

(c) Spherical shapes of two different radii. 

(d) Pyramidal shapes of 90 deg included angle; one test using 
a sharp point and the other using a truncated (flat) point, Fig. 
18. 


Comparison of Theory and Experiment for a Straight-Sided 
Sharp Wedge. The average value found for F/L in the case of the 
sharp wedge (FR = 0), as shown in Fig. 14, is about 1.2. If Equa- 
tion [6] is evaluated for this case, the value of F/L is 1.35 for a 
coefficient of friction, u4 = 0.15 (experimentally determined). 
The shaded area of Fig. 14 indicates the upper and lower theoreti- 
cal limits. The upper limit is obtained from Equation [6]. The 
lower limit stems from the assumption that conventional friction 
is negligible. 

An interesting feature of the two-dimensional sharp-wedge 
experiment is shown in the photographs in Figs. 15 and 16. The 
indentation in Fig. 15 was produced in a cold-rolled 1040 steel by 
a normal load of 2330 Ib. The contact pressure on the wedge 
faces required to produce this indentation was about 191,000 psi. 
The equation for the pressure p at the wedge face for this case is 


—p = —1,,[1 + 2a — B + w)] — cos 2w 


The positive value of w indicates that the friction acts upward 
along the wedge face opposing penetration. By measurement 
from the photograph the lip angle 8 was about 6 deg (0.105 ra- 
dian). The semi-angle @ is 7/4. Graphical determination of w 
yielded a value of 0.177 radian. Equation [18] gives 


(0.095 (191,000) 
sin 20.3° 
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_ This is a reasonable value for the shear strength of a strain- 

hardened steel. 
‘The indentation in Fig. 16 was produced by a normal load of 
: 2330 Ib in combination with the transverse load of 2820 lb (point 
Measurements of the bearing surface indi- 
- cated that a pressure of 155,000 psi was required to produce the 
4 _ deformation. The lip angle was about 15 n (0.262 radian ). 


+ cos 2w = == 


1 +2(%—o202—w) 


yields a value for w of 0.132 radian or 7.56 deg. Again, by Equa- 


(0.095)(155,000) 
sin 15.1° 
= 56,500 psi 


Since the deformation was more severe in this case, Fig. 5, it was 
expected that the shear strength should be somewhat higher than 
_ that for pure normal loading. The value of 4 = 0.095 was ob- 
tained from Equation [6] based on experimental values from 
Fig. 14. 
The foregoing test tends to confirm the analytic solution. 
Sharp-Pointed Cone. The following series of experiments was 
intended to check the theoretical conclusions that sharp-pointed 
conical indenters have F/L values independent of the penetrated 
material. Neglecting conventional friction, geometrical con- 
siderations show that 
= = cot a 
L 
_ where a is the semi-angle. For a cone having an included angle of 
90 deg the value of F'/L is 0.637. 
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In Fig. 17 the slope of the curve for the sharp-pointed cone (R 

_ = 0) indicates that the experimental value of F/L is about 0.85; 
this, however, included the conventional friction component. 
The significant fact is that almost identical values of F/L were 
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obtained for two steels with widely varying strain hardenability, 
as well as for aluminum. 

Pyramidal Penetrators. As indicated in Fig. 18 the sharp point 
of the pyramidal penetrator gives an F/L relationship approxi- 
mately independent of the load. However, in the case of the 
blunt tip, F/Z is equal to the conventional friction coefficient yu 
up to a given loading. Thereafter the curve rises with the same 
slope as that of the sharp-point penetrator. The change in slope 
apparently denotes the point of incipient plastic deformation. 


MEYER CONSTANTS 
n=2.10 

(LO MM _ BALL) 
bs 
j s 


MAT'L.- 1020 CR STEEL 


MEYER CONSTANTS 


(10 MM BALL MM 


303 


+ 


NORMAL LOAD - L (LBS) 


Fie. 19 BeTweEen NORMAL AND TRANSVERSE FORCES 
FOR SPHERICAL-T ype PENETRATORS 


(Curves represent theoretical values. Points indicate experi tal results.) 


El 400 
7 
L 
WS 
400 


107° 


Spherical Penetrators. The points in the upper diagram in Fig. 
19 represent results with spherical penetrators in cold-rolled 
steel. 


periments were particularly well suited to test the theory for 
penetrators of spherical type. 

All curves in Fig. 19 are theoretical and are based on the physi- 
cal properties of the materials as determined from Meyer analyses. 
The conventional friction effect was added algebraically since the 
effective wedge angles a for this series of tests were large enough 
to make such algebraic addition valid. The experimentally de- 
termined points show remarkable agreement with the theoreticai 
curves. 


CONCLUSIONS 


On the basis of the foregoing, it is indicated that reasonably 
accurate predictions can be made analytically of forces acting on 
clamping devices, such as oil-well slips. The knowledge of these 
forces might be of particular interest in the determination of 
casing deflection. 

When penetrators have sharp leading edges and straight sides, 
the force relations will be independent of the load and of the 
material. This indicates that the clamping force is independent of 
the hardness of the tubing, casing, or drill pipe for this type of 
penetrator. 

It is indicated theoretically and experimentally that a reversal 
of friction occurs at the interface after maximum normal penetra- 
tion, and that the reversal causes a decrease in the normal con- 
tact pressure for yielding. 

Although the theory indicates that the friction effect should be 
added vectorially, algebraic addition is justified when the effective 
wedge angle is large compared to the coefficient of friction. This 
is in agreement with the work of Bowden, Tabor, and Moore (2). 

For spherical indentations, the Meyer analysis provides reason- 
able information regarding the nature of the material under vary- 
ing degrees of deformation. This provides some insight of the 
force relationships for holding elements consisting of ball-type 
penetrators. 
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W. B. Drso.t, Jr.* For a long time gripping devices for the 
uses the authors have mentioned have been designed purely on a 
trial basis, and the authors are to be commended for their 
analysis. It is useful to know that for cone and wedge-type pene- 
trators the gripping is independent of the material and that they 
are ready for immediate application. It must be noted that the 
experimental work has been carried out only on soft materials. 
It is hoped the authors intend to carry on the experimental work 
to include tests on materials similar to those used in hardened 
tubing, pipe couplings, and sucker rods. The last two items are 
added because the wedge analysis that the authors give is directly 
applicable to problems involving tongs and fishing tools. The 
fishing-tool men have had a very difficult time holding hardened 
materials, and would be most pleased to know the true nature of 
this type of gripping. 

Including and following Equation [26] the authors offer two 
methods of calculating the friction foree. One method is to use 
the approximation for a, which is apparently the method used 
to determine the curves of Fig. 19. It is requested that the 
authors go into detail concerning the derivation of Equation [26] 
from Meyer’s analysis (reference 10), and to ask if they have had 
any good results using this approach. 

In one type of slip with which the writer has worked, a cylin- 
drical form of gripping device was used. This was actually a 
closely wound “spring’’ made of square stock, which bent to 
conform to the tubing. It rolled into place on a conical surface. 
The trial guesses were not good, and the slip was not successful. 
The choice of parameters would have been greatly facilitated if 
an analysis such as the type made in this paper had been availa- 
ble. It is suggested that the analysis be extended to include 
that of a cylindrical indenter, such as that mentioned in reference 
(9), in which the two-dimensional case for plastic deformation 
has been solved by Prandtl. 

So far we have only talked about a single indenter. The load 
distribution over many indenters is another part of the problem, 
and is a serious one. Some slips with which the writer is familiar 
wear appreciably more on the lower end, which is reasonable 
when elongation effects are considered. The slip is very rigid 

compared to the tubing; therefore there is relative motion and 
wear at the lower end. This leads to the belief that most slips 
are too long, and that the same problem is present here that is 
present in the analysis of screw threads. It is suggested that the 
whole problem of distribution of load be taken under study. 


Discussion 


R. B. Kinzpacu.’ While considerable work has been pub- 
lished on the physics of penetrator and cutting-tool engagement, 
the design of clamping and holding elements for application in 
pipe-handling operations so common in the oil industry has been 
largely an evolutionary process of trial and adjustment. 

Pipe-gripping devices utilizing a wedge principle, such as 
illustrated in Fig. 1 of the paper, require the development of a 


* Mechanical Engineering Department, Washington University, 
St. Louis, Mo. 
7 Kinzbach Tool Company, Inc., Houston, Texas. 
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coefficient of friction up to a point of normal loading great 
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high effective coefficient of friction at the pipe contact surface 
for satisfactory operation. From the geometry of the structure, 
it is clear that the area of bowl contact must be adjusted to some 
ratio with that of the pipe contact to permit wedging movement 
of the segment. The gripping-force component, resulting from 
wedge action, normal to the pipe will be less than that normal to 
the wedge surface for a given pipe weight. 

A further complication is illustrated in Fig. 18 with pyramidal 
penetrators, a shape commonly generated for such parts. Note 
the constant F/L ratio with the sharp penetrator while the 
flattened end penetrator yields an F/L ratio equivalent to the 


enough to cause displacement of the penetrator into the surface 


arrested with the pipe statically suspended in the slip, 


It is within this initial loading range 
Slippage occurs causing 
fre- 


of the gripped specimen. 
that many service problems arise. 
additional flattening wear, and supplementary 
quently required to develop arresting wedge action. 

The interesting analysis of the reversal of frictional force at the 
penetrator face would seem to explain an action often observed 
in pipe slip operation. Pipe movement apparently may be 
and 


force is 


subsequently a sudden drop may occur with the penetrators in 


- contact plowing a track along the pipe surface. 


of these 


At other times, 
this drop may be characterized by a repeated starting and 
stopping throughout the possible length of movement or until 
supplementary wedging force is added. The sudden development 
movements while under apparently stabilized load 


conditions may well be the result of reversals of this frictional 


force in accordance with the authors’ analysis outlined in Fig. 4. 
Tbe normal force component L would be under some variable 
restraint due to wedge surface friction. 

The authors’ investigation of the mechanics of elemental 
gripping part engagement represents a material contribution to 
the art. This fundamental information is invaluable for the 
considerations involved in original design compromises and for 
the evaluation of service factors. 


AvutHors’ CLOSURE 

The authors wish to thank Professor Diboll and Mr. Kinzbach 
for their discussions. 

It is to be noted that the theories presented in this paper have 
considered perfectly rigid penetrators. Since this is a practical 
impossibility, the experiments were conducted using penetrators 
which were comparatively rigid with respect to the penetrated 
material. As pointed out by Professor Diboll, this idealism falls 
short when the hardness of the penetrated material approaches 
that of the penetrator. It is believed by the authors that the 


TRANSACTIONS OF THE ASME 
theories evolved for soft materials will also apply to hardened 
materials if penetrators of super-hardness were practical. The 
choice ef penetrator material is not the only key to successful 
gripping. Fig. 18 indicates a sharp break in the friction curve © 
as the blunted penetrator engages the softer material. In a 
hardened material, the break would occur under a much higher 
normal load, regardless of the penetrator hardness. This sug- 
gests the necessity of employing externally energized slips for 
gripping such materials, the only alternative being to accept the 
stress concentrations produced by extremely sharp penetrators. 

Some explanation is apparently required regarding the method 
used in determining the curves of Fig. 19. Equations [27] and 
[28] are given only to demonstrate the validity of algebraically 
adding the conventional friction for large values of a. Although 
the equations refer to indentations by two-dimensional wedges, it 
is inferred that such a concept would also justify algebraic addi- 
tion of the friction in the case of a ball. 

The following procedure was employed: 


1 The Meyer constants, n and a, were determined with a 
10-mm ball. 

2 For a series of arbitrary normal loads, L, corresponding 
values of d were determined by Equation [26]. 

3 Corresponding values were determined for P,, 
tion [19] and for Y by Equation [21}. 

4 F was then determined by Equation [22]. 

5 F + wL (the total transverse force) was then plotted as a 
function of L. 


by Equa- 


With regard to the origin of Equation [26], it is of value to 
refer back to Equation [23] which implies that it is possible to 
predict the value of d for any value of LZ, provided the Meyer | 
constants a and n are known. Since a is usually determined in 
Kg/mm? using a 10-mm ball, Equation [23] would yield values — 
for d in millimeters for only that size ball. Equation [25] is 
simply a method of conversion which permits L to be expressed 
in pounds and gives d in inches for any ball diameter. Equation 
[26] is an extension of this concept to a semicircular impression. 

Excellent results have been obtained using this approach as 
indicated by the close correlation between the theoretical and 
experimental values shown in Fig. 19. 

It is particularly gratifying to the authors to receive discussion 
of the type presented by Professor Diboll and Mr. Kinzbach. 
The remarks given by the discussers have materially added to 
the scope of the paper and have emphasized the practical aspect 
of this study. It is agreed by the authors that further study is 
essential if the problem of this type of gripping element is to 
be fully understood. but 
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This paper is a summary report of a co-operative research 

investigation? extending earlier work on the thermal- 
stress-fatigue resistance of AISI Type 347 stainless steel. 
The investigation was to provide additional qualitative 
experimental support of the concept of fatigue design 
based on an allowable stress range which is embodied in 
the ASA-B31.1 Code Rules for Piping Flexibility Design. 
Two specific cbjectives were established, together with the 
findings of this research: (a) Investigation of the effect of 
cycling which produces tensile rather than compressive 
stress under the hot condition. It was found that there 
was no significant difference. (6) Investigation of the effect 
of reducing the net mechanical strain range for a given 
temperature range to a point approaching the design 
strains for a piping system. While the temperature range 
was held constant, the trend of reducing the net mechani- 
cal strain range was to increase the number of cycles to 
failure similar to that obtained when the net mechanical 
strain range was reduced by lowering the temperature 
range under full constraint. In addition, for the same 
mechanical strain range, widening the temperature range 
decreased the number of cycles to failure. 


INTRODUCTION 


N THE design for flexibility in piping systems, it was recog- 
nized at an early date that fatig’e failure was a basic design 
consideration (1, 2). This t+ quite apparent when 

the characteristics of the thermal loading in a constrained piping 
system are examined. Periodic changes in temperature produce 
dimensional changes in the structure which, because of con- 
straints, result in fluctuating thermal stresses. The magnitude 
of these stresses coupled with the number of applications of 
cycles of these stresses then constitutes a potential fatigue prob- 
lem. Possible corrosive effects of the fluid within the pipe con- 
tribute significantly to the problem. 

The fatigue problem which arises in piping systems has cer- 
tain unique features. First, the number of cycles of imposed 


‘Research Associate, General Electric Research Laboratory. 
Mem. ASME. Formerly Knolls Atomic Power Laboratory (operated 
for the Atomic Energy Commission by the General Electric Com- 
pany). 

2 Supported jointly by the United States Atomic Energy Commis- 
sion and THe AMERICAN Society OF MECHANICAL ENGINEERS on be- 
half of the ASA-B31 Code for Pressure Piping Committee. 

* Numbers in parentheses refer to the Bibliography at the end of 
the paper. 

Contributed by the Power Division and presented at a joint session 
of the Power and Safety Divisions at the Annual Meeting, New York, 
N. Y., November 25-30, 1956, of Tae American Society or Me- 
CHANICAL ENGINEERS. 

Norte: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, Septem- 
ber 6, 1956. Paper No. 56—A-178. 
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temperature reversals is limited. Markl (3) has given the 
figure of 40,000 as the number of major temperature swings ex- 
pected of process equipment in the course of 20 years of service 
life.‘ This then entails a design procedure for a limited number 
of cycles and represents a considerable departure from the more 
conventional fatigue design based on endurance limits. A 
second aspect of the piping-fatigue problem is the interrelation- 
ship between stress and temperature. Since the stresses arise 
in the system because of temperature variations, it is evident 
that at any particular location cyclic stresses are accompanied by 
cyclic temperatures. Hence the added complication of a 
varying temperature must be factored into the problem of fatigue 
failure in the design of piping systems. 

The importance of fatigue in piping design can be appreciated 
more fully when one considers that, with high temperature, 
plastic deformation in the form of creep or local yielding can occur 
in piping systems subjected to constraints. These constraints 
manifest themselves in the form of bending moments and torques 
which in turn result in bending or shearing stresses and may pro- 
duce nonelastic deformation of the structure. Since the system 
is stressed by thermal deformations, plastic deformation at a 
particular temperature will result in a stress relaxation of the 
system. A return of the system to room temperature or some 
other lower temperature then unloads the system and reloads 
it to some extent in the opposite direction. The effect of such 
reversals in loading, as will be seen later, may cause reversals in 
plastic strain, the degree of severity and number of reversals of 
which may lead to eventual failure by fatigue. 

Recognition of the importance of local deformation and re- 
laxation which produce nonelastic loading reversals during tem- 
perature cycling of piping structures has existed for some time. 
The problem was brought into focus by Rossheim and Markl (3) 
who proposed that a “stress range’’ be the basis of design for 
piping systems. The stress range is defined as the algebraic dif- 
ference of the stress at any particular point when the system 
is at high temperature and the stress (of opposite sign) when the 
system is at low temperature. It is assumed that the stress range 
remains substantially constant during the cyclic life of the sys- 
tem, even though the stress at the high temperature gradually 

decreases and the low-temperature stress increases in magnitude. 

In 1951 a Task Force on Flexibility was appointed by the 
American Standards Association Sectional Committee B31.1 
to study the current provisions of the chapter on Expansion and 
Flexibility as included in Section 6 of the Code for Pressure 
Piping. Markl (4) has given a comprehensive review of the 
findings of one of the two subgroups of that task force. The 
report submitted by this subgroup is included in Markl’s paper 
as Appendix I. This report proposed that the stress-range con- 
cept be extended in use, that a higher stress range than had been 
used previously be permitted, and that more attention be given 
to stress intensification in piping systems. Although the stress- 


* The ASA-B31.1 Code Rules for Piping Flexibility Design consider 
one cycle per day or 7000 cycles over a 20-year service life as a lower 
limit for cycles in considering fatigue. 
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range concept had been incorporated in the Code since 1940, 
the rules provided for a single stress range only, without ade- 
quate recognition of various adverse conditions such as stress 
raisers introduced by design details. Reference was made, how- 
ever, to stress intensification at bends and corrugations. The 
new rules appearing in the 1955 Code for Pressure Piping make 
greater utilization of potential material strength through the use 
of a stress range which is related to pipe-material properties to- 
gether with the desired number of cycles for the system. Ad- 
justments are made according to the stress intensification in- 
volved in the system such as curved piping, branch connections, 
and so on. 

Proof of the soundness of the stress-range concept for con- 
stant-temperature cycling is well established. One needs only to 
_ examine the stress-strain curves of simple specimens cycled uni- 
axially between two fixed strains at constant temperature to ob- 
serve the development of the stress range. Many such curves 
can be found in the literature. This type of behavior also is 
described further in the present paper. The nature of the 
cyclic stress-strain behavior when accompanied by cyclic tem- 
perature, however, has received considerably less attention and 
the significance of the stress range for this type of cycling is 
somewhat more obscure. 

Of more importance than the further proof of the basic sound- 


ness of the stress-range concept is the relationship between the 


constraints in a piping system, the degree of temperature cycling, 
and the ultimate fatigue failure of the structure. Little ex- 
perimental work can be found in the literature which relates 
directly to this problem, although it is because of this particular 
failure mechanism that the Code was revised and rewritten. 
Some fatigue studies have been carried out on piping com- 
ponents at constant temperature, notably the work of Rossheim 
~ and Markl (3), Markl (5), and Stewart and Schreitz (6). Markl 
(5) developed an equation for expressing these test results having 
the form 


where S was '/2 the applied stress range, N the cycles to failure, 
and C aconstant. The value of C was found to be 245,000 for a 
Grade B carbon steel at room temperature (3), 281,000 for AISI 
Type 316 stainless steel at room temperature (4), and 183,500 
for AISI Type 347 stainless steel at 1050 F (6). 

Although some work has been done on subjecting structures 
to cyclic temperatures to induce cyclic thermal stresses, much of 
_ the work is qualitative in nature and not of direct application to 
_ design. In this connection, the work of Holmberg (7), Weisberg 
(8), Carpenter, Jessen, Oberg, and Wylie (9), Weisberg and 
Soldan (10), Tidball and Shrut (11), and Stewart and Schreitz 
(6) should be mentioned. 

The Knolls Atomic Power Laboratory has supported a pro- 
gram on thermal-stress fatigue, particularly on AISI Type 347 


. stainless steel, since 1950. Interest in the problem at this labora- 


tory originated because of the particularly severe thermal-stress- 
fatigue problem which arises in austenitic steels when liquid 
metals, such as sodium, are used as heat-transfer fluids. A 
basic approach to the problem was employed because of the need 
to obtain quantitative information useful for the design of re- 
actor components subjected to thermal transients. Several 
papers have been published describing the test equipment and 
results of that work (12, 13, 14, 15). 

It is interesting to note that the KAPL work, although carried 
out with an entirely different objective in mind, was applicable 
to the problems encountered in piping systems and to the re- 
visions to the Code for Pressure Piping recommended by the 
_ Task Force on Flexibility. In the first place, the method of 
_ test was such that the stress range applied to the specimen could 
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be measured as therme] cycling progressed so that the data a ; 


lished offered a form of experimental verification of the stress- 
range concept in the design of thermally cycled piping struc- 
tures. A second application of the KAPL program to the pro- 
posed Code arose from the fact that the fatigue failures were 

obtained in constrained specimens which could be related to P. 


known conditions of stress, strain, and temperature cycling im- 


posed during the test. The experiments were performed on 
AISI Type 347 stainless steel only, and on test specimens under . 
laboratory-controlled conditions. 
results to full-size ferritic structures was not possible. 

Because of the general similarity between the design phi- 


losophy expressed in the Code revision and the experimental __ 


results reported by the Knolls Atomic Power Laboratory, that 
Laboratory was approached by Code for Pressure Piping Com- 
mittee as to the possibilities for continuing the thermal-stress-_ 
fatigue investigation. In particular, it was felt that further — 
experimental work in certain areas was desirable to obtain a 
more complete experimental verification of the Code philosophy. me 
These areas were: 

1 Thermal cycling to produce tensile stresses at the higher 
temperature end of the thermal cycle rather than compression, 
as in the original work. 

2 The independent variation of strain amplitude and tem- © 
perature amplitude. 


The specific purpose of these two investigations would be to — 

relate the work more closely to piping structures than in the — 

cific properties of materials other than what might be obtained a 
from the AISI Type 347 stainless steel used for the test pur- 
structures. A mutually agreeable contract was arranged s v= 
tween the Atomic Energy Commission and THe AMERICAN 
proposed program at the Knolls Atomic Power Laboratory start-_ 

ing on July 1, 1954, and continuing until June 30, 1955. Support — 


earlier work. No emphasis was to be placed on obtaining spe-— 
poses, nor was there any plan to investigate the effect of welded 
Society oF MecHANICAL for the performance of the 
for this work was furnished jointly by the Atomic Energy Com- 


mission and the ASME Development Fund, the latter subject 

to reimbursement by contributions from various technical wae 

organizations and from private industry toward the improvement —__ 
= 


of high-temperature piping design. 

The present paper represents a final and summary report on 
the results of the work performed at the Knolls Atomic Power — 
Laboratory under the joint AEC-ASME contract. 


Strain AND THERMAL-STRESS-FATIGUE CYCLING 


At the outset it is desirable to present the strain definitions as — 
employed in the present paper and to describe the relationship 
between these strains and the resultant stress under cyclic load- 
ing conditions. These relationships are important in developing 
an understanding of the cycling of thermal stresses in piping 
structures. The discussion will be confined at first to simple 
specimens in which the loading is uniaxial. 

Strain as defined here consists of two components, thermal and 
mechanical. Both are used algebraically. Thermal strains are 
those strains which result from thermal expansion alone, and are — ‘ 
defined mathematically as Re 


where is the thermal-expansion coefficient and AT’ the change 
in temperature from a fixed reference point. Although any 
body undergoes expansion in its three directions because of a 
temperature rise, the strain referred to in Equation [2] is of — 


interest in the present discussion in the direction of loading be 


Direct conversion of the 
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The mechanical strain €,, is defined as that strain which re- 
sults from forces acting on the body. The mechanical strain 
can be broken down into two components—an elastic com- 
ponent €, and a plastic component €,. The elastic component is 
related linearly to the applied stress. For uniaxial loading 


where o is the applied stress and EF the modulus of elasticity. 
The plastic strain cannot be expressed mathematically because 
it depends upon the resistance to plastic deformation of the par- 
ticular material in question. 

For any given situation the total strain is the algebraic sum of 
the thermal and mechanical strains. It is possible, for example, 
to have a total strain of zero, simply because the mechanical and 
thermal strains are equal in magnitude but opposite in sign. 


(d) 


Srress-Strain Revations Untaxtat Cyciic Loapine 
aT ConsTANT TEMPERATURE 


1 


Now consider the relationship between stress and strain in a 
simple specimen loaded uniaxially at constant temperature. 
Such is the situation in Fig. 1(a), where the bar is cycled by ex- 
ternally applied forces between 1 and 2. Assuming the speci- 
men to be initially stress-free, the first application of load (ten- 
sion) produces a stress-strain curve given as A, Fig. 1(b), having 
initially an elastic behavior and then an elastic and plastic be- 
havior. At point 2’ a total mechanical strain Ae, defined as the 
strain range, is reached. Next, as the external load is first 
removed and then reversed, path A is followed until the mechani- 
cal strain returns to zero. Note that this curve is quite non- 
linear. This behavior is attributed principally to the Bausch- 
inger effect, a well-known phenomenon in metals subjected to 
reversed loading conditions. Note also that the specimen is 
now under compression. Next, release of the compressive load 
followed by application of tension produces a similar nonlinear 
stress-strain curve, B to 2’’. Subsequent cycling results in the 
establishment of a hysteresis loop, having curve B for unloading 
and curve C for loading. For this loop, tension exists at 2’’ 
and compression at 1’. The stress range is the algebraic dif- 
ference between o,’’ and o,"’ or the quantity Ac. 

Next consider the case of a test specimen such as that in 
Fig. 1(a) which can be thermally cycled between temperatures 
T, and 72, where 7 is the lower temperature and 72 the upper 
temperature. It is of interest to consider the subsequent be- 
havior of the specimen when the specimen is clamped at the 
higher temperature and prevented from further axial deforma- 
tion. 

The stress-strain relationship during the first few cycles of 
testing is shown in Fig. 2. It is assumed that the thermal co- 
efficient of expansion of the material is constant over the tem- 
perature range of the test. The temperature versus thermal- 
strain relationship is shown in the upper figure. The lower 
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Fic. 2 Srress-Stratn RELATIONSHIP FOR First Few THERMAL 


Cycites ror Bar Wits LonairupINAL CONSTRAINT 


figure shows the relationship between the stress and elastic 
plus inelastic strain. The specimen is clamped at the maximum 
temperature (point 2). This, then, is the origin of the stress- 
strain curve. As cooling occurs path A is followed, in which an 
elastic tensile stress is first developed. As plastic flow occurs, 
an inelastic-strain component is added to the elastic strain until 
the minimum temperature 7, is reached. This is given by point 
1 on the curve. The temperature is then held at 7;. The 
change in elastic and plastic strain during this interval is quite 
small and is assumed to be zero for practical purposes, since the 
effects of anelasticity, viscosity, and plasticity in the metal which 
influence relaxation effects are strongly temperature dependent, 
and at the low temperature 7 they are diminishingly small. 
Following the hold period at point 1, heating of the specimen 
causes first an elastic decrease of stress along path A. Then, 
however, because of the previous plastic effects, a reversal in 
inelastic behavior occurs. This is again the well-known Bausch- 
inger effect. Consequently, when point 2’ is reached at the 
high temperature, a portion of unloading path A is inelastic, al- 
though the amount of plastic strain is not as large as occurred 
during the first loading. Thus, when point 2’ is reached, the 
specimen has a residual compressive stress. Because of this 
residual stress, the point in the cycle in which zero elastic strain 
occurs has shifted from 7; to some point between 7’, and 7». 
During the hold interval at the elevated temperature 7°, 
relaxation effects will occur readily, depending on the interval 
time and temperature. The stress-strain path then moves from 
2’ to 2’’. Upon the next cooling operation path B is followed, 
first elastically and then inelastically until point 1’ is reached. 
Again, assuming no relaxation during the hold time at 7;, upon 
subsequent heating path B is followed from 1’ to 2’. Here 
relaxation during the hold time at high temperature changes the 
path from 2’’’ to 2’’’’.. With the next cooling operation path C 
is very close to path B. The stress-strain loop then settles 
down to a path similar to that of C, and further changes take 
place very slowly. The steady-state stress-strain loop has in- 
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formation until point 2 is reached. 


elastic deformations occurring in equal amounts but opposite 
in sign during each half cycle, provided that the elastic modulus 
is the same for heating and cooling. Significantly, during this 
cycling operation there has been no net change in the length of 
the specimen, since it was rigidly clamped during the entire 
cycling process. As mentioned earlier, this is the case in which 
the thermal strain always opposed the mechanical strain, giving 
a net strain of zero. 

Finally, consider the case of a test specimen undergoing me- 
chanical strain and thermal strain where the two strains are 
always equal in magnitude as before, but are not always of the 
same sign. The temperature and stress-strain relationships for 
the first few cycles are shown in Fig. 3. Here the specimen is 
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clamped at position 1, and this becomes the origin of the stress- 
strain curve. The specimen is then heated to point 2. Simul- 


taneously with the heating and thermal expansion, an exter- 


~ nally applied tensile load is superimposed on the specimen by 
forcing the specimen supports to lengthen further than the 
_ thermal expansion, Fig. 1(a). This produces curve A of Fig. 
3. Elastic behavior first is developed, followed by plastic de- 
If the specimen is held at 
the high temperature for any length of time, relaxation to 2’ 
may take place. Subsequent cooling of the specimen causes 
a thermal contraction, and this, coupled with a mechanical con- 
; ; traction of the supports tending to shorten the specimen further, 
produces curve A from 2’ to 1’ completing the cycle. At point 
1’, the lower temperature, a compressive stress is developed in 
the specimen. It is presumed that no relaxation takes place at 
the lower temperature. The next cycle, curve B, starts out in 
- compression and shifts to tension as the temperature and me- 
chanical strain are increased to 2’’, followed by relaxation to 2’’’, 
- then thermal and mechanical contraction to 1’’. Subsequent 
cycles are assumed to follow a stable path 1’ — 2’’’ — 2’ — 
_ 1’ with only very small changes as cycling progresses. 


TRANSACTIONS OF THE ASME — 


THERMAL CycLING OF CONSTRAINED P1pInG STRUCTURES 

The detailed explanation of the cycling behavior in simple 
specimens is warranted as preparation for considering the 
cycling behavior of more complex structures under constraint, 
such as pipe assemblies. In attempting to understand the be- 
havior of these more complicated systems, it is convenient to— 
consider the stress and strain behavior of critical portions of the 
structure when isolated as free bodies. These sections may be- 
have exactly as described in the foregoing. In the discussion 
that follows, the problem is greatly simplified by considering that — 
the stresses in the pipe assembly are the result of bending mo- 
ments in the same plane. 


The structure shown in Fig. 4(a) is used to demonstrate the | _ 


problem under consideration in the present paper. The system 
is to be thermally cycled between temperatures 7; and 72. 
Initially, the structure is stress-free and held at temperature 
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7; at which point it is rigidly constrained. Of particular interest _ 
are the stress-strain relationships at A and B during subsequent _ 
cycling. At point A subsequent heating to 7, develops a posi- 
tive thermal strain. 
structure, forces and bending moment result, the principal effect 

of which is to develop bending stresses at A and B—tension at A © 
and compression at B. Correspondingly, these stresses produce 

mechanical strains at A and B, which are either entirely elastic — 
or both elastic and plastic in nature. Thus at A the thermal | 
strain and the mechanical strain are both positive, while at B 
the thermal strain is positive and the mechanical strain nega- 
tive. Hence, as far as the behavior of elemental particles at A 
and B is concerned, the same situation exists as exists for the 
two models shown in Figs. 2 and 3. At A, for example, thermal 
cycling of the system always produces thermal and mechanical 
strains which are additive, such as are depicted in Fig. 3, while 
at B the thermal and mechanical strains are opposite in sign, 
as illustrated by the simpler model of Fig. 2.5 As a result it 


5 Actually a slight difference exists, since in Fig. 2, clamping first 
occurs when the system is hot, while in the example of Fig. 4 the 
system is cold. This difference has been shown to be insignificant 
in so far as the effect on the fatigue life is concerned (reference 13, p. 


Because of the constraints applied to the __ 
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appears that both kinds of cycling are important in — 
thermal-stress fatigue in piping systems. Since fatigue is felt 
by some to be primarily the result of tensile strain, it was postu- 
lated that it may make a difference whether tensile strain occurs 
at the hot or cold end of the cycle. This is the reason for in- 
vestigating the first portion of the program outlined in the In- 
troduction. 

One other point is significant in considering the thermal- 
As mentioned previously, the 
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stress cycling of piping systems. 
additive or opposing nature of the thermal and mechanical 
strains is important. In addition, the relative magnitudes of 
these strains are equally important when considering eventual 
fatigue. Referring to Fig. 4, two expansion loops are shown, 
each having the same dimensions except for the amount of ex- 
tension of the loop. Assuming that each is subjected to the 
same thermal-cycling conditions, so that the thermal expan- 
sions developed at A and B in going from the low to high tem- 
peratures are the same, then the mechanical strain for system 
(b) is substantially less than in (a). This is because of the 
increased flexibility of (b). Hence, although the thermal strains 
are the same in each case, the difference in mechanical strains for 
each system will have a profound effect on the comparative 
fatigue resistances. This, then, is the significance of the second 
phase of the investigation. 


DETAILED OBJECTIVES OF THE EXPERIMENTAL PROGRAM 


The elementary discussion given in the previous section is by 
way of defining more clearly the two objectives of the present 
investigation outlined briefly in the Introduction. As mentioned 
earlier, the KAPL program as reported in references (12) and 
(13), gave results of experiments using thin-walled tubular speci- 
mens of AISI Type 347 stainless steel subjected to constrained 
thermal cycling. The method of test was exactly that described 
in detail by the model of Fig. 2. Although the results of this 
investigation tied in closely with the deliberations of the Task 
Force on Flexibility, it was felt that, in general, piping structures 
behaved somewhat differently (as described previously), and 
that further work in these areas might lead to a more general 


verification of the new design philosophy in the Code. As a 


result, the specific experimental program agreed upon was: 


1 Thermal Cycling With Tensile Stress at High Temperature. 
Using the same type of specimen and material as in the earlier 
work (12, 13) tests would be carried out in which tension was de- 
veloped at the high temperature and compression at the low 
temperature of the thermal cycle. With this exception the tests 
were to be directly comparable to the earlier work, where the 
stress was compressive at the high temperature, and a sufficient 
number of tests was to be undertaken to establish a curve com- 
parable to that in Fig. 5. 

2 Thermal Cycling With High-Temperature Range, but With 
Low Strain Range. In this work it was requested that the 
specimens and material used earlier be subjected to a single 
range of temperature cycling of 100 to 600 C (212 to 1112 F). 
At the same time the elastic and plastic strain range was to be 
decreased from that of full constraint to much smaller values. 
It was suggested originally that the strain ranges to be con- 
sidered be from 0.0005 in/in. to 0.004 in/in. to encompass the 
range of normal piping design. It also was requested that the 
cycle be such that tension occurs at the high temperature. In 
later correspondence it was pointed out that the very low strains 
(less than 0.002 in/in.) would require very long periods of time, 
and did not seem practical in view of the limited time available 
to complete the program. For this reason, strains from 0.0025 
in/in. to 0.01 in/in. were included. 

Test EquipMENT 

To carry out both phases of the foregoing program, it was 
decided that the desired results could best be achieved by modify- 
ing a strain-cycling machine built recently at KAPL. This 
machine was devised to produce strain cycling of laboratory-size 
test specimens by mechanical means. The apparatus is shown 
in Fig. 6. In the figure the specimen is shown in the upper 
center of the apparatus. The upper end flange of the specimen 
can be clamped rigidly to the top of the framework and the lower 
end flange to a weigh-bar assembly. The weigh bar is simply a 
1/,-in-diam steel bar with resistance-wire strain gages mounted 
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6 Test APPARATUS 


longitudinally. Since it is in series with the specimen, it meas- 
ures the stress applied to the specimen. The bottom of the 
weigh bar is bolted to a reciprocating base driven by a Scotch- 
yoke mechanism. A gear-driven eccentric shaft passes through a 
close-fitting bronze piston, which in turn slides snugly in the 
base. Thus rotation of the eccentric shaft transmits a recipro- 
cating motion to the base. By changing the degree of eccen- 
tricity of the shaft, the throw of the reciprocating base can be 
changed. 


The temperature cycling of the specimen can be carried out 


independently of the mechanical motion. By insulating the 


_ weigh bar from the reciprocating base, the specimen can be 


Cooling is effected by an air 
A 


heated by electrical conduction. 
stream directed on the internal surface of the specimen. 


ing thermocouple is spot-welded to the tube wall. Electrical leads 


and air connections are shown in the figure. The temperature 
cycle is controlled by means of a Brown temperature recorder 


_ to provide both high and low temperature control. 


The phase relationship between the temperature cycle and the 
mechanical motion of the base plate is accomplished by micro- 
switches operated by cams mounted on the large gear. One 
microswitch actuates the heating of the specimen and the other 


its cooling, and these are located about 180 deg apart on the 


gear. The phasing of the heating and cooling cycle with the 
mechanical position of the base can be adjusted according to 


the kind of test desired. 


Actuation of the microswitches initiates either the heating or 


_ cooling process. Voltage across the specimen is adjustable so 


that the rate of heating can be preset. When a predetermined 
temperature is reached in the heating cycle, the electrical circuit 
is opened. The air-blast cooling of the specimen begins some- 
time thereafter, by activation of the proper microswitch by the 
cam attached to the eccentric shaft. Air cooling proceeds until a 
desired low temperature is reached, at which the air is shut off. 
Soon thereafter the heating microswitch is actuated to repeat the 
cycle. 

Malfunction of the thermal cycle would make a particular 


added to the system. A control device was developed and 
employed which shut off the apparatus if the preset upper tem- 
perature was not achieved or if the specimen temperature ex- 
ceeded the upper preset temperature by 25 C (45 F). The device 
also served to shut down the equipment when fatigue failure of 
the specimen occurred. 

It will be noted that two dial gages are mounted on the appa- 
ratus. The lower dial gage measures the motion of the lower base, 
which because of play in the mechanism does not quite equal the 
shaft eccentricity. The upper dial gage measures the relative 
motion between the upper and lower ends of the specimen. 
Thus, before the specimen is rigidly clamped, this gage indicates 
the thermal strain in the specimen. 

In the first portion of the program (described in the preceding 
section), the temperature cycle is adjusted to be in phase with the 
displacement of the lower head. Thus the thermal strain and 
the mechanical strain are additive as desired. For the various 
mechanical strains needed to obtain the required fatigue curve, 
shafts with various eccentricities are used in accordance with 
Table 1. To explain this table, a total strain is first defined as 
the range of displacement of the reciprocating base divided by 
the gage length. This total strain can then be broken down into 
its two components—the thermal strain and a mechanical strain. 


The thermal strain is determined only by the temperature range 


and the thermal expansion of the material. The mechanical 
strain is that produced by elastic and plastic action. Hence 
in Table 1 the mechanical strain is found by subtracting the 
thermal strain (using a= 20 X 10-*/deg C or 11.1 K 10-*/deg 
F) from the total strain. These mechanical strains in Table 1 
are equal to those used in the earlier program where the total 
specimen strain is zero and the thermal strain is equal, but oppo- 
site in sign, to the mechanical strain. 

The second program, that of cycling with a high temperature 
range but with a low strain range, is accomplished in the same 
machine. The thermal and mechanical strains are additive as 


before, but the thermal strain is maintained at constantamplitude => 


while the range of the mechanical strain is varied in magnitude. 
Hence the only difference between the first and second programs 


| 
| 


TABLE 1 


OCTOBER, 1957 


eccentricity, total strain 
in. 
0.010 
0.016 


0. 


Temperature 

range 

deg 
250 (225-475) 
300 (200-500 ) 
350 (175-525) 
400 (150-550) 
450 (125-575) 
500 (100-600) 


is the choice of eccentric shaft used in conjunction with the 
temperature cycle. Table 2 gives the relationship of the shaft 
eccentricity and mechanical-strain change for a temperature 
cycle of from 100 to 600 C (212 to 1112 F). For both test pro- 
grams the frequency of cycling is set at about two per minute. 


MATERIAL AND SPECIMEN DEsIGN 


Certain minor changes have been made in the specimens being 
used in the present program, and include the following: 


1 The specimens used in the present tests were fabricated 
from Type 347 stainless-steel tubing '/, in. ID X */s in. OD, 
while the earlier tests were fabricated from 2-in-diam bar stock 
The specimen ends are brazed. Fig. 7 shows the new specimen 
design. 

2 It will be noted in Fig. 7 that the wall thickness of the 
specimens is 0.030 in. In former tests the wall thickness was 
0.020 in. The increase was made to reduce nonuniformity in 
cross section along the specimen length and to reduce the tend- 
ency for buckling from strain cycling at the higher strain levels. 

3 Techniques of manufacturing the specimens have improved 
so that better surface finishes are now being obtained in the 
present specimens. Also, better control in longitudinal varia- 
tions of outside and inside diameter is being achieved. 
aAt | 
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Fic. 7 Test Specimen 
ns were heat-treated and brazed in the same operation 
by heating to 1100 C (2012 F) for '/: hr in a hydrogen furnace 
followed by rapid cooling. Subsequent to final machining, the 
specimens were reheated to 1050 C (1922 F) and held for 15 
min followed by rapid cooling for annealing purposes. A photo- 
micrograph of the tube wall is shown in Fig. 8, revealing a fairly 
fine-grained structure. The sample was overetched to produce 
contrast for suitable reproduction. 
Following the final annealing of the specimens, the internal and 
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0.005 
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Mechanical 
strain range 


Thermal 
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range 
0.010 
6.012 
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0.016 
0.018 


0.010 
0.012 
0.014 
0.016 
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0.010 
0.010 
0.010 
0.010 
0.010 
0.010 


0.000 
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0.008 
0.010 
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external walls were polished longitudinally by hand with fine 
emery to remove minor circumferential defects. 


EXPERIMENTAL PROCEDURE 


The procedure used in carrying out the test programs was 
somewhat similar to that described in reference (12). A chromel- 
alumel thermocouple was spot-welded lightly to the wall of the 
specimen at mid-length for temperature control. Following 
insertion of the proper eccentric shaft and the test specimen into 
the apparatus, temperature cycling was begun and adjusted to 
obtain the desired thermal strain range as given in Table 1 
or Table 2. Some 50 to 100 cycles were run with the specimen 
unclamped at the top to insure stability in operation and to 
permit measurement and adjustment of the thermal strain. 
The dial gages were used to measure the relative motion of the 
upper and lower ends of the specimen, and from these data the 
thermal strain could be calculated. Finally, the upper end of 
the specimen was clamped in order to transmit mechanical strain 
from the machine to the test specimen. The clamping operation 
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was carried out at the low temperature (point 1 in Fig. 3) to 
. produce tension during the first loading of the specimen. 

During the course of the test, measurements were made of the 

- net specimen strain by means of the upper and lower dial gage. 
tt In order to determine the effect of the number of cycles on the 

stress range, the stress range was measured during the test, most 

often during the first few cycles. 

Although the speed of the machine could be varied, during all 
the tests the frequency of cycling was two per minute. Only one 
test was carried as far as 100,000 cycles, and this required some 
35 days to perform. Since only one machine was available, it 
was necessary to establish mechanical strain ranges which would 
permit, on the average, tests whose duration was less than 10 
days or 30,000 cycles, to permit completion of the program in the 
time limits established by the contract. The spectrum of cycles 
to failure covered from 10° to 10° cycles which matched the 
previous program (13). 


-- Because the material tested was from a new lot of stainless steel, 


_ it was felt necessary to repeat the fully constrained tests reported 
in reference (13) to obtain a more accurate measure of the 
comparative effect of thermal cycling with the upper temperature 
in tension versus compression. This was done in the present 
apparatus, using a concentric rather than an eccentric shaft to 
prevent motion of the base. Thus, with the specimen constrained 
without longitudinal motion, thermal cycling could be accom- 
plished using the existing temperature-control system. i 

EXPERIMENTAL RESULTS 

A limited number of tests was run to compare the material 
and test method with that of the earlier tests. Results are given 
in Fig. 9. In this figure the cycles to failure determined by 
complete specimen failure are plotted against the mechanical 
strain. The mechanical strain in this case is derived from the 
thermal deformation of the specimen less any play in the supports. 
Both of these deformations are measured by the dial gages. 

_ The equivalent temperature range is also given as the ordinate. 
It will be seen that the present specimens exhibit a measurable 
improvement in resistance to constrained thermal cycling. 
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This can be attributed principally to improved specimen fabrica- 
tion and surface preparation. 

Data were obtained using the settings of Table 1 to complete 
phase 1 of this investigation. Comparison of the results of these 
tests with the previously-mentioned fully constrained specimens 
which developed compression at the higher temperature is given 
in Fig. 10. Here, as in Fig. 9, cycles for complete failure are 
plotted against the mechanical strain and the nominal equivalent 
temperature range. The mechanical strain for those specimens 
in which tension is produced at the elevated temperature is 
calculated from dial-gage measurements of the mechanical dis- 
placement range less the thermal deformation range, as indicated 
in Table 1. Note that the strains indicated in Table 1 do not 
correspond precisely to the test points in Fig. 10. This is because 
of clearances in the eccentric shaft and other play in the system 
which is not accounted for in Table 1. To correct for this play, 
in some cases the shaft eccentricity was increased while in others 
the temperature range was decreased so that the mechanical and 
thermal strains were equal. In addition, adjustments were 
necessary because of the difference between the assumed and 
actual coefficient of expansion. This point is discussed later. 

Test results for phase 2 are given in Fig. 11, together with the 
results of phase 1. In carrying out these tests the schedule 
outlined in Table 2 was followed in general. In some cases, 
corrections for clearance and play could be achieved by using a 


shaft with a greater eccentricity; in others it was also necessary 


to add extra play by allowing the top grip to move slightly be- 
tween two fixed limits. In all cases the specimens were ther- 
mally cycled between 100 and 600 C(212and1112F). A distinct 
difference in results is noted in Fig. 11, indicating that for the 
same mechanical strain range, temperature range has a significant 
effect on failure by fatigue. 

It will be seen in Fig. 11 that the two curves are drawn to 
converge at some particular mechanical strain range. This 
should occur when, for the partially constrained tests, the thermal 
strain equals the mechanical strain. In planning the tests, it 
was assumed that the thermal-expansion coefficient @ was 20 X 
10-*/deg C (11.1 X 10-*/ deg F), which, for a temperature 
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cange of 500 C (900 F), corresponds to a thermal and mechanical 
strain range of 0.01 in/in. This strain would then be the point 
of convergence. The average thermal-expansion coefficient 
measured during the tests, however, was 21.6 X 10~*/deg C 
(12 X 10-*/deg F). Hence the two curves should have a 
common point at the mechanical strain-range value of a, or 
0.0108 in/in. 

The difference between the assumed and actual thermal- 
expansion coefficients, in addition to play and clearances dis- 
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cussed in the foregoing, produces further modifications in Tables 


land 2. For example, an equivalent total strain range of 0.020 
in/in. in Table 1 corresponds to an actual temperature range of 
462 C (832 F) for a mechanical and thermal strain range of 
0.010 in/in., while in Table 2, the same equivalent total strain 
range for a 100-600 C (212-1112 F) cycle produces a thermal 
strain range of 0.0108 in/in. and a mechanical strain range of 
0.0092 in/in. 

Although Figs. 10 and 11 summarize the principal results of 
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this investigation, other results of interest were obtained. As 
was mentioned earlier, stress-range data were obtained during 
the test, and the relationship of stress range to cycles to failure 
is given in Fig. 12 for the two programs. As will be seen subse- 
quently, the stress range varies somewhat during the test, so 
that for the sake of consistency the value of the stress range at 
1000 cycles of loading is used. From the test data plotted in 
Fig. 12, it is apparent that there is no significant difference in 
stress range as a cause of fatigue failure in the three kinds of tests 
conducted. 


It is also of interest to examine the relation of the stress range 
to the mechanical strain range for each specimen at a fixed num- 
ber of cycles. These data are of interest in determining the 
degree to which the temperature range affects the stress-strain 
relationships during, cycling. The curve representing the 
accumulated data for all the specimens tested in one program 
forms a stress-strain curve just as a stress-strain curve can be 
constructed for monotonic loading conditions. Results are 
shown in Fig..13 at 1000 thermal cycles. It is noted that a 
significant difference exists between phases 1 and 2, indicating 
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that for the same mechanical strain the temperature range has 
an effect on the stress range. The effect found here is particu- 
larly interesting in that an increase in the temperature range re- 
sults in an increase in the stress-range curve. 

Finally, the change in stress range during the cycling of any 
one specimen is of significance, since it indicates the degree of 
strain-hardening (or softening if the material is cold-worked) 
taking place during the strain-cycling process. Fig. 14 is in- 
cluded and gives resuits typical of all the tests performed. The 
strain range and thermal-cycling conditions are given for each 
specimen tested. In the figure, strain-hardening curves for 
corresponding strain ranges are compared for the three kinds of 
tests performed in this investigation at two comparable me- 
chanical-strain ranges. 


Discussion OF RESULTS 


With reference to Figs. 10 through 14, one finds a considerable 
degree of scatter in the test results not found in the earlier tests 
(Fig. 5). This can be explained from the fact that the number 
of test parameters imposed on a particular specimen has been 
increased by the method of test employed in the present investi- 
gation. It will be recalled that the specimen is subjected to both 
a mechanical and a thermal cyclic strain. In order to achieve the 
test conditions, the ratio of these two cyclic strains must be 
equal at all times. This implies, necessarily, that each strain 
component have the same wave form. Actually, the shape of the 
heating and cooling curves is difficult to maintain from test to 
test. Moreover, these curves are different in shape from the 
mechanical strain curve. Therefore it is difficult to establish 
exactly the same cyclic conditions from specimen to specimen, 
with the result that control of all test conditions is more difficult 
in this kind of experiment than in most fatigue testing, where 
the number of imposed variables are fewer. 

The significance of Fig. 10 is of particular importance to piping 
structural design for AISI Type 347. Here the effect of the 
mechanical strain range with cycles to failure is given for full 
constraint® conditions where either tension or compression exists 

* Here full constraint is referred to as the degree of constraint exist- 


ing in a system where the developed mechanical strain is equal in 
magnitude tothe thermal strain, 
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1000 10000 


under hot conditions. It would appear that a pipe under cyclic 
bending moments induced by thermal fluctuations has about 
the same degree of susceptibility to failure on both sides of the 
pipe regardless of whether tension or compression exists under hot 
conditions. There seems little reason to believe that this would 
not be generally true. From the point of view of design, this be- 
havior greatly simplifies design procedures. 

The noticeable difference in the results of Fig. 11, in which 
fatigue failure by thermal cycling with full constraint and vary- 
ing temperature ranges is compared with failure by fatigue from 
cycling with a fixed temperature range and partial constraint, is 
of both practical interest and fundamental importance. From 
practical considerations it appears that a reduction in fatigue re- 
sistance takes place for Type 347 stainless steel when a particular 
mechanical strain range is maintained and the temperature range 
is increased. Whether other materials, particularly ferritic 
steels, would behave similarly remains to be investigated. 

An explanation of the difference in behavior is not clear at the 
present time. When the temperature range is increased, for the 
same mechanical strain and mean temperature, it would be ex- 
pected that the stress range would decrease. This is because 
the flow-stress curve decreases with increasing temperature. 
Actually, the stress range is found to increase with the increasing 
temperature range and the same mechanical strain range, Fig. 
13. This is most clearly seen in Fig. 14, where the progressive 
change in stress range with cycles is given for the various methods 
of thermal cycling. In comparing the behavior of specimen 8T-3, 
cycled with a mechanical strain of 0.00615 between 100 and 600 C 
(212 and 1112 F), with 8T-6 or 8T-15, cycled at nearly the same 
mechanical strain at temperatures between 200 and 500 C (392 
and 932 F), the progressive increase in stress range for 8T-3 is 
much more pronounced than for 8T-6 or 8T-15. On the other 
hand, the effect is less pronounced when the temperature ranges 
are more nearly alike, such as is found in 8T-11 and 8T-10. 

The more severe hardening process which occurs when the 
temperature range is increased apparently is related to some 
metallurgical changes in the structure associated with the strain- 
cycling process. This particular problem is not part of the pres- 
ent program and hence a more detailed investigation of the 
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effect has not been carried out. The important point here is 
- that subtle metallurgical changes resulting from exposures at ele- 

- vated temperatures in structures not at thermal equilibrium may 
vy, have a significant effect on resultant mechanical properties, such 


as the thermal stress-fatigue resistance Little work has been 


done i in studyi ing changes 


Se. 


It may well be that for metallurgically unstable omar these 
changes will occur at lower temperatures than otherwise, be- 
cause of cyclic plastic strain. This problem needs to be in- 
vestigated more thoroughly for materials of practical interest, 
particularly when design procedures are employed which recog- 
nize fatigue as a basic mechanism for failure. 

The test results given in Fig. 11 can be represented by equa- 
tions of the form 


ite k and C are constants, N the cycles to failure, and Ae, the 
plastic-strain range. The more general application of this 
equation was discussed in reference (15), 
For program 1, test results give iT? 


N°-*Ae, = 0.055 


yell 


&¢ 


a for program 2 the equation for the test data is 


N-*A€, = 0.038 


The constants in both these equations are lower than those found 
earlier (13). This is attributed to the fact that the greater 
scatter in the data requires more tests, particularly at very high 
and very low mechanical strain ranges, to determine these con- 
stants accurately. 

Examination of Fig. 12 indicates that regardless of the thermal- 
cycling procedure employed, a single stress-range-cycles to 
failure curve can represent the test data. This is probably a 
result of the fact that at fairly high mechanical strain ranges, such 
as those employed in the present tests, the stress range is a less 
sensitive variable than the mechanical strain range in determin- 
ing failure by fatigue. In Fig. 13, where the stress range at 1000 
cycles is plotted against the strain range, this is readily seen. 

The data given in Fig. 12 can be expressed according to 
Markl’s formulation, Equation [1]. The result is 


SN0-0% = 134,000... 


The difference in exponent between Equations [1] and [7] proba- 
bly stems from the fact that Equation [7] is based on the actual 
stress range while Equation [1] is based on data derived from 
elastic considerations. Hence a better method of comparison 
with Equation [1] would be to determine the equivalent elastic- 
stress range for the test data by multiplying the mechanical strain 
range by £, the elastic modulus. Thus, in comparing the present 
experimental data with design calculation on an elastic-stress 
basis, modified equations should be employed. For phase 1 
(full constraint, tension at high temperature) with EF = 25 x 10° 
psi, this is 


SN®-*! = 1.12 < 106 
while for phase 2 (partial constraint, tension at high temperature) 
= 1.152 108 


Note that these equations, in so far as exponent is concerned, 
agree quite closely with that of Markl. In comparing the con- 
stant C of Equations [8] and [9] with the constant derived from 
the results of Stewart and Schreitz, care must be taken to use the 
stress range, rather than '/, the stress range. Thus for AISI 
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Type 347 stainless steel at 1050 F, the full stress range gives a 
value of 367,000 psi. This is lower by a factor of 3 than the 
constant term of Equation [8]. 

Another point to be considered with regard to Fig. 12 is the 
magnitude of the measured stress range ‘in relation to published 
high-temperature fatigue-strength data for this type of ma- 
terial. For example, for AISI 304 stainless steel at 1000 F the 
fatigue strength at 10’ cycles is listed as 32,000 psi (17). This is 
equivalent to a stress range of 64,000 psi. From Fig. 12, failure 
in 100,000 cycles occurs for measured stress range of only 45,000 
psi. Hence the measured stress range is not comparable to high- 
speed fatigue data. On the other hand, in Fig. 11 a mechanical 
strain range of from 0.0027 to 0.0038 in/in., depending on the 
cycling procedure, is found at 100,000 cycles. This is equivalent 
to a calculated elastic range of 62,500 to 95,000 psi. These stress 
ranges when extrapolated to 10’ cycles are more in line with con- 
ventional fatigue data. 

The particular significance of the foregoing comments is that 
there appears to be agreement of the present test data with other 
test results when the comparison is made on the basis of strains. 
There is poor agreement when stresses are compared. Thus, 
when designing for fatigue resistance of piping structures, re- 
sults of the present investigation can be best related to existing 
elastic design procedures either by converting the mechanical 
strain (elastic plus plastic) to an equivalent elastic stress and 
comparing this with the design stress, or by converting the de- 
sign calculated stress to an elastic strain and comparing this 
with the experimentally obtained mechanical strains. 


SuMMARY 


The facts obtained from the experimental program or brought 
out in the foregoing discussion of this program may be sum- 
marized as follows: 

1 In constrained thermal cycling of AISI Type 347 stainless 
steel there is no significant difference between the case in which 
tension exists at the high temperature and the case in which com- 
pression exists at the high temperature. 

2 Under conditions of thermal cycling when the temperature 
range is held constant, a decrease in the mechanical strain range 
increases the number of cycles required for failure by fatigue. 

3 When comparing results of thermal cycling with full con- 
straint and partial constraint, a noticeable difference is found 
from examination of the mechanical strain range, the difference 
being that for the same mechanical strain range, increasing the 
temperature range decreases the thermal cycles to failure. 

4 When comparing the results mentioned in item 3 on the 
basis of the measured stress range, no significant difference is 
found for the two methods of cycling. 

5 When considering thermal-stress fatigue in piping struc- 
tures, metallurgical changes induced by cyclic strain should be 
recognized. 

6 In designing piping structures for fatigue, elastically de- 
rived stresses or strains can best be correlated with the results of 
the present investigation by relating the elastic-design-strain 
range to the mechanical strain range. 
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ba Discussion 


_ A. R. C. Marku.? While already inherent in the rules on 
“expansion and flexibility” of the 1942 Code for Pressure Piping,* 
the concept of the stress range as criterion of failure of piping 
under restrained cyclic thermal expansion was first openly recog- 
nized in the 1955 Code. By that time a considerable body of 
evidence had become available on the role of the stress range in 
fatigue caused by mechanical cycling, most of this being derived 


7 Tube Turns, Louisville, Ky. 

® Using symbols defined in the 1955 Code, the allowable combined 
stress due to bending and pressure in the 1942 Code can be expressed 
as S4 + Sip = 0.75f (Se + Sa), where f, however, is not a continuous 
variable as in the 1955 Code, but jumps from 1 for normal operation 
directly to 0.5 for definitely cyclic operation. 
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from room-temperature tests. In formulating the Code rules, 
it was realized that behavior under thermal cycling; i.e., the case 
where mechanical strains are induced by fully or partially re- 
strained thermal expansion and contraction, would probably not 
be entirely the same; but in the absence of pertinent test data 
it was reasoned that the over-all effect would not be too dis- 
similar to permit applying the same laws. This point of view 
was supported, or at least not refuted, by favorable experience 
with design of high-temperature piping installations on this basis 
extending over a period of 25 years. The present investigation 
was instituted to provide a more scientific check of its validity. 

The author is to be highly commended on the ingenuity of his 
test setup, the excellent results obtained therewith, and their 
clear presentation; this paper should prove of great interest to 
everyone concerned with fatigue of metals. In the writer's 
opinion, however, he has not carried the interpretation of his 
data far enough to establish proper correlation with the informa- 
tion on which the Code rules are based. In the following, the 
writer will attempt to supply the missing link. 

From the standpoint of the piping-flexibility analyst, the gist 
of the paper is contained in Equations [8] and [9]. As the author 
has pointed out, these equations agree well with Equation [1] 
with respect to the exponent, but rather poorly with respect to 
the constant. 

In order to enable a more searching comparison, the writer 
has taken the liberty of modifying the author's equations by 
pivoting his straight lines (on a log-log plot) about the point cor- 
responding to N = 7000 in such a manner that the slope is now 
defined by an exponent of 0.2 in all three equations. The value 
N = 7000 has been selected because it describes the highest 
number of cycles for which no stress-range reduction factor is re- 
quired by the Code, and the exponent has been taken as 0.2 be- 
cause the stress-range reduction factor has been approximately 
based on this value. 

The writer further has introduced a stress-intensification factor 
i’ in Equations [8] and [9] to take account of the fact that these 
have been derived from tests on highly polished specimens, 
whereas Equation [1] relates to pipe as installed in an average 
piping system. 

As modified, the three formulas read as follows for AISI Type 
347 stainless steel at 1050 F 


SN®-2 
SN0? = 


367,000... . 
1,110,000/7’. . 


The important difference between the author’s formulation and 
this reformulation of Equations [8] and [9] resides in the intro- 
duction of the quantity i’ which requires further discussion. 
While 7’ is of the nature of a stress-intensification factor, it is 
not the same as the value i used in the Code; there a stress- 
intensification factor 7 = 1 is assigned to plain straight pipe 
joined to other pipe or fittings by a circumferential butt weld, 
or, in other words, straight pipe is used as the reference point 
for other shapes. 

However, it has been shown by tests (5) that the endurance 
strength of plain pipe is not the same as that of polished-bar 
specimens taken from the same material, and that butt-welded 
girth joints introduce a stress-intensification factor of the average 
order of 1.6 as compared with plain unwelded pipe. While the 
trend of the S-N curve for polished bars does not parallel that for 
pipe or fittings, an over-all stress-intensification factor within 
+25 per cent of a value of 2 has been found appropriate for butt- 
welded pipe with reference to polished bars; that this is about 
right, also can be reasoned from the fact that the stress-intensifi- 
cation factor for curved pipe in relation to plain butt-welded pipe 
as determined from bending-fatigue tests closely approximates 


a 
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one half the theoretical stress-intensification factor deduced from 
mathematical analysis. In practice, even higher stress-intensi- 
- fication factors may be obtained in the presence of weld defects.° 
If we adhere to i’ = 2 as a reasonable average evaluation, the 
author’s constants in Equations [8] and [9] would reduce to 
555,000 and 450,000, respectively, in terms of the Code reference 
basis, as compared with 367,000 in Equation [1]. 

Assuming that the difference between 555,000 and 450,000 
comes about through differences in behavior under mechanical 
and thermal cycling, as the author’s investigation would tend to 
show, there still remains an unexplained difference between the 
latter value and 367,000. Not being familiar with the intimate 
details of either the author’s or Stewart and Schreitz’s tests (the 
latter being particularly difficult to interpret because of the many 
changes made in test conditions), the writer is not in a position to 
account for this residual difference. However, too close a correla- 
tion can hardly be expected considering the many differences 
(other than surface condition) between the two test series and the 
uncertainties attendant upon difficult control problems en- 
countered in both: 

1 The author’s tests were run in direct tension and com- 
pression, Stewart and Schreitz’s in bending. 

2 The assemblies used in the two investigations obviously 
differed vastly in over-all elasticity. 

3 In the author’s tests the temperature across the thin tube 
wall may be assumed to have been reasonably constant; by 
comparison, Stewart and Schreitz’s tests probably involved sharp 
temperature gradients, since their primary purpose was to un- 
cover the effects of thermal shock. Moreover, both investigators 
admitted to difficulty in maintaining close temperature control. 

4 The speed of cycling was different in the two test series, 
and it is likely that creep may have significantly affected the 
results of one series and not the other. 

5 Finally, while the materials used were of the same general 
type, they were not necessarily identical as to physical proper- 
ties, chemistry, or metallurgical conditions. 

Summing up this study, it has been demonstrated that the 
author’s Equations [8] and [9] and the writer’s Equation [la] 
can be brought into fair accord, if the constants in the former are 
corrected to the basis used for the latter by application of stress- 
intensification factors reflecting differences in surface condition 
and contour between the test specimens used in the two investi- 
gations from which the equations were derived. What differ- 
ences remain would tend to indicate that Equation [1] errs on the 
conservative side, which would mean that the safety factor availa- 
ble in the Code rules as predicted by the writer (4)” for “ype 
347 at 1050 F represents a low estimate; it possibly does, but 
the writer would prefer to hold to it pending further evidence. 


D. B. RossHem"™ anp J. J. Murpny.'* This paper is a 
fitting sequel to the author’s initial paper, reference (13) of the 
Bibliography, and provides an answer to the two questions 
listed in the “objectives’’ of the experimental program under- 
taken which could not be answered with certainty from the 
initial work. An understanding of the basic principles under- 
lying the fatigue performance of metals under imposed cyclic 
straining in combination with temperature change is essential 
for the establishment of a meaningful design basis for all pres- 
sure equipment. The problem has been most acute in connec- 


*See, “The Influence of Weld Faults on Fatigue Strength With 
Reference to Butt Joints in Pipe Lines,”’ by R. P. Newman, Transac- 
tions of the Institute of Marine Engineers, vol. 78, June, 1956, pp. 
153-172. 

1 See Table 1. 

1! Assistant to Vice-President, Charge of Engineering, The M. W. 
Kellogg Company, New York, N. Y. Mem. ASME. 

12 The M. W. Kellogg Company, New York, N. Y. 
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tion with the design of piping for expansion flexibility and the 
attention which has been focused upon it led to the rules for ex- 
pansion and flexibility now incorporated in the ASA B31 Code 
for Pressure Piping. These rules are in an advanced status com- 
pared to the code rules for pressure and applied external loadings 
inasmuch as they alone treat the problem from a fatigue ap- 
proach with consideration of the influence of high local stresses. 
These rules were developed by reasoning from available fatigue- 
test data at constant temperature, largely room temperature, 
and under applied mechanical strain. 

The author’s initial tests provided much-needed supporting 
evidence that cyclic strain induced by restraining thermal ex- 
pansion could be treated in a similar manner to imposed me- 
chanical strains and would cause fatigue failure. During the 
formulation of code rules, there had been some opinion that for 
high-temperature piping the period at high temperature would 
have a beneficial effect and either prevent fatigue damage or 
restore the material characteristics. Since these initial thermal- 
cycling tests induced compression at the high-temperature end 
of the cycle and tension at the low-temperature end, it was be- 
lieved essential in the ASA B31 Code for Pressure Piping to 
check whether reversal of these conditions would affect per- 
formance; also to investigate the effect of variable strain range 
for a given temperature change, and to authorize the experi- 
mental extension reported in this paper. 

The writers were privileged to be associated with the for- 
mulation of the program and its details and wish to congratu- 
late the author on the proficiency and efficiency with which he 
carried out the program and for his clear and thorough presenta- 
tion. 

As a result we now know that, for practical purposes, we do 
not need to distinguish between compressive and tensile strains 
or between mechanical and thermally induced strains, and that 
the present ASA Code design approach is basically sound. The 
aim of this program was essentially qualitative to establish 
basic principles. However, the author has contributed an 
interesting comparison of his results with those of Mark] in his 
Equation [8] and shows good correlation, except for the equation 
constant, when using a fictitious calculated elastic-stress basis. 
Surface conditions can: explain part of the difference in the 
constant as pointed out in Markl’s discussion. However, both 
Markl and the author could express their equations in terms of 
permissible strain range per cycle and a different constant. 
This would be decidedly preferable since strain range rather than 
stress range has been shown in these and tests by many other 
investigators to be the significant parameter for assessing per- 
formance in the plastic or plastic-elastic range. In deference to 
customary design procedures which evaluate stresses to elastic 
theory, assessment of expected performance by comparison of 
the calculated stress range to an empirical formula such as 
Equations [1] or [8] can be made even for fictitious stresses above 
the yield strength provided it is appreciated that the calculated 
values are then being used merely as an index of strain range. 

While this program has yielded valuable basic data, it does not 
provide all the information needed for the design basis for high- 
temperature piping inasmuch as plastic flow (creep) with time 
at temperature will influence fatigue performance. At the 
present time, in the absence of fundamental test data for this 
effect which cannot be obtained from any short-time tests, the 
ASA Code Committee has established rules based on reasoning 
and have made the permissible stress range a function of the 
allowable stress at room temperature and the long-time allowa- 
ble creep or creep-rupture stress. More basic data in this 
range are greatly needed. 

While comments in this discussion and in the paper have been 
directed toward the usefulness of the fatigue approach in piping- 
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flexibility design, the basic data developed are broadly applicable 
to all equipment and will permit extension of the approach for 
design assessment of the influence of all types of cyclic loadings 
on equipment performance, a step which is fast becoming an 
absolute necessity with the advent of nuclear applications. The 
writers shortly expect to present a paper illustrating how this 
can be integrated into a co-ordinated design approach. 


AvuTHOR’s CLOSURE 


The author wishes to thank Messrs. Markl, Rossheim, and 
Murphy for their discussions to this paper. Since they have for 
many years been active in the continuing study and improve- 
ment of the design basis for piping structures, the comments 
they have made in relating this paper to their fields of interest 
and competence are particularly appreciated. 

There appears to be one point, brought up in both discussions, 
which requires further comment. This pertains to the inter- 
pretation of the results for the laboratory conducted tests given 
here, to those obtained for engineering structures. In particular 
the designer is interested to know the factors contributing to the 
difference between the results of these tests and those found in 
service, such that he can utilize this information more effectively. 
Actually it was not the intent of the investigation to determine 
such information, but rather, to obtain under carefully controlled 
laboratory conditions the effect of cyclic stress (or mechanical 
strain) and temperature. This objective, it is the author’s 
belief, has been adequately stated in the paper and is further 
emphasized in the discussion of Messrs. Rossheim and Murphy. 
The effect of material, heat-treatment, surface condition, shape 
and size, type of joint, etc., all influence the results quantitatively. 
The test results given here have not been obtained with such 


variables in mind; these should be found from a program care- 
fully formulated for that purpose. One fault of many experi- 
mental investigations is to make the objectives of the program 
so broad that severe dilution results and very little gain in 
knowledge is realized. It is to the credit of the Task Force 
that the objectives were limited sufficiently so that the desired 
results could be achieved. 

Nevertheless, it is tempting to interpret the results in terms 
of engineering materials and service environments, Unfortu- 
nately, when dealing with a phenomenon such as fatigue, at best 
this can be done qualitatively. It is well recognized that 
fatigue is a highly selective process. Imperfections which 
escape normal visual inspection play a major role in the results 
obtained. Shape, prior history of the material, and corrosive 
effects of the environment act to increase the selectivity of the 
phenomenon. This is admittedly of little help to the engineer 
in search of design information; however, it is perhaps wiser to 
admit ignorance rather than to make an evaluation that might, 
because of that ignorance, result in misinformation. 

In the experiments reported here, great care was taken to 
eliminate as many variables as possible which contribute to the 
selectivity of the fatigue process. Surface conditions and 
material quality are two sources for the difference between the 
present tests and those of Stewart and Schreitz (represented by 
Equation [la]). Other possible causes for the difference are the 
effect of size (the results of Stewart and Schreitz were obtained on 
full-size pipe), uncertainty in calculation of mechanical strains, 
and the various items listed by Mr. Markl. Most of these 
factors would tend to bring the two sets of experiments closer 
together; the effect of direct stress versus bending would te tend to 
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and Scanner—Neches 


Information Center With Automatic 
Power Station, 


States Utilities Company 


By J. A. REICH! ano W. B. GURNEY,? BEAUMONT, TEXAS 


me Neches Power Station of the Gulf States Utilities Com- 
pany in Beaumont, Texas, has six relatively small turbine- 
boiler units. After installing an information system 
(which includes alarms, scanners, and a logger), sufficient 
personnel were released to man new large modern units. 
The installation is expected to pay for itself in three 
years and to increase over-all plant economy. Hourly 
unit efficiencies are computed and recorded. 


INTRODUCTION 


HE Neches Power Station of the Gulf States Utilities Com- 

S b= at Beaumont, Texas, has a generating capability of 
274 mw from six generators and 111 mw from the new 

The eighth unit, another 111 mw is now under 
construction. With many new modern units being built on the 
system, it became economically necessary to modernize the 
older stations and also to obtain experienced men to operate 
This was accomplished by installing an 

information system which is designed to accomplish the following. 


seventh unit. 


PART 1 
PURPOSE OF INSTALLING THE INFORMATION CENTER 


(a) It brings all important operating information to one cen- 


(b) It eliminates all possible log sheets and charts except 
_ those in the control room. 
(c) It should improve individual unit and total plant ef- 
ficiency and economy. 
_ (d) It relieves as many trained personnel as possible to op- 
_ erate many new units being installed. 
(e) It supplements present instrumentation and equip- 
ment without replacing any. 
_ (f) It reduces operating costs of old generating units close to 
_ that obtained in new modern generating units. 


DESCRIPTION OF THE INFORMATION CENTER 


Fig. 1 shows the information center. Note the typewriter at 

_ the right. Fig. 2 is a closer view of the panel. Upper left is the 

0 point local panel alarm of retransmitted alarms from 21 

panels located in the plant. If any of these alarms sounds, the 

operator must telephone to or go to that panel located some- 

where in the plant. These 21 panels cover more than 180 func- 
tions of level, temperature, pressure, tripouts, and so on. 


1 Production Manager, Gulf States Utilities Company. 

? Superintendent of Results, Gulf States Utilities Company. 
Mem. ASME. 

Contributed by the Power Division and presented at a joint 
session of the Power and Instruments and Regulators Divisions, 
at the Annual Meeting, New York, N. Y., November 25~30, 1956, 
of THe AMERICAN Society OF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, 
November 23, 1956. Paper No. 56—A-219. 


INFORMATION CENT 


AND JACKS 


The upper right panel covers 28 individual alarms either very 
important or not taken care of bv the local panel alarm. 

In the center under the clock is the bearing temperature- 
scanner panel covering 109 high-speed sleeve bearings. These 
include bearings on the generator, exciter, turbine, turbine 
thrust, boiler feed pumps, forced and induced-draft fans. 

This bearing scanner is entirely separate from the logger and 
its scanner. In all cases adequate spares are provided for future 
demands. Scanning is done once every 15 minutes but may be 
made much faster if desired. 

Below the alarms are located the 14 two-pen trend recorders 
with two spare locations for future expansion. These trend 
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recorders have 30-day charts. They are not absolutely ac- 
curate and they are intended for trend observation of instan- 
taneous conditions and past history of important functions. 

On the top row of recorders is the output in net kw and the 
input in gas Btu for total plant and for each turbine-boiler unit. 

On the lower row is recorded the cfm of gas from our two gas 
supplies and the feedwater flow and superheat temperature at 
each boiler. 

Two of the two-point trend recorders can be jacked into var- 
ious functions from the patch panels shown below the trend re- 
corders. 

The left-hand patch panel contains any log point other tha 
temperature and those points already trend recorded. 

The middle patch panel contains only temperatures which 
also can be logged on the typewriter. 

The right-hand patch panel contains bearing temperatures 
only and may be plugged into the lower right-hand trend re 
corder. 

It is important to note that all the alarms, trend recorders, an 
jacks operate independently of or in parallel with the logger and 
its typewriter. Thus, even if the typewriter is not functioning, 
any of its points may still be trend recorded. Fig. 3 is a detail 
of the bearing-scanner panel. 

In front of the panel is the typewriter, Fig. 4, which logs 111 
points hourly or on demand. This takes three minutes. Scan 
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ning goes on continuously, when logging is not being done, at 
the rate of a complete scan every 30 seconds. 

Off-normal points are logged in red and reprinted below in the 
off-normal section in red; showing time, point number, and its 
value. Red numbers sound an alarm. Upon returning to 
normal, the red figures become black in both the log section and 
off-normal section. When the typewriter is not typing, the log 
sheet stays in the bottom or off-normal section to expose the 
log sheet for reading and to be ready to print ‘off normals.”’ 

Twenty-four hour totals for kw and Btu are reported at 

1 of each 24 hours just above the off-normal section. 


the 


\ 


Loc SuHeet Repvaces Orner Loc SHEETS 
AND CHARTS 


Fie. 5 


. 6 Center Loo SHeer Reptaces CHarts anp Strunc-Up 
Loc SHEETs 


: 
2 
a 
“4 
=> 
= = 7 
— 
| 
2 PANEL 
- 
AUTOMATIC TYPEWRITER AND Loc S#EET 


ME 


TRANSACTIONS OF THE AS 


% 


” 
mm 


amen 
of 


of 


| 

| 


8 eer 
6 


88 


| 


32233233 


POSER SSSR ase 
ERPERSERES are 
EE 22 
SEE 


He 


EERE 


RE ABR 


CREE 
RAE 


RSE FER 


EERE 
EP SSEESE SP 


ap 3p 


EER 
PET 


a] RES 


SRS 


TaBLE 2 OPERATING PERSONNEL OF THE NECHES STATION 


—After CIS—8 units—486 mw 


—6 units—264 mw with CIS—. ——2 units—222 mw*—— 


Before C.1.8.— 
6 units—264 mw 


Operating engineers...... 
Station engineers......... 


t operators. . 


(foreman)......... 
quipmen 


5 Control operator 
E 


Tad 


4 Second firemen....... 
5 Second firemen....... 
4 Second firemen....... 

Switchboard operators. 
4 Turbine engineers... 


5 Head firemen........ 


5 
4 
5 


Head firemen A.......... 
Head firemen B......... 
Second firemen A. 
Switchboard operators. 


Second firemen B... . 


Turbine engineers........ 


it operators. . 


uipmen 


4 


5 Auxiliary operators... 
4 Relief operators. ..... 


5 Turbine operators..... 


5 
4 
4 


pers senior. . 
persA...... 
Operator’s helpers B..... . 


peratorsA..... 
ratorsB..... 


Auxiliary o 


Operator’s hel 


Turbine operators........ 
Auxiliary o 


Operator’s hel 


41 Total. 


* No additional engineers required with the two additional units. 
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The log sheet, Table 1, is shown in detail. It includes hourly 
net kwhr output, Btu input, and computed efficiency in Btu 
per net kwhr for each boiler-turbine unit and for total plant. 
Including the alarms, bearings, trend recorders, and the log, 
over 450 points are monitored at the information center. Two 
hundred twenty of these are or can be trend recorded. 

Table 2 shows the operating personnel before and after the in- 
stallation of the information center. It will be noted that 13 men 
have been relieved to operate the two new 111-kw units Nos. 7 
and 8. No. 7 is installed and No. 8 is being installed. 

Figs. 5 and 6 show the numerous log sheets and charts which 
have been eliminated by the logger (typewriter), the trend re- 
corders, and the alarm system. 


Frevp SIGNALS 


All equipment for the information system supplements, par- 
allels, or adds to present instrumentation or appurtenances. 
Nothing is replaced. In this way the operators can have rel- 
atively easy transformation from the old way of operation to the 
new way and any omissions can be picked up without sacrificing 
operation. It will be noted that many spare points on the 
alarms, bearing scanner, and the log sheet have been provided. 

Fig. 7 shows the method used to bring the net kwhr per unit and 
for total plant into the Panalog 605-Scanner. Note that the 
thermoverters feed into a blind transmitter from which a linkage 
causes integration of kw for the hour and a pneumatic signal gives 
instantaneous net kw. Total net kw is obtained by arithmetical 
addition of the thermoverter d-c volts. 

Fig. 8 shows the method used to bring in the Btu used by each 
boiler and the total plant. The pneumatic signal from the flow 
transmitter at the orifice is automatically pressure and tem- 
perature compensated as it is totalized in the integrator, then 


manually adjusted for Btu per cu ft and the specifie gravity. 
The resulting signal to the 605 is proportional to the total Btu 
to the boiler. Pressure compensation is continuous whereas 
temperature compensation is only according to that temperature 
obtaining during the print out. Totalization for the hour and 
24-hr period is by sequential addition of each unit on memory 
units. 

Trend recording of gas to the boilers is uncorrected and non- 
linearized; it is proportioned to the pneumatic signal from the 
flow transmitter which in turn is roughly proportional to the square 
of the flow. 

Fig. 9 shows the arrangement of thermocouples used to report 
condenser cleanliness and preheater-plate temperature. This 
station experiences considerable trouble with condenser fouling, 
so the most important factor affecting plant efficiency and op- 
eration is condenser cleanliness; therefore this simple hookup is 
extremely important. 

Iron-constantan couples are used for all temperatures in the 
plant; the highest being 900 F. Pressures are transmitted by 
transducers. Levels, conductivity, and pH are retransmitted 
from slide wires. 


CoMPUTER 


Fig. 10 shows the block diagram of the computer signal being 
sent to the Panalog 605. 

The Btu and mwh signals from field-mounted transmitters are 
fed continuously to the one-hour integrators. These signals are 
accumulated by the integrators. 

If, before an automatic hourly log occurs, the on-demand 
button is depressed, the accumulated value of each hourly in- 
tegrator is projected by the time compensation unit to a value 
that normally would be accumulated at one hour if the present!sig- 
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nal value remained constant for one hour. However, this value 
is not stored by the 24-hr accumulators. 

When the automatic hourly log occurs, each integrated Btu 
and mwh value accumulated during the past hour is read out 
by the 605. At the same time that this occurs, each integrated 
Btu and mwh accumulated signal is sent to the Btu and mwh 
accumulators and stored. Also, during the hourly log, Point 
B-70 (total plant gas) hourly accumulates all Btu flows as they 
are stored, and is read out on the 605 at the end of the log. After 
the hourly log, Point B-70 is reset back to zero, as are all hourly 
integrators. 

Also, during the hourly log, efficiencies are read out for each 
Btu and mwh point by taking the Btu in versus mwh out and 
calculating efficiency of Btu per kwhr. 

After the log of the 24th hour the signal input to the 605 is 
switched at the completion of the log from the integrator inputs 
to the Btu and mwh accumulators, and into the totals section of 
the log sheet. The stored Btu and mwh signals are read out from 
the accumulators. 

During the complete 24-hr log period, Point B-70 24-hr pot 
stores each Btu flow during hourly logs; but is not reset after the 
hourly log as with B-70 hourly pot. After the 24-hr totals read 
out is completed B-70 24-hr pot giving Btu flow total is 
read out. 

After the completion of read out on all totals, both the Btu 
and mwh accumulators are reset back to zero and again are 
ready for a new 24-hr accumulation. 


PANALOG 605-ScANNER 


The field signals enter the Panalog 605-Scanner in d-c milli- 


volts. Fig. 11 shows a block diagram of the automatic logger. 

The sequence of operation is essentially as follows: (a) Input 
selection, (6) null balance in the potentiometer, (c) storage of 
input, (d) print on the typewriter. 

There are two systems in the 605. When in the log position 
print-out results are at the rate of 72 points in 90 sec or a 
total print-out time of three minutes (5 per cent of the hour). 

In the scan position, scanning is contin ous at the rate of 5 
points per sec or a complete scanning in 30 sec. 

The power supply is 115 volts 60 cycles to a rectifier for 24 volts 
d-c supply to control relays and stepping switches. Analog meas- 
urements are 0.2 per cent accurate and digitizing is +1 digit in 
1000. 

The sequence of operation in detail is roughly shown by the 
numbers in the block diagram. 


1 Clock in programmer starts operation. 

2 Programmer scans clock output and feeds it in proper se- 
quence to the typewriter (3) for printing. 

3 Typewriter carriage is spaced. 

4 Scanner connects the first input to the analog-measuring 
system and a programming level in scanner selects the correct 
range of input signal. 

5 Programmer (2) now permits balancing to take place. 

7 Balance detector then signals when null or balance is 
reached. Then the programmer scans the analog digital-con- 
verter output and records it in digital storage 8. 

8 Digital storage: When storage is complete the scanner steps 
to the next point and printing of the stored information begins. 


The programmer scans storage and feeds the information to the 
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typewriter 3 for printing. At the same time as printing of this 
point takes place the next point is being balanced and stored. 
Programmer also does all mechanical positioning of the chart. 

It should be noted that the analog-digital converter coupled to 
the measurement system translates shaft position (analog value of 
input voltage) to a Coleman digitizer. 

In summary, this cycle is continuously repeated; 
input selection, (b) balance, (c) storage, (d) print. 

Fig. 12 shows the Panalog 605 location. 

Fig. 13 shows the adjustable set points and memory units of the 
605. 

Fig. 14 is the remainder of the 605. 
down we have: 


namely, (a) 


At the top left and going 


(a) Memory bulb supply and memory detector. 
(b) 400-volt d-c square-root power supply. 
(c) Memory detector and programming modules. 
From down: 


(c) Measurement control. 

(d) Analog to digital converter. 

(e) Digital storage. 

(f) 100-volt and 24-volt d-c power supply. 


PRELIMINARY OPERATION 


As is expected with most pioneering projects, unforeseen prob- 
lems crop up. The field-signal lead-in wires were made a twisted 
pair to avoid pick up of stray or other currents in the plant. Even 


so, such currents were picked up and attempts to eliminate them 
with impedance or diodes, although effective, made the 605 slug- 
gish. Accordingly it was decided to eliminate such currents at 
their source. This proved to be successful, especially in the meas- 
urement of AMTD (condenser cleanliness), wherein the hot-well 
couple was grounded and the in and out were “free floating’’ or 
ungrounded. In some cases simple reversal of leads was effec- 
tive. So called transmitted ‘‘noise’’ can come from vibration at 
the primary element and can cause wide fluctuation of recorded 
pressure inasmuch as the detector is so fast it can catch peak or 
valleys in a vibration. Effective shock mounting of these trans- 
ducers and change to flexible pneumatic tubing has cured this 
difficulty. 

So called “burn out’’ or lack of signal due to a generator unit 
being down or other cause can cause a six-second delay at each 
such point or even stalling of the typewriter. This has been 
cured by a newly conceived bypass system 

When checking the system the usual minor troubles of wrong 
polarity, broken leads, and open circuits were encountered. 

Voltage drop at retransmitting slide wires was reduced to low 
error by increasing their applied excitation voltages at each pri- 
mary element, thus compensating for transmitter-output lead- 
line drop. 

Maximum drop between the excitation -voltage source located 
at the 605 to the most remote point of measurement using No, 22 
twisted-pair leads was in the order of 1.5-mv maximum. All 
transmission leads use No. 22 twisted-pair copper or IC lead wire 
with 600-volt TW insulation. 
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The bearing scanner which is entirely separate from the 605 
scanner also was troubled with circulating currents which caused 
faulty alarms and reading. A greatly simplified statement of the 
cure is to say the measurement system was made the reference 
ground by lifting the junction point above ground. Since the 
bearing scanner has been in service, it has enabled the operator to 
save one bearing by fast action. The loss of this bearing would 
have disabled this 40-mw unit for over a week during the peak- 
load season. 

The entire information system |\..s ettered its expected accu- 
racy in pressures and temperatu-. .\\though the accuracy on kw 
and gas Btu is not all that is desir: |, ‘|e results are well within the 
expected range. It is our inten... »measure kw and gas Btu in 
the same manner on all our units in all our stations so all results 
will have a very high comparative accuracy. 


PART 2 “ake 


The Neches Station’s Central Information System called CIS, 
was designed primarily to lower operating expenses ad reducing 


the operating personnel and also to improve plant efficiencies 
This we feel is being accomplished. 

We think that the best method of comparing manpower in a 
station is not mw’s per man but rather operating personnel per 
unit. Such a comparison forestalls any quantities due to size of 
equipment or size of company. We believe, for example, that a 
50-mw unit plant would, in general, require just as many men to 
operate as a 150-mw unit plant. 

The older section of Neches Station (6 units) required 64 men 
or the operating personnel per unit was 10.7 men. These figures 
include all supervisors and relief men, many of whom probably 
work but part time on operation but whese services are required 
in actual shift operation. The CIS released 13 men, permitting 
51 men to operate Neches at a rate of 8.5 men per unit. Two 
additional 111-mw units are being added to Neches, requiring 
the services of the 13 operators who were released. Neches Sta- 
tion will then be operated at the rate of 8 men per unit. 

A second CIS is being installed in our older Riverside Station, 
a gas-fired two-unit-system plant. We have now an operating 
een of 28 men or 14 men per unit. Nine men are to be re- 
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leased for duties elsewhere, giving Riverside a new rate of 9 
operating men per unit. 

The CIS is being incorporated into the design of the new two- 
unit Roy 8. Nelson Station which will have a total complement, 
operation, and maintenance, of but 28 men. Fourteen of these will 
be in operation, making a 3-man shift or at a rate of 7 operating 
men per unit. This, so far, is the lowest rate we have been able 
to operate with reason. 

We are completing a study to use the CIS in our Louisiana 
Station. This station not only has a capability of 375 mw of elec- 
tricity but it is also capable of delivering over 3,000,000 Ib per hr 
of process steam to our neighboring industrial customers. It also 
uses several types of fuel. The problem will be the automatic co- 
ordination of the operation of 12 turbine-generators, 15 boilers, 
and the reduction of the present operating force of 103 men. The 
present rate of operating personnel per unit is 9.4 men. There are 
the additional information requirements in this station that some 
readings are needed for billing large steam and electric customers. 
In the usual modern two-unit station where a 4-man shift is nor- 
mal the operation per unit rate averages 9 men. 

Maintenance. As must be realized, it is too early in the life of 
the CIS to have figures on the maintenance costs. However, 
contract services are available by the manufacturer at a reasona- 
ble cost and can be compared with the upkeep of the usual elec- 
trical and instrumental equipment currently used in the plant. 

Economies of Operation. As in the case of maintenance costs, 
the CIS has not been operating a sufficient length of time to ena- 
ble us to report on improved efficiencies in operation. It does 
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seem reasonable, however, that some benefits should be realized 
because of the instant availability of the trend and efficiency data 
which are at the disposition of the operator for the first time. 

Experiences. As with any instrumentation, one must believe 
in its accuracy to realize the full benefits of its performance, 

Shortly after the various phases of the CIS were being as- 
sembled a “read out’’ and alarm indicated a hot fan bearing in a 
remote section of the plant. The roving operator was alerted, in- 
spected the bearing, and reported the CIS was in error. The 
warning functions, however, kept repeating and at the second in- 
spection an oil line was found broken. Sufficient lubrication was 
evidently retained to prevent a bearing failure before the trouble 
was found. 

Costs. The Neches CIS cost approximately $150,000 and re- 
leased 13 trained men for operation in a new station. In terms of 
prevailing rates of pay including fringe issues and the value of 
having trained men available for new plants, the return can be 
estimated readily for one’s own plant. 

The Riverside Station CIS is now being installed at a cost of 
approximately $120,000 and will release 9 trained men for duties 
in another new station. 

The newly designed Roy S. Nelson Station will be manned by a 
total force of 28 men including supervisors. It should be under- 
stood that major maintenance must be handled from another lo- 
cation. The CIS has played an important part in our decision 
to operate this isolated station with so few men. In the case of the 
Roy 8. Nelson Station, it will not be from a reduction in the oper- 
ating crew, but rather from the elimination of some expensive in- 
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strumentation and from improved efficiencies that makes the ment, must depend on the information supplied by the CIS and, 


_ CTS attractive. therefore, should not require the information previously supplied 

at the individual equipment panel boards. 

We also feel that the use of the “computer’’ could be used more 
We are gradually altering our viewpoint regarding the type of widely to secure additional knowledge of valued operating effi- 

instrumentation required with the CIS and will probably dis-  ciencies. In our particular case, we were limited by important 

pense with some of the generally accepted power-plant instru- factors; the lack of experience with the versatility of a new piece 

ments, depending more and more on the functions of the CIS of apparatus, and the questionable cost required to expand its 

equipment. The CIS was designed primarily to eliminate the ,sefylness. 

use of manpower in the unproductive routine task of checking and 

rechecking equipment that is functioning normally. The CIS 

station operators, not being stationed at specified areas or equip- In such a pioneering project as this CIS many men are nec- 
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essarily tied into its design, installation, operation, and mainte- 
nance. For their perseverance, faith, and ingenuity in the long 
tedious process of developing the information system and all it 
stands for, we wish to take this opportunity to express deep ap- 
preciation to the operating and supervisory forces at Neches 
Station as well as those of Panellit, Incorporated. 


+ Discussion 


2 R. M. Van Duzer.* This paper describes another develop- 
ment in the electric power-production field that can well prove 
to be a valuable contribution to further combating rising pro- 
duction costs. The description of the Neches Plant installa- 
tion, which provides surveillance of plant efficiency and permits 
a reduction in operating personnel both in new and old plant 
installations, is outstanding. 

The idea of the centralized collection of plant data is not new, 
as it is now practiced in many of the newer thermal stations. 
The authors, however, have expanded such monitoring and com- 
bined it with computers of the 605 type to give operators a 
better hour-by-hour control of plant performance. 

The psychology of power-plant operation has changed with 
the adoption of modern complicated boiler-turbine reheat units. 
Whereas in the past operators were instructed to keep units 
on the line at all costs, now they are told that, in the event of 
trouble, in most cases shown by instruments, to shut down, 
find the trouble, repair, and restart. With this operating con- 
cept, it is most important that design and maintenance standards 
be of the best to obtain the confidence of the operating personnel. 
This apparently has been given much thought from the descrip- 
tions in the paper. 

The figures given in the paper for the reduction in manpower 
in both the old and new plants are outstanding. In our more 
complicated coal-fired plants, some of the ideas adopted in the 
authors’ company can be put to good use in following plant 
losses, as for instance, the condenser-performance scanner. 

Another feature which can be of value is the coding of informa- 
tion on punched tape or cards for possible future examination 
of plant losses by computers. 

In conclusion, the paper does an outstanding job of giving an 
insight into what could well be the future trend for thermal- 
station instrumentation and control systems. 


Wituram We tcu, Jr.‘ The authors have made a very inter- 
esting presentation describing clearly how automatic logging and 
computing equipment has been installed and applied to steam 
power-station service. Definite steps forward have been taken 
by Gulf States Utilities Company toward the solution of several 
central-station problems; namely, the reduction of operating 
labor in existing older type plants, and the improvement of day- 
by-day operating efficiencies of new plants where labor reduction 
already has been effected. As outlined by the authors the re- 
lease of experienced personnel for the operation of new units has 
resulted from employing a central information system to elimi- 
nate manual taking of operating data. Although effective 
in minimizing operating labor in this instance, the case at 
Neches Station appears to be a special situation. A question 
that comes to mind regards the justification for the large number 
of readings being taken at this location. 

In many older stations the number of operators is dependent 
upon the requirements for operating security with no additional 


* General Superintendent of Production, The Detroit Edison 
Company, Detroit, Mich. Mem. ASME. 
‘ Assistant Vice-President, Long Island 
Mineola, L.I. Mem. ASME. 
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labor being required for the sole purpose of data logging. Appli- 
cation of centralized controls and instrumentation necessary for 
plant operation generally will effect some savings in manpower. 
However, justification for the control installations may be 
difficult on a growing system because of the ever-diminishing 
usage of the older plants, with the older capacity being relegated 
to peak-load service. 

The authors indicate that in new installations as well as in 
older plants benefits are expected as a result of instant availa- 
bility of the trend and efficiency data afforded by the central 
information system. Derivation of the heat rates has been 
accomplished in a gas-fired plant, with allowances being made 
for pressure and temperature compensation, Btu content, and 
specific gravity. The paper indicates that the accuracy of the 
kw and gas Btu factors is not all that is desired. Information 
concerning the present and anticipated accuracy of such factors 
would be of interest. Although additional complex problems 
are presented in the determination of the heat input in coal and 
multiple-fuel-fired plants, it is reasonable to expect that with 
proper refinement of equipment similar to that described we 
may well be on the way to complete automatic dispatching 
regardless of the fuel fired. 

The writer is looking forward to a supplementary presentation 
in which, after obtaining additional operating experience, the 
authors will provide further details regarding the type of instru- 
mentation considered necessary with a central information sys- 
tem designed specifically for a new plant. A listing of the 
generally accepted power-plant instruments that may be dis- 
placed by the CIS equipment also will be of great interest. 


CLOSURE 


As Mr. Van Duzer brings out, it is possible to code information 
on tape or cards for possible future examination of plant losses by 
computers. It is also possible to transmit signals to a central 
load dispatching center to feed on-the-spot incremental loading 
equipment, and thus feed actual information instead of previously 
calculated theoretical data. 

Plant losses can readily be printed out hourly. Such values as 
terminal differences on heaters, condensers, economizers, and air 
heaters can readily originate from simple temperature elements. 
Stack losses may be involved on coal-burning boilers but are quite 
simple if the boiler is gas fired. 

As Mr. Welch brings out Neches Station probably was a special 
case and the log sheet readings very numerous. It is interesting 
to note however that there still exist numerous stations in the 
Neches category wherein, because of inflationary angles, we are not 
justified in replacing low-pressure stations constructed back as far 
as 1925. Also we still have bad hangovers of the philosophy 
that it is better to have a man dig a hole and then fill it up than it 
is to let him sit down and think. It is also obvious that periodic 
analyses and evaluations of our systems can be invaluable to 
prevent us from unconsciously slipping into undesirable and 
costly manpower hoarding channels. Reduction in manpower at 
Neches Station not only involved Central Information System 
alarms, trend recording, scanning, and automatic logging, but 
involved the installation of some minor automatic equipment at 
critical locations and centralization of such items as water sam- 
pling. It also must be recognized that the degree of reduction of 
manpower is also dependent upon the calculated risk that manage- 
ment and the supervisors are willing to take, for they are the ones 
who bear the responsibility. An extreme view is to have one man 
present to shut down a power plant in event of trouble. He then 
calls in help to correct the trouble and to help return to normal. 

To compare the operating personnel of Neches with other 
power stations, Neches Station had 7 turbines and 9 boilers, or 16 
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major equipment units. It required on the basis of manpower® 
per unit 4.0 men. This compares quite favorably, we believe, 
with most power stations. After the installation of the Central 
Information System and two more major equipment units the 
Neches Station will be operated on 3.50 men per major equipment 
unit. 

Btu per net kwhr of 12550 is reported in 3 digits. The first 
number is 1 to 19. Thus 12550 can be 12 56 or 1254 X 10 at the 
higher loads. Btu per cu ft of gas is accurate to +0.5 Btu when 
using a calibrated gas from the Bureau of Standards. The main 
factor affecting the efficiency figure is therefore dependent upon 
the primary elements so the figure may be 124 or 126 X 100. If 
all gas and all kw are measured in the same manner, our com- 
parative efficiency figure between units may be 12 5, 126 X 100; 
in other words +100 Btu absolutely or +50 repetitively or com- 
paratively and +10 Btu if the incoming signal is correct. At 25 
per cent full load the above figures may be 5 to 10 times these 
values. Where greater accuracy is required, we will revert to 

* The total operating crew also includes supervisors, watchmen, 


and relief operators who are considered as a whole whether they 
work part time in maintenance or not. 
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measurements of losses such as we have done at the condenser 
and expect to use at the boiler stack. This will come under test 
procedures. 

We hope to make a supplementary presentation of the Central 
Information System when sufficient experience and data exist to 
make it of value. 

It is becoming increasingly evident that data logging is pri- 
marily for efficient operation, historical value, and normal 
operation luxury. During time of trouble, trend recording and 
off-normal alarms are paramount and these should not be too 
many for a man to absorb in a moment’s time. The equipment 
must operate 100 per cent not 99.9 per cent of the time. It is 
doubtful at this time that actual daily plant output of net kw 
and total daily input of fuel can be relegated to the logger. Kw 
and gas figures will still be read off kilowatt hour meters and 
gas charts. 

Outstanding is the co-ordination of the plant operation, espe- 
cially in times of difficulties. 

It is becoming increasingly evident that eventually the operator 
must accept a certain amount of responsibility and supply the 
thinking that the machines cannot do. 
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A New ching 
System at Kansas City 
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By D. H. CAMERON! anp E. L. MUELLER,? KANSAS CITY, MO. 


Automatic dispatching of load carried on units of an 
electric system is highly desirable and contributes greatly 
toward successful systems operation. 
A new approach to the control problem was made at Kan- 
sas City in 1955. This paper outlines some of the load and 
equipment problems affecting control] of an electric sys- 
tem, describes briefly the dispatching equipment designed 
to load units incrementally, and shows a typical operating 
period using the new control scheme. 


interconnected 


INTRODUCTION 


HE Kansas City Power & Light Company’s electric system 
is essentially a metropolitan system. Three generating 
stations with a total name-plate rating of 659,750 kw are 
located on the Missouri River near the load center of the system. 
Approximately one half of this capacity is provided by four gen- 
erating units of the single boiler-turbine type at the Hawthorn 
Station, all of which are equipped with automatic load-frequency 
control. Of the remaining capacity, five units at the Northeast 
Station, totaling 140 mw, and three units at the Grand Ave- 
nue Station, totaling 100 mw can be placed on automatic load 
control. 
Early in 1952 a 25,000-kva arc-furnace load was added to the 
Kansas City System. This fluctuating load caused wide devia- 
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tions in power flow over the interconnecting ties. The load-con- 
trol system then in use did not provide for rapid enough correc- 
tion of system generation to meet this new-type load condition 
and also was incapable of any adjustment of generation on an 
incremental cost basis. These two facts, together with a desire 
to discharge fully our operating responsibility to the intercon- 
nected-systems group, and improve the control system in general, 
led to the purchase of the General Electric automatic dispatching 


system.’ 
Tue GovERNOR PROBLEM 


The first interconnection of the Kansas City System with other 
utilities sharing in common operating problems was made in 
July, 1948. The pool then formed is known as the United Power 
Pool. The operators of this pool were aware of the fact that it 
would be desirable from a system-control standpoint to have all 
speed governors on the interconnection with reasonably similar 
characteristics. An extensive survey was made of the govern- 
ing characteristics of all units 10,000 kw and above on the United 
Pool during 1952. The method used in the survey is described in 
an AIEE paper.‘ 

The governor characteristics studied on each unit included dead 
band, speed regulation, incremental speed regulation, and control- 
valve characteristics. Of sixteen units examined on the Kansas 
City System, seven had dead bands of more than 0.04 cycle, 
seven had speed-regulation values outside the limits of 3.5 to 4.5 
per cent, and ten had such poor valve characteristics that their in- 
cremental speed regulation was not acceptable. 

A program of corrective measures was undertaken, the majority 
of the work having been completed at this time. Of the seven 
units with poor dead band, two were corrected by installing new 
governors. Of the seven with poor speed regulation, four were 
adjusted to within acceptable limits. Eight of the ten with poor 
valve characteristics have been corrected by changing the valve- 
cam slopes which also improved the incremental regulation on 
these units. Fig. 1 indicates the mw versus hydraulic cylinder 
travel and Fig. 2, the speed-regulation curves for one of the units 
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before and after correction. It can be seen from the original 
curve in Fig. 1 that a so-called flat spot exists at the end of each 
valve travel. The effect of such valve operation on any type 
load-control system is well known by dispatchers and operators. 
The steep part of the curve up to 20 mw indicates excessive sen- 
sitivity. A small load-control-signal change results in a rela- 
tively large megawatt change in this area. At the flat por- 
tions of the curve a corresponding signal change results in practi- 
cally no load change on the unit. After the cams were reshaped 
(final curve) the load versus hydraulic cylinder travel (signal 
change) is essentially a straight line resulting in smooth operation 
of the unit. The original and final speed-regulation curves for 
this unit indicate an improvement in over-all governor sensitiv- 
ity. 
Tue PROBLEM 


The objective of any load-control scheme for successful inter- 
connected-system operation should be to provide (a) means for 
absorbing load changes within the control area on the maximum 
number of units possible so as to maintain frequency and net in- 
terchange on interconnections at scheduled values, and (b) means 
for assigning sustained load changes within the control area to the 
units based upon a prearranged set of loading curves to effect 
maximum economy of operation. 

The first objective has to do with regulation. Since the normal 
load changes in any one control area of a large interconnection 
have very little effect on system frequency, some form of supple- 
mentary control must act upon the governors in that area to cause 
them to adjust for the load change. The commonly accepted 
method of control is “tie-line bias’’ wherein the signal to the re- 
spective governors is proportional to the deviation of tie from 
schedule and of frequency from normal.’ This supplementary 
regulation action can be likened to the combined governor action 
on an isolated system not having supplementary control. 

The second objective has to do with economy of operation. If 
a control system performed a regulating function only, system 
economy would suffer. Constant readjustment of unit loadings 
would be required of the operators even to approach economical 
operation. The greater the number of stations and units in- 
volved, the more difficult it would be to attain maximum econ- 
omy by manual means. 

There are many system and equipment limitations which pre- 
clude attainment of optimum economic loading of the units. 
Some of the limitations are (a) the use of relatively small capacity 
units of high cost, which are seldom in service except for peaking, 
and, therefore, do not justify automatic controls; (b) common 
steam-header systems having boilers requiring manual operation; 
(c) telemetering inaccuracies and time delays in control-circuit 
(d) governors having poor dead band, regulating, and 
(e) strict city smoke ordinance; 


equipment; 
control-valve characteristics; 
and (f) unusual loads. 

The Kansas City System is not immune to any of the foregoing 
limitations. Of the nineteen units now on the system, seven are 
15,000 kw or under and are not suitable for load-control purposes. 
The problem also is complicated by the use of high and low-pres- 
sure boilers and turbines, 25 and 60-cycle generation, and a steam- 
distribution system. Figs. 3 and 4 illustrate the steam and elec- 
trical layout in the two older plants. The 25,000-kva arc-furnace 
load, previously mentioned, imposes a rather severe regulating 
duty on the units under control, since these load swings must be 
absorbed internally in the shortest time possible to reduce the 
effect on neighboring utilities and the interconnection as a whole. 

The Grand Avenue Plant furnishes 25-cycle power and energy 


* “Some Aspects of Tie Line Bias Control on Interconnected Power 
Systems,”’ by Nathan Cohn, AIEE Conference Paper 56-670. 
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to the local transit system and 185-psi steam for distribution to 
customers in the downtown area of Kansas City. The steam for 
this distribution system is normally obtained from the 25-cycle 
topping unit. A reducing station is provided between the 600 
and 185-psi system to supply demands in excess of 550,000 lb per 
hr, the capability of the topping unit, and to supply all steam 
when the topping unit is out of service. Load variations on 
the 185-psi 60-cycle generator No. 8 cause corresponding pres- 
sure variations on the steam-distribution system. These pressure 
variations can be objectionable if greater than plus or minus 5 
psi. This further reduces the effectiveness of unit No. 8 as a con- 
trolling unit except when it is operating through the 225-psi re- 
ducing valve. A back-pressure regulator on the topping unit 
would assist in maintaining the 185-psi pressure constant under 
varying load conditions; however, its cost cannot be justified. 

Northeast Station has two topping units which operate at 1250- 
psi throttle pressure with a nominal back pressure of 310 psi. 
Topping unit No. 7 is equipped with a back-pressure regulator 
which assists in maintaining the desired throttle pressure at the 
low-pressure turbines whenever the station load is within the 
capacity of the high-pressure boilers. Whenever the station load 
exceeds the high-pressure-boiler capacity, regulation must be 
taken on low-pressure boilers under manual control. To avoid 
or reduce the smoke nuisance and to stay within practical limits of 
boiler control, the automatic load controls generally are adjusted 
to give something less than optimum economy. 

In 1953 an extensive study was made of the load-control re- 
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quirements of the system with a view to solving the regulation 
problem occasioned by the addition of the large arc-furnace load 
and extension of interconnected operations and, at the same time, 
to selecting a control system which would approach the optimum 
in operating economy. A detailed description of the method used 
in the study and the results obtained to date with the new control 
equipment installed in October, 1955, will be presented i in 1957 
san Al 
as an AIEE paper. 
The new control system combines the function of load-fre- 
quency control and economic loading of the generating units on 
an incremental cost basis. Design features of the control system 
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permit routine and repetitive functions to be performed without 
the use of detailed loading schedules and with a minimum of at- 
tention by the dispatchers and station operators. 

Conventional protective features are included which will trip 
the equipment off control, leaving the particular control level in a 
stand-by condition. Among these are loss of telemetered tie-line 
signal or control signal, frequency and line-voltage variations be- 
yond established limits, tube failures, or other conditions con- 
sidered necessary or desirable. 

The arrangement of the new automatic dispatching system in- 
stalled at Kansas City gives the appearance of a business organi- 
zation chart, Fig. 5. All data pertinent to the power system are 
inserted into the equipment at the location where it will be used. 
Over-all system information such as tie-line loadings and sched- 
ules, frequency-bias contribution, time-error correction, and trans- 
mission-loss penalty factors are inserted into the master area and 
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dispatching console. This unit, shown in Fig 6, completely de- 
fines the boundaries for over-all system control. 

Local information such as fuel cost, machine incremental heat 
rates, and individual equipment limitations are inserted at the 
station and machine dispatching consoles. One of these units is 
shown in Fig. 7, and provides each station operator with means 
whereby he can monitor the operation of his particular generators 
to best suit conditions prevailing at that instant. Feedback in- 
formation, necessary for intelligent operation of the system, is 
derived from each generator under control in the governor-selsyn 
assembly, shown in Fig. 8, and the camshaft indicator shown in 
Fig. 9. 

The automatic dispatching system was developed by the Gen- 
eral Electric Company using techniques unique to the load-control 
industry. The most important are: 


1 Comparison of system frequency with a frequency standard 
to arrive at an accurate resolution of error. This error is used to 
equate both time-error and frequency-bias contributions. 

2 Use of control-selsyn techniques to resolve signals accu- 
rately in each of the various measurement, computing, and feed- 
back circuits. 

3 Economic balance of generation based on turbine-valve posi- 
tion rather than generator loading. 


Fic. 8 HawtHorn Unit No. 1 Governor, SHowinG GOVERNOR- 
SeLsYN ASSEMBLY 
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When placed in operation the master area console resolves the 
intelligence placed into it by the tie-line recorders, system fre- 
quency, and control settings into an area signal representing the 
incremental cost of delivered energy from all sources of genera- 
tion. This signal, sometimes called control level, is in terms of 
degrees phase shift from a common reference system frequency. 
It can be altered individually for each station by a transmission- 
line penalty factor so adjusted as to represent losses incurred in 
the transmission of power from that station to the load. 

The modified control-level signal is utilized in the station and 
machine dispatching consoles at the various stations to accom- 
plish two distinctly separate functions; namely (a) rapid regulat- 
ing service to balance load changes with changes in generation on 
all units in the shortest possible time, and (b) a slower reset 
action on these units to reallocate generation in the most economi- 
cal manner. Both of these actions are continuous and simul- 
taneous. 

The regulating action applies the station signal to all units un- 
der control in direct proportion to their selected control size in a 
manner similar to normal governor action. It can force changes 
in generation at rates adjustable up to 100 per cent of capacity 
under control per minute for selected portions of the reguiating 
requirement. The remainder is corrected at the more nominal 
rate of 5 percent per min. The total load change allowed by the 
100 per cent correction rate is limited to 16 per cent of the capac- 
ity under control at any one instant in order to prevent exces- 
sive load changes which might damage the machine. 

For the reset action, the station signal is transformed from 
terms of phase shift into a d-c voltage. It is then modified by a 
fuel-cost factor for each machine and applied to the function gen- 
erator, an electronic-type data-storing device set to represent the 
machine incremental heat rate. Controls are provided for selec- 
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tion of minimum and maximum preferred loadings. The output similar to that shown in Fig. 10. In this example it should be 


from the function generator specifies the camshaft position re- 
quired on each machine necessary to realize delivery of power to 
the load at equal incremental cost and the control operates to 
achieve that exact loading, using feedback from the turbine cam- 
shaft for positioning information. 

The proper reallocation of generation is dependent on accurate 
representation of the machine incremental heat-rate curves in the 
individual function generators, and proper placement of each 
with respect to the type of fuel used. However, the setting for 
any one machine has no effect on the settings for the others. 
Therefore the addition or removal of a generator from the system 
does not require changes in contro] settings on the remaining 
units. 

The basic incremental heat-rate data are obtained by actual 
test or taken directly from manufacturer’s calculations. The re- 
sults can be adapted readily to the function generator in a manner 


noted that, while the slope of the adapted curve is necessarily in- 
creased over the actual for the flat portion to allow for control 
definition in the automatic computing circuit, the two curves 
have been matched almost exactly over the normal operating 
range. This represents one of the many adaptations that can be 
made and closely parallels that considered in the original design. 

The incremental heat rates on the machines capable of con- 
trol at Kansas City cover the approximate range from 9600 to 
20,000 Btu per kwh. In addition, there are several places in that 
range where a signal increase, equivalent to several thousand Btu 
per kwhr, produces no increase in output called for by economic 
rebalance. Therefore, for purposes of better control definition, 
and smoother over-all operation, a family of control curves has 
been set up which do not duplicate the actual machine incremen- 
tal heat rates. Instead, the actual curves have been considered 
collectively as one group, with certain individual ones repositioned 
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to eliminate voids in the economic range and slopes on others in- 
creased. In this manner it is possible to maintain desired eco- 


nomic loading with the added advantage of continuous and ac- 


This repre- 


curate economic control throughout the entire range. 
sentation is shown for five typical units in Fig. 11. 


SysTeM OPERATION 


Typical operation under control of the new automatic dis- 
patching system is shown in Fig. 12. During the period shown 
in these charts, system generating capability was approximately 
545 mw. Of this amount, 310 mw was under active control, 40 
mw at Grand Avenue Station, 90 mw at Northeast Station, and 
180 mw at Hawthorn Station with the Hawthorn unit operating 
on reduced regulating rate equivalent to only 115 mw. The 
system was set up for tie-line bias control with a bias setting of 
19.9 mw per 0.1 cycle deviation and an interchange schedule of 
27 mw “out.’’ This schedule was later changed to 23 mw out 
at 9:35 p.m. 

An examination of the charts will reveal the division of regulat- 
ing-load changes between stations followed by the slower eco- 
nomic rebalance. Hawthorn, being the most efficient station, was 
operating on its maximum loading limit over most of the period. 
The same is true of Northeast Station for the initial portion 
of the period. As a result, these two stations participated in 
regulating duty only, while Grand Avenue Station maneuvered 
economically with the load. This is especially apparent during 
arc-furnace load changes such as occurred at 7:11 p.m. when 
system load first dropped 20 mw and then recovered 12.5 mw all 
within 1 min. Hawthorn Station contributed to regulation with 
a 10-mw drop followed by a 5-mw pickup. Northeast Station 
also contributed with a 6-mw drop and a following 4-mw pickup. 
Both stations then rebalanced to their set maximum lofding 
limits in about 2 min. as Grand Avenue Station assumed the 
entire 7.5-mw load change on economic rebalance. 

The charts also illustrate the effect of tie-line bias-type opera- 
tion. The low frequency prevalent over most of the period re- 
sulted in an approximate 3 to 4-mw increase in area net inter- 
change over that called for by the schedule. This difference is 
commonly referred to as tie-line bias contribution and represents 
the Kansas City effort toward correction of the interconnected 
system frequency. 


CONCLUSIONS 


1 Operation of the control equipment has improved since 
October, 1955, and is expected to continue improving with addi- 
tional operator experience. During the first year of service, vari- 
ous operating procedures have been tested and modifications 
made to both equipment and procedure as required. 

2 The system has demonstrated a capability for rapid and 
accurate regulating duty and a high degree of economic distribu- 
tion of load between units under control. The number of units 
under control will vary from four during light loads to as many as 
nine during peak-load periods. 

3 System complexities and limitations preclude the attain- 
ment of maximum operating economy. 

4 An analysis of the new control-system operation compared 
with that of the old system indicates annual fuel savings sufficient 
to more than carry the annual fixed charges on the entire control- 
equipment installation for twelve units. 
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5 Any fast-response-type load-control system must be co- 
ordinated with other turbine and boiler controls to be completely 
effective for system regulation and economic operation. No at- 
tempt has been made so far to integrate the load-control system 
with the boiler-combustion controls through load-anticipatory 
devices, although this problem is under consideration. 

6 Load-control-regulation quality is enhanced by good 
speed-governor characteristics which include reasonable and 
similar sensitivity, speed-regulation value, and dead bands. Im- 
provements in these characteristics result in faster system re- 
sponse with minimum load changes on individual units. 


Discussion 


H. H. CuHamper.uain,® R. G. Livinaston,? anp J. B. Mc- 
Ciure.* The authors have done an admirable job of showing 
how an automatic dispatching system with economic loading 
features has been applied and operated effectively by the Kansas 
City Power & Light Company. This paper is of particular in- 
terest since it discusses the practical considerations involved in 
equipment application and operation. 

As brought out in the paper, the General Electric automatic 
dispatching system is an automatic equipment which combines 
tie line and frequency-control functions with economic loading for 
optimum economy. Both the regulating and economic loading 
functions are accomplished with continuous acting selsyn con- 
trol. The maximum regulating rate of 100 per cent of capacity 
per minute was chosen to satisfy the utility industry needs for a 
fast control which can correct rapidly for large intermittent in- 
dustrial loads. Although this rate is many times the maximum 
rate that can be realized by an intermittent or impulse type of 
control, it can be adjusted for as slow a response as desired for a 
particular installation. Since the equipment is a synchronized 
selsyn control, the performance is not affected by the response 
setting of the regulating portion. 

As the authors point out, the governor-modification program 
described was initiated as a result of the interconnection with 
other utilities and the desire to have all governors in the United 
Pool adjusted for similar characteristics. This study and de- 
cision were made prior to the selection of new load control. The 
desirability from a control standpoint of reasonable linearity be- 
tween synchronizing motor travel and machine output is dis- 
cussed. Nonlinearities in this characteristic, as shown in Fig. 1, 
have the effect of varying the gain of any automatic-control sys- 
tem or manual-control action. Normally, good automatic con- 
trol can be achieved on a power system where the governors are 
adequate for good manual control. Turbine manufacturers have 
recognized the desirability, from the control standpoint, of 
reasonable linearity in this characteristic. In recent years speed- 
governing mechanisms have been improved in this respect. 

The authors describe the functions of load-frequency control 
and economic loading as separate functions for simplicity. It 
should be pointed out that these control functions are continuous 
and simultaneous. This point is thoroughly covered in AIEE 
Paper CP-57-144 by the same authors. 


® General Electric Company, West Lynn, Mass. 

7 General Electric Company, Schenectady, N. Y. 

® Manager, Power Generation Engineering, Engineering Planning 
and Development Section, General Electric Company, Schenectady, 
N. Y. Mem. ASME. 
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Te mperatures 


With Metal Temperatures During Starting 
of Large Steam Turbines 


By R. L. JACKSON,' S. B. COULTER,’ 


The best kind of operation for a steam turbine is to keep 
it continuously under constant load at constant steam 
pressure and temperature. However, system-load varia- 
tions and present-day requirements call for daily starting 
and stopping of some units. Usually this type of opera- 
tion has fallen on the older units built for lower pressures 
and temperatures than are common for new units today. 
The industry is reaching the point where the turbines 
subjected to this service are of the 1250-psig 950-F or even 
1450-psig 1000-F level. This practice has proved to be the 
cause of some shell cracking. As a result, studies have 
been made to determine the factors occurring during the 
start-up period which produce cracking and what can be 
done to prevent trouble of this kind in the future. 

daily shutdown and restarting to meet load conditions, 


D and some shell cracking has been experienced. In at 
least one case the cracking has been extensive enough to require re- 
placement of the shells. On this particular unit nearly 800 starts 
were made during a five-year period. About 600 of these 
starts were after shutdowns of 8 hr or less and the remainder after 
longer shutdown times. The starting and loading-cycle history 
of this unit is shown in Table 1. Studies have been made to 
determine what characteristics during starting produce cracking 
and what should be done to prevent future trouble of this kind. 

This information has shown that the primary cause of the 
rapid temperature changes which occur in the turbine metal 


INTRODUCTION 


URING the past few years several utilities have practiced 


TABLE 1 


AND R. SHEPPARD,’ SCHENECTADY, 


STARTING AND Loapine Cyrcie History ror 1250 Psiag—950 F Unrr 


during a typical starting cycle is generally due, to a major 
extent, to the nature of the main steam-supply temperature. 
Contrary to popular opinion, the rate of change of load in itself 
usually will have only a minor effect on the metal temperatures 
within the turbine as compared to those caused by changes in 
steam-supply temperature. This can be demonstrated by ob- 
serving turbine-metal temperatures during a full-load change 
while holding throttle pressure and temperature constant at 
rated conditions. This situation often exists during a shutdown 
similar to that shown in Fig. 1. For this condition, the greatest 
magnitude and highest rate of temperature change occurring in 
any portion of the turbine metal takes place in the first-stage 
shell. In this case the total change of the first-stage shell tem- 
perature, exclusive of a slight decrease caused by a corresponding 
change in the main steam temperature, was only 150 F. 

The methods of safe and economical operation requiring the 
shortest duration of starting and loading cycles must be better 
understood and followed, if frequent starting is to be made with 
a minimum of trouble and expense. 

Several papers have been written in the past few years on this 
subject of starting and loading turbines which present results 
of tests and prescribe various guides or rules, but experience has 
shown that adequate account is usually not taken of all significant 
variables such as the manner and length of the shutdown or the 
individual characteristics of each unit. Often these rules have 
been applied to the operation of the turbine alone rather than 
to the boiler-turbine combination. Frequently, the rules pre- 
scribe operation in terms of periods of time, such as '/: or 1 hr 
to come to speed, depending upon the length of shutdown, fol- 


(Requiring replacement shells due to serious cracking) 
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Unit trips. . 

Shutdowns for 8 hr or less. . 4 

Shutdowns for more than 8 hr 8 

Long shutdowns producing 
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17 30 


(a) Extensive cracking found. 
(b) Serious cracking found. 


1 Supervisor, Large Steam Turbine-Generator Department, Gen- 
eral Electric Company. Mem. ASME. 

2 Engineer, Mechanical Design Engineering, Large Steam Turbine- 
Generator Department, General Electric Company. 

3 Supervisor, Product Engineering, Large Steam Turbine-Gener- 
ator Department, General Electric Company. Mem. ASME. 

Contributed by the Power Division and presented at a joint 
session of the Power and Instruments and Regulators Divisions at 
the Annual Meeting, November 25-30, 1956, of THe AMERICAN 
Society or MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those 
of the Society. Manuscript received at ASME Headquarters, 
September 6, 1956. Paper No. 56—A-177. 
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lowed by rates of loading in terms of megawatts per minute. 
Limits also have been expressed in terms of allowable rate of 
temperature change. 

Most of these guides have been inadequate to establish 
practices which will allow frequent starting in the mini- 
mum times without eventual turbine damage. A better method 
involves proper instrumentation to measure the temperature 
gradients which produce thermal stress across metal sections 
at critical locations in the turbine metal, and also adequate con- 
trol of the steam temperatures so that these gradients are kept 
within limits. 
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In order to accomplish these objectives, some operating com- 
panies have found it necessary to schedule precisely all operations 
required to bring the unit to full load from a shutdown condition. 
This may involve as many as 50 individual operations, each per- 
formed to the minute, which include the necessary boiler regula- 
tion to control the desirable steam pressure, temperature, and flow 
characteristics. The improvement of designs to confine the 
highest temperatures to components which can better withstand 
thermal changes, such as thin metal sections, should be the 
turbine builder’s objective. It should be his responsibility to 
protiuce machines less sensitive to thermal change. 


Factors ArrecTep BY STARTING AND LOADING 
During the starting of most turbine-generator units, the main 
limitations will be one or more of the following: 
1 Thermal stress in the turbine parts. prion 3 
2 Differential expansion of the turbine rotor and shell, = 
3 Distortion of the major turbine components. ‘ 


Any of these effects is produced by subjecting the turbine 
metal to thermal change. The same effect may not be limiting 
_ on a particular machine under various conditions, but in general, 
thermal stress will have the dominant influence. 

Excessive repeated thermal stresses can result in cracking of 
the turbine metal. When this occurs it is usually in the high- 
temperature portion of the turbine shell, between the primary 
steam inlet and the first-stage shell area. However, thermal 


< _ surface cracks in the turbine rotor also have occurred in the area 


of the high-pressure packing. Large thermal change within the 
_ turbine can produce excessive differential expansions which may 
result in internal rubbing. Thermal distortion of the turbine 
parts may produce flange leakage, misalignment, permanent 
warping in the parts, and also may affect the unit balance. 

7 To illustrate the temperature-stress relationship, let us assume 
that a flat metal plate is heated on one side. We can 
assume further that all edges of the plate are restrained from 
rotation. In this fashion we can approximate the conditions 
applying to a portion of turbine metal, say a part of the turbine 
shell, as hot steam is made to flow along the inner surface. As 
one side of the plate is heated, a temperature difference occurs 
between the two surfaces of the plate, and a certain temperature 
distribution results across the plate wall from one surface tem- 
perature to the other. Let us assume that at some particular in- 
stant the distribution is linear and the temperature of each surface 
is designated 7; and 7; respectively, Fig. 2(a). In this case a 
neutral axis will exist midway across the wall and valet 
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stress will occur between the hotter wall and the neutral axis, and 
tensile stress between the colder wall and the neutral axis. The 
stress distribution will be symmetrical about this axis, varying 
linearly with temperature from zero at the axis to a maximum 
at each wall. The maximum stress can be calculated as follows 


maximum thermal stress, S = '/.(7; — T:)aE + (1 — pw) 
S = stress, psi 


— Tz: = temperature difference, deg F 
a = linear coefficient of thermal expansion, in/in/deg F 
E = modulus of elasticity, psi 
= Poisson’s ratio 


where 


It is evident that for a given material the thermal stress is de- 
pendent only upon the thermal difference and independent of the 
plate thickness. This is not to infer that the stress in various 
parts of the turbine is independent of wall thickness. As a rule, 
a heavier wall thickness will result in a greater temperature dif- 
ference. However, the distribution of temperature across the 
wall also has a significant effect upon thermal stress. When 
this distribution is not linear, the maximum stress will be greater 
for the same temperature difference (7; — 72). 

If the temperature distribution is parabolic, the condition 
shown in Fig. 2(b) will exist. This condition should be applicable 
to many parts of the turbine shell during a starting cycle. This 
is theoretically true when a plate restrained from rotating along 
each ‘edge is heated so that the entire plate is increasing at a 
uniform rate, all heat being supplied to one side with the other 
side insulated. As shown, the stress distribution is no longer 
symmetrical and the maximum stress, which is compressive on the 
hotter side, will be ?/; (71 — T:) aE + (1 — yp). 
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Whenever a single surface of a flat plate is suddenly exposed 
to a very rapid temperature change, the temperature distribution 
will be similar to that shown in Fig. 2(c), with most of the tem- 
perature difference occurring very near the surface experiencing 
the sudden change. It is probable that this kind of condition 
occurs in the hottest portion of the turbine metal between the 
steam inlet and the first-stage shell. The maximum stress for 
this condition will be (JT; — + (1 — 

When the temperature difference and distribution are known, 
the corresponding maximum thermal stress can be determined ap- 
proximately from Fig. 3. 

In the case where the ferritic plate of a given thickness is heated 
so that the entire plate is changing temperature at a uniform rate, 
with all heat supplied to one side and the other side insulated, the 
temperature distribution across the plate wall will be parabolic 
and similar to that shown in Fig. 4. This condition should be 
applicable to most portions of the turbine shell including flanges, 
but with the exception of the bowl-passage area, in the general 
case following a uniform heating cycle. 

It is apparent that about 300 F total temperature difference 
occurring largely near the plate surface similar to the condition of 
Fig. 2(c) will cause a maximum thermal stress of about 80,000 psi. 
Realizing this value is approximately equal to the normal shell- 
material yield strength, we can assume that a single thermal cycle 
of this magnitude could produce some plastic strain. Cracking of 
the metal is a function of both the total number of thermal cycles 
and the amount of plastic strain. Therefore, cracking could occur 


ALL HEAT SUPPLIED TO ONE SIDE OF PLATE. OTHER SIDE INSULATED 


at this stress level after a sufficient total number of thermal 
cycles. 

If, during a heating cycle, the inner surface of a shell wall re- 
ceives a high compressive stress resulting in plastic strain it is 
likely that this surface will later be subjected to a tensile stress 
upon reaching steady-state conditions or upon subsequent cool- 
ing. In this manner the inner surface metal may crack in tension. 

The most critical areas of the turbine subject to thermal stress 
are in the hottest and nonsymmetrical portions, primarily in the 
shell-bow] passages feeding the first-stage nozzle. This area is 
subjected to the greatest and most rapid rates of temperature 
change. This occurs due to change of the main steam-supply 
temperature or because steam is suddenly admitted to a pre- 
viously idle passage initially at a temperature different from that 
of the steam. Further, the steam velocities in these passages are 
high and the rate of heat transfer is large. Also, relatively compli- 
cated shapes tend to produce unavoidable stress concentrations. 
To date, nearly all shell cracking has occurred in or near this 
area, primarily in the bowl-passage walls or in the first-stage 
nozzle shell fits. Cracking also has occurred in the bridges of the 
first-stage nozzle. The locations of these areas are shown in Fig. 
5. 

Relatively large thermal differences may occur elsewhere, for 
example between the inner and outer surface of the main flange. 
The total difference across the flange may: be 300 F yet no severe 
thermal stress is liable to result. This is mainly due to the fol- 
lowing: 

1 The temperature distribution is likely parabolic rather than 
having a steep slope characteristic near the flange inner surface. 

2 The flange cross section is massive and uniform without 
stress concentration. 

3 The variation of temperature, in general, is essentially two 
dimensional in the plane transverse to the machine axis. 

4 The flange cannot properly be considered a flat plate re- 
strained from moving along all edges. 


The temperature-stress problem is one which can be very 
largely kept under control by methods of operation while dif- 
ferential expansion movements are almost entirely a function of 
design. These movements are no cause for concern as long as 
adequate internal clearances are provided to take care of the 
maximum transient conditions. Proper design will provide shells 
and rotors with the required mass-surface relationship, in order 
that each will follow steam temperatures at similar rates, and dif- 
ferential movements will be the minimum. 

Thermal distortion is also a matter which must be mainly a 


wags! 


vate 


147) 


fete: 
tad? 


TEMPERATURE DIFFERENCE (OF) 


que 


pitt, 


no tab Ad 


boven 


8 9 10 ' 


WALL THICKNESS OR DISTANCE FROM INSULATED SIDE (INCHES) 


4 Temperature DistriputTion Across WALL oF A FERRITIC PLATE wt wos! eed 
Wen oF Entire Piate Is INcreasine at A Constant Rate 


al Sere 


| 

| 


SHELL CRACKS 
SHALLOW SURFACE CRACKS 


Fie. 5(a) Location or Mason TuRBINE 


Fie. 5(b) 


function of design. Center-line support with proper guide keys 
that allow for free expansion of shells and internal parts without 
change of shape or location are employed where necessary. 
Thermal-insulation shielding and the judicious use of cooling 
steam flow will reduce temperature gradients and prevent distor- 
tions. Flange and bolting designs have been very successful with 
little trouble from this source. Metallurgical control of rotors 
must be such that no objectionable distortion causes unstable 
operation upon changes in temperature or load. Present ex- 
perience in this is very good. 

Little or no flange crushing or cracking has occurred except into 
the bolt hole in the area of the first-stage nozzle fit, Fig. 5. A 
few cases of leakage have resulted on double-shell units, because of 
a sharp temperature gradient occurring on the outer-flange inner 
surface in the axial direction, at the location of a circumferential 
inner-shell fit. We think this has been a minor problem in general 
and expect little future trouble as a result of design changes. 
Any flange cracking is serious, such as from an inner surface into a 
bolt hole, but where this has occurred we believe other portions 
of the shell including the nozzle passages were first subjected to 
even more excessive thermal changes also resulting in damage. 


REcENT TEstTs 


It has been the practice of the authors’ company, for several 
years, to provide thermocouples on turbines to indicate metal 
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temperatures on the inner surface of valve chests. A limit of 500 
deg per hr rate of temperature change indicated on these thermo- 
couples was recommended. 

Several turbines have been more fully instrumented to measure 
temperatures on both inner and outer surfaces of valve chests, 
valve-bowl passages, and horizontal joint flanges. Observations 
on these turbines have been very revealing. 

Fig. 6 shows the results of tests on one machine after a shut- 
down of approximately 8 hr. This turbine is a nonreheat single- 
shell unit, rated at 1250 psig, 950 F. During this typical shut- 
down, all of the metal temperatures in the region of the first stage 
had come to about the 700-F level. The steam temperature at 
rolling was about 600 F. There was never a gradient across the 
valve-chest walls of more than about 65 F and this was not ex- 
perienced until relatively high flows were established. However, 
a very drastic quenching occurred beneath the No. 1 control 
valve during the rolling period followed by a heating cycle after 
synchronizing during which the temperature gradients across 
metal sections were reversed and temperature differences in 
excess of 200 F occurred across the bowl walls. The flow in the 


valve chest during the rolling period is small and the velocities 
are low so that the heat-transfer coefficients are small. Con- 
versely, under the No. 1 control valve which is throttling, there is 
a very high velocity, high heat-transfer coefficients, and a large 
temperature drop due to the throttling. In this case, the 
initial temperature of the steam was about 100 F lower than the 
metal which contributed strongly to the quenching condition. 

Fig. 7 shows temperatures measured on another similar turbine 
after approximately a 4-day shutdown during which the 
turbine had cooled to about the 250-F level in the region of the 
first stage. 

During this start, there was little cooling during the rolling 
period, but excessively high gradients were established during 
the loading period. A temperature difference in the cireumferen- 
tial direction of about 370 F was produced between the first and 
second control-valve-bow] inner metal surfaces. This large tem- 
perature difference was due mainly to the fact that the throttle 
steam temperature exceeded the hottest turbine metal by as 
much as 275 F during the rolling period. 

In the first case after the short shutdown, the duty on the tur- 
bine could have been reduced by obtaining a steam temperature 
above metal temperatures before rolling and a lower rate of tem- 
perature rise during the loading period. The second case also 
could have been improved by matching the steam temperature to 
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period, and by limiting the rate of throttle-temperature rise during 
the loading period. Tests on other turbines substantiate these 
data as being representative during starting after similar periods 
of turbine shutdown. 

In each instance, the loading rates could have been increased if 
the throttle temperatures were regulated adequately until after 
full load was reached. A simplified diagram showing a desirable 
relationship of steam and metal temperatures is shown in Fig. 8. 

During these tests, temperature gradients as high as 300 F 
were measured across the horizontal joints of the turbine shells 
without causing any apparent distress in the form of joint 
leakage. Since these starts were typical of general practice and 
we have not experienced either cracking or appreciable permanent 
distortion of horizontal joints in ferritic shells, we believe these 
gradients are tolerable. Joint trouble should not be a problem, 
providing difficulty is not also experienced in other critical portions 
of the turbine shell including the bow]-passage area as a result of 
excessive rates of steam-temperature change. 

Several turbines have been equipped with drilled passages be- 
tween the bolt holes in the horizontal joints through which steam 
has been circulated to heat the flanges internally. It has been 
found that the temperature difference across the inner to outer 
surfaces of a flange can be reduced by more than 50 per cent by 
these means, but experience indicates that such provisions are in 
general unnecessary. 

Location of Thermocouples in Turbine Shell. Our recommenda- 
tions are that thermocouples be installed at various locations in 
the turbine shells for the measurement and regulation cf metal 
temperature. The locations, where applicable, now thought to 
be most useful are as follows: 


Upper (or external) valve chest—outer surface. 
Lower valve chest—outer surface. 

First valve bowl—inner surface. 

First valve bowl—outer surface. 

Second (or third) valve bowl—inner surface. 
Second (or third) valve bowl—outer surface. 
Reheat bowl—inner surface. 

Reheat bow!—outer surface. 

High-pressure turbine exhaust—inner surface. 
Reheat turbine exhaust—inner surface. 
Low-pressure turbine bowl—inner surface. 
Exhaust hood (one per last-stage wheel). 
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Thermocouples may be employed in the first-stage shell area 
rather than in that of the control-valve bowls in certain designs. 

The most critical locations are normally in the hottest and non- 
symmetrical portions of the high-pressure shell, say items 3, 4, 5, 
and 6. Measurements at these locations may be used to limit the 
maximum temperature differences between the inner and corre- 
sponding outer surfaces or between various inner surfaces of the 
control-valve bowls. We recommend that none of these dif- 
ferences should exceed 150 F. 

Loading Rate. It should be emphasized that the desirable load- 
ing rate is primarily a function of the temperature distribution 
occurring within the turbine metal which is predominantly af- 
fected by the temperature, pressure, and flow characteristics of 
the main steam supply. As described previously and shown in 
Fig. 1, the maximum metal-temperature change occurring for 
many turbines during a full-load change, provided the throttle 
steam temperature is held constant, will be about 150 F, this 
occurring in the first-stage shell. Were this change to take place 
so that the maximum rate of metal-temperature change is 500 F 
per hr, the total time required would be only 18 min. In this time 
a large machine, say 250,000 kw, would experience a 14 mw per 
min rate of load change; a smaller unit, say 50,000 kw, would 
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undergo a 2.8 mw per min rate of load change. The maximum 
thermal stress for each machine would be similar. 

Of course, a full-load change with little or no throttle tempera- 
ture change is generally most easily produced during a shutdown 
rather than upon starting and loading. In this case were a full- 
load change to occur very rapidly, say in two or three minutes, 
excessive thermal stress should not result since the total maximum 
metal-temperature change will still be about 150 F. For this 
reason, when it is necessary to reduce system load rapidly, it is 
desirable to reduce the load on one or more machines from full 
load to some minimum load, perbaps that required for auxiliary 
power. Such operation will be much less severe than tripping 
the generator off the line with the turbine remaining at speed. 
This latter condition can produce a serious quenching of the tur- 
bine metal resulting from a rapid decrease in the first valve bow] 
and first-stage shell temperatures, especially if the throttle tem- 
perature is also to decrease. This quenching will be more severe 
if the hot turbine is operated at reduced speed and this operation 
should be avoided whenever possible. The control system for 
most units is designed so that the machine will remain at speed 
after a loss of load. However, this operation should be considered 
an emergency or temporary condition which will allow for the 
immediate re-establishment of load where this is feasible. 

Turbine Bypass System. One large utility installation has been 
equipped with a turbine bypass system so that pressures and 
flow through the boiler can be established to raise steam tempera- 
tures to or above turbine-metal temperatures before rolling. 
This particular installation is for a reheat cycle and the bypass is 
in two sections; (1) a reducing station to pass flow from the main 
steam lines to the cold reheat piping and (2) a reducing station to 
pass steam from the hot reheat lines through a desuperheater to 
the condenser. Flow up to about 30 per cent of maximum boiler 
flow can be put through the bypass system before rolling and tests 
have shown that steam and metal temperatures can be matched 
readily after 8-hr shutdowns. Loading rates of 4 mw per min to 
a total load of 195,000 kw have been made on this installation. 
We believe this means of obtaining necessary temperature is an 
outstanding success. 


DesiGN IMPROVEMENTS 


Turbine designs can and are being improved to allow faster 
starting rates by several means. 


1 The primary admission areas can be made of separate small 
pressure vessels having relatively thin walls more easily heated 
throughout, which would prohibit the establishment of large 
temperature gradients. Thin sections not directly attached to 
any heavy section should allow slight deflections in the vessel if 
it is subjected to some unequal heating. The use of several ves- 
sels of similar size will allow for the thermal movement of each 
separate vessel when these are subject to different tempera- 
tures. This should minimize the effects of the nonsymmetrical 
stress distribution occurring in the nozzle-bow] area of the turbine 
shell. Fig. 9 shows a cross section through a turbine with this 
arrangement. 

2 Internal shielding is used to guide cooling steam to reduce 
the temperature of some metal sections or to cause a more 
gradual transition of temperatures across a section. 

3 More uniform heating of the top and bottom shells may be 
obtained by admitting flow simultaneously through a multiple 
number of valves by so arranging the control valve cams where 
feasible. 

4 A means of bypass valving is being studied that will allow 
starting and loading to approximately 20 per cent full-load flow 
with all control valves wide open so that throttling and the result- 
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ing rapid temperature changes do not take place in the shell-nozzle 
bow] passages. 

5 Design improvements to reduce stress concentrations or 
provide additional strength to metal sections are being made in 
the region of the first-stage shell area including the region of the 
main flange bolt holes. 


Steam-Temperature Control. Probably the most productive 
approach, particularly with respect to existing turbines, lies in 
improving steam-temperature control so that steam temperatures 
closely match metal temperatures at starting. This will minimize 
the rate of metal-temperature change during loading. Most 
boilers have had an inherent characteristic of low temperatures 
at no-load flow that causes a quenching of turbine metal when 
starting a hot turbine followed by a rapid increase of temperature 
as flow is established. The results of this condition have been 
shown graphically in Figs.6and7. We believe that much can and 
should be done in the operation of boilers and related equipment 
in order to obtain steam temperatures which match turbine 
metal so that the conditions imposed on turbines are less severe. 
Where the necessary control cannot be obtained with existing 
equipment it may be desirable to make modifications such as the 
bypass system described. 

Another device was recently described (5), whereby a gas- 
turbine combustor was used to provide higher steam tempera- 
tures at light flows by passing hot gases over the superheaters. 


Starting and Loading Sequence. Items which would be regulated 
for the proper starting and loading of any machine should in- 
clude the following: 


1 Prior to the initial rolling period and thereafter manipulate 
the boiler to produce desirable steam conditions dependent upon 
the condition of the turbine. 

2 Gradually and uniformly warm the steam leads and control- 
valve chests. 

3 Admit steam to the turbine slightly warmer than the hottest 
portion of the turbine metal, say, 75 F hotter than the steam-chest 
or control-valve bowls. 

4 Obtain the best exhaust pressure before and during the 
initial rolling period to avoid overheating the exhaust hood. 

5 Open as many control valves as possible to obtain uniform 
shell heating whenever starting with steam pressure appreciably 
below the rated value, and increase the load by raising the boiler 


pressure to the normal level. 


Fic. 9 Cross Section Nozzie-Bov 
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6 Limit the rate of change of the main steam-supply tempera- 
ture and when possible limit the maximum temperature Jevel un- 
til after reaching full load. 


CONCLUSIONS 


If proper temperature control is obtained and adequate instru- 
mentation available to insure that metal sections are not sub- 
jected to excessive thermal stress, we believe that turbines can 
be brought to speed and fully loaded in times as short as 30 min 
after an 8-hr shutdown. Our present thinking is that temperature 
gradients across turbine-metal walls should be limited to 150 F. 
Well-instrumented tests should be run on the boiler-turbine unit 
to determine the optimum starting and loading conditions for 
each individual installation. 
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F. W. Kveun.‘ This excellent paper vaesahte another step 
forward in the art of large turbine design and operation. The 
authors are to be highly commended for the thorough manner in 
which the subject was explored and set down. 

Operators, especially those who are faced with the necessity for 
frequent shutdown and start-up of medium and high-pressure tur- 
bines, have here a completely implemented set of rules of conduct 
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for safe operation of their equipment and extension of its useful 
life. 

We were especially happy to hear that some design thought is 
being given to means of correcting the uneven heating of valve 
bowls during starting as it now exists in conventional turbines 
equipped with stop valves and poppet governing valves. 

Much of the data reported in the paper were collected in Sep- 
tember, 1954, during the early daysof the controlled-start program 
on the first 132,500-kw General Electric Company single-shell 
unit at the Martins Creek Station of the Pennsylvania Power & 
Light Company. Since that time more experience was gained 
over a 13-month period, after which final starting procedures were 
formulated. The information which was gathered during this 
time contradicts two of the authors’ conclusions. 

The first concerns the statement that temperature differences 
across horizontal flanges up to 300 F from inner to outer surfaces 
will not cause severe thermal stress nor lead to horizontal joint 
leakage. Our early starts of the first Martins Creek single-shell 
turbine from cold condition using loading rates of '/,-mw per min 
produced temperature differentials across horizontal flanges in the 
first stage and valve-bow] region of just about 300 F. As a result 
of the unexpectedly large temperature differentials experienced 
with what we thought were extremely low loading rates, the de- 
cision was made to install flange-heating facilities. 

After the flanges were drilled for these facilities in August, 1955, 
and the unit was placed in service, it was found that the horizon- 
tal joint was leaking on one side of the turbine at the point where 
the first valve bowl intersects the horizontal flanges. This was 
evidenced by a pressure build-up at the higher generator loads on 
the flange-heating system to normal valve-bowl pressure values 
when the flange-heating-supply steam and discharge valves were 
shut off. 


We feel that this leakage was brought about by the 300 F 
flange-temperature differentials which were experienced during 
the early starts. 

On the second Martins Creek unit, which is essentially iden- 
tical to No. 1 unit, except that the turbine horizontal flanges were 
drilled for flange heating at the factory, we have held rigorously 
in our loading procedures to maximum horizontal flange-tempera- 


ture differentials of 250 F on all starts. As a consequence, we 
have found no signs of flange warping or leakage. 

The second conclusion with which we are not in full accord is 
the statement concerning independence of front-end metal tem- 
peratures from loading rates. As the authors’ Fig. 1 indicates, 
load changes do not affect front-end turbine-metal temperatures 
seriously when the unit is on line for at least a few hours and 
steam-lead temperatures have become stabilized. 

On starting up, however, the situation is entirely different. 
The inertial effect of the steam leads between boiler and turbine, 
as well as the boiler steam-temperature characteristic, must be 
taken into account. 

Fig. 6, which shows data from one of the early controlled starts 
from overnight shutdown on Martins Creek No. 1 unit, demon- 
strates this graphically. Initial load application was 18 mw, after 
which load was raised at about 2.7 mw per min for the next 14 
min to 58 mw. Steam temperature at stop valves increased at the 
rate of 1080 F per hr during this period and inner first valve- 
bowl temperature increased at 1290 F per hr during the same 
period. 

At that time, our thinking in controlling rate of steam-tem- 
perature rise was that quick application of load would cause a 
larger quantity of steam to pass through the radiant-convection 
superheater, which should result in less heat absorption per unit 
weight of saturated steam passing toward the turbine and keep 
the temperature-rise rate at a minimum. This thinking proved 
to be wrong, since it neglected the cushioning effect of the com- 
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paratively cool piping between boiler and turbine. As initial 
loading and loading rates were raised, the steam temperature at 
turbine stop valves and turbine front-end temperatures increased 
at still faster rates. 

Finally, when we had collected enough information to under- 
stand the combined effects of the boiler steam-temperature char- 
acteristic and the cool steam leads on steam temperature at tur- 
bine stop valves, it was realized that the most effective way of 
controlling steam and turbine-metal temperature-rise rates was 
by applying only about 5 per cent of capability initially, holding 
for a short soak period, while the steam leads (initially at saturated 
steam temperature) between boiler and turbine were absorbing 
heat, and then loading at a parabolically increasing rate so that 
steam and front-end metal temperatures increased at rates not 
exceeding 500 F per hr. We were thus able to develop start pro- 
cedures by control of loading rate alone, which would bring the 
unit to full load of 160 mw after an overnight shutdown for ex- 
ample, some 75 min after synchronizing with steam and turbine- 
metal-rise rates of 500 F per hr or under: This is in sharp con- 
trast to the temperature-rise rates as shown in Fig. 6 of the paper, 
when initial loading rates were much higher. Therefore, it can be 
seen that loading rates immediately after synchronizing have a 
very definite effect on front-end turbine-metal temperatures. 

Experimentally determined hold periods at 5 per cent load 
turned out to be 5 min for starts from overnight shutdown, 15 
min for starts from one or two-day shutdowns, and 25 min for 
starts from cold. 

This paper is highly informative and should be studied thor- 
oughly by all operators. 


R. H. Retsincer’ anv C. B. Scuarp.* The authors are to be 
commended for a timely presentation of a subject of vital in- 
terest to most users of large turbine-generators operating at ele- 
vated temperatures. As system loads increase normal load swings 
must in time be carried by the presently newer units which oper- 
ate at relatively high temperatures. The problems of thermal 
shock at these high temperatures are more severe than have been 
experienced on older, lower temperature equipment. 

The authors have pointed out that the crux of the problem at- 
tending load swings is the temperature differential developed in 
heavy, unequal sections of the turbine casings and that these are 
most severe at the high pressure-high temperature end of the tur- 
bine. The cracking experienced in several of our 850-psi 900-F 
units has been almost identical with the typical examples noted 
in the authors’ paper. 

A load increase demands an increase in turbine throttle flow 
which results at low loads in an increase in steam temperature due 
to inherent boiler-temperature characteristics. Some measure of 
steam-temperature control is available by increasing or decreasing 
attemperation and by manipulation of burners in service. How- 
ever, the range of control by these means is limited as a practical 
steam-generator design does not permit the control necessary to 
limit steam-temperature differentials adequately within the tur- 
bine. We believe that by thoughtful attention to the methods of 
steam admission, both during the rolling and loading periods, ef- 
fective and relatively inexpensive means of temperature control 
can be achieved without complicated and costly modifications of 
the steam generator. 

While it is true that design improvements by both turbine and 
boiler manufacturers to reduce thermal stresses are to be ex- 
pected, it is also true that the problem of controlled starting 
mostly involves units now in service. Turbines are designed to 
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operate economically at all ranges of loading which, of course, is 
highly desirable. It appears however, that for conditions of 
cyclic loading, such efficient designs perforce will not withstand 
the cumulative effects of cyclic thermal stresses of relatively high 
magnitude. In the opinion of the discussers, turbines should be 
designed to withstand reasonable temperature differentials satis- 
factorily. In existing installations subject to frequent shut- 
downs, freedom from trouble is of greater importance than 
maximum efficiency. 

Our company has conducted tests employing different start-up 
procedures that we feel have helped if not entirely solved the 
problems of thermal stressing on start-up and load swings. 

When starting a “hot” turbine, that is, where the average chest 
and bowl-metal temperatures are near or greater than saturation 
temperature, bypassing part of the throttle steam to the con- 
denser is economically undesirable. In our opinion an accelerated 
starting period is the answer so as to reduce the amount of cool- 
ing and subsequent reheating (see the authors’ Fig. 6). Tests 
with rolling periods of 15 to 20 min have shown temperature rises 
of less than 500 F/hr and differentials of less than 150 F as in- 
dicated by surface and depth couples located at critical points. 

Most of our turbines are equipped with a motor-operated gate 
valve in the main steam line ahead of the emergency stop valve. 
On starts where the average metal temperature is less than 500 F, 
use is made of a 1'/:-in. pressure-equalizing bypass line around the 
motor-operated gate valve to throttle the steam ahead of the con- 
trol valves. With this arrangement the turbine may be rolled and 
brought up to speed with all control valves in the wide-open posi- 
tion. A typical start with a turbine temperature of 225 F and a 
boiler pressure of 570 psi will produce generally moderate tem- 
perature differentials within the critical areas of the turbine. This 
is illustrated by the temperature-time plot in Fig. 10 of this dis- 


900; T T 
‘ 850 PS|- 900 F- 60,000 KW PREFERRED 
STANDARD UNIT 


+ 


+ 


FIRST VALVE BOWL 
NNER SURFACE 


TEMPERATURE - F 


SECOND VALVE BOWL 
INNER SURFACE | 
ouT SURFACE 


ROLLING 
60 120 
MINUTES AFTER ROLLING 


Fic. 10 Wits 1!/:-In. Bypass Line Arounp GATE VALVE 
Arter 56-Hr SHuTpDOWN 


cussion. In the test results shown in this figure the turbine was 
rolled to synchronous speed with all control valves wide open, 
thus obtaining full admission and uniform shell heating during 
this period. When full speed was reached, the control valves were 
closed gradually and the pressure between the bypass and control 
valves increased to a pressure of 770 psi, raising the chest-metal 
temperature to about 510 F. The unit was then loaded at the rate 
of approximately 1 mw every two min to about 12 mw (the point 
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where the second valve opens), which further increased the metal 
temperature to 750 F (150 F below rated temperature). 

With this procedure all the metal parts showed very good tem- 
perature rises and differential curves during a cold start except 
in the case of the second valve bowl which showed a too rapid 
cooling and heating cycle as it was closed for raising pressure in 
the steam chest and was opened for load pickup. The effect on 
the first valve-bow] inner surface during initial loading was some- 
what less. The use of identical cams will cause the first and 
second valves to open simultaneously which we feel will elimi- 
nate the rapid temperature change of the second valve bowl. 

It is probable that the third and subsequent valves will show 
similar temperature drops but it is believed that these will be of 
smaller magnitude and can be tolerated. 
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On one machine a 4-in. bypass line has been installed around 
the motor-operated gate valve which permits us to roll to speed, 
parallel, and light load the machine to about 10 mw with the con- 
trol valves maintained in the wide open position. Synchronizing 
the unit with the system has proved to be very precise, and we 
feel provides the best procedure for starting and initially loading 
a cold machine. Fig. 11 of this discussion shows a typical start-up 
using this scheme. Actual rolling time was determined by the 
existing average metal temperatures at the start of the roll. How- 
ever, because of the success with the use of the 1'/,-in. bypass 
line, it is not planned to install a 4-in. line on other units at this 
time. 

It is interesting to note that the authors have shown a maxi- 
mum temperature drop at No. 1 valve bow! during starting. This 
drop was not found in any of our tests, whereas this reaction was 
shown very strongly at No. 2 valve. We would like the authors to 
explain this anomalous behavior. 


AutTHors’ CLOSURE 

The authors wish to express their appreciation to all those 
presenting discussions; they are most welcome. The additional 
information and analysis presented should be of particular use to 
both manufacturers and operators of large turbine-generator 
units. 

We feel it important to emphasize the fact that the leakage to 
which Mr. Kuehn refers is that resulting from the communica- 
tion of some internal portion of the steam path to the space of a 
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horizontal joint bolthole. Such a communication will not 
necessarily produce a leakage or circulation particularly if the 
boltholes are not interconnected. Measurement of bolthole 
pressures on other units corroborate that steam path pressures 
may exist in boltholes. We believe this is to be a prevalent 
condition. This should not cause difficulty unless an internal 
fiow occurs bypassing a portion of the turbine. This situation 
would certainly be aggravated by excessive thermal stress. In 
any event, no leakage should occur across the flange joint into the 
room. 

The authors are especially indebted to Mr. Kuehn for the 
large amount of information he has obtained and for the interest 
sustained by the Pennsylvania Power and Light Company on 
this subject. 

Mr. Reisinger and Mr. Scharp present very interesting and 
informative data depicting typical turbine starting and loading 
cycles produced by employing a throttle valve ahead of the 
turbine stop and control valves in order that the unit may be 
started with all control valves wide open. Significant desirable 
changes resulted in the shell thermal distribution in contrast to 
other procedures. This kind of operation shows good promise for 
further application. Much credit is due the Baltimore Gas and 
Electric Company in proving this procedure feasible for the 
control of thermal stress. 

The authors are asked to explain the difference in temperature 
characteristics indicated by the No. 1 and No. 2 control-valve- 
bow] metal surfaces for the condition of starting and loading with 
each turbine-control-valve opening in sequence as contrasted to 
the case where all control valves are wide open during the starting 
and initial loading period. Data for the first of these two condi- 
tions are shown in Figs. 6 and 7, and for the second condition in 
Figs. 10 and 11. When the entire steam flow occurs initially 
through the No. 1 control-valve-bowl] passage (Figs. 6 and 7), 
the temperature at this location tends to change most rapidly be- 
cause of the expansion due to the relatively large pressure drop 
across the No. 1 control valve, the high velocities in the bowl 
passage, the resulting good heat-transfer coefficients, and the 
fact that the bowl pressure can increase rapidly as load is estab- 
lished and large flows occur. If no flow exists in the No. 2 valve- 
bowl passage, the turbine metal at this location approaches that 
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of the first-stage shell temperature. During initial starting and 
loading, the pressure and temperature of the idle passages do not 
change rapidly although sudden changes may occur later when 
these valves are opened and steam from the chest is admitted to 
the bowls. A rapid temperature change of the No. 2 control 
valve resulting from this situation is shown in Fig. 7. 

These considerations also apply to the condition shown in 
Figs. 10 and 11. However, in this case since all valves are initially 
open, similar changes in temperatures occur in each bow] passage. 
At this time the bowl metal may be made to change temperature 
gradually, as demonstrated, by utilizing the throttle valve which 
permits the regulation of temperature in the main steam supply 
to the turbine. Use of this valve eliminates all but a negligible 
pressure drop across the wide open control valves as well as the 
attendant thermal change due to expansion. When flow occurs 
through all bowls, the mass flow through each is smaller at any 
given speed or load and thermal changes are further minimized. 
When subsequently in the loading period the control valves in- 
cluding No. 2 are closed, with only the No. 1 control valve re- 
maining open, the temperature of the idle passages approach that 
of the first-stage shell temperature as previously described. The 
magnitude of the temperature change resulting in the idle bow] 
passages is dependent upon the load and the rapidity of the 
change upon the time taken to close the valves. The tempera- 
ture of the No. 1 valve-bowl passage may increase as the other 
valves are closed due to the fact that the pressure in the No. 1 
valve passage increases as all flow is made to pass through this 
bowl. 

It is of particular significance that the relatively large thermal 
difference of about 300 F which is indicated between the inner 
surfaces of the first and second valve bowls at the time of the 
initial loading period, as shown in Fig. 10, is nonexistent in Fig. 
11. The corresponding maximum thermal difference shown in 
Fig. 11, occurring after the closing of the control valves, is much 
smaller. A comparison of Figs. 10 and 11 clearly demonstrates 
the beneficial result of establishing a throttle flow about equal to 
or greater than the flow which will cause the No. 1 control valve 
to remain fully open prior to the time the governor control is 
transferred from operation on the throttle valve to the control 
valves. 
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Instrumenting a Field Study of Industrial 
Water-Cooling Tower Performance 


In pursuit of its objective “to advance the technology, 
design, and performance of industrial cooling towers,” the 
Cooling Tower Institute undertook a comprehensive in- 
vestigation of the several factors influencing tower per- 
formance. In the hope of developing either corrections or 
compensations for the loss of capacity due to changes in 
atmospheric conditions, including wind velocity and direc- 
tion, a thorough study was made to determine the exact 
cause and magnitude of the losses on various sizes, types, 
and configurations of water-cooling towers. 


O BE worth while, the study of water-cooling towers 

necessitated quite precise measurements of operation, in- 

cluding measurement of relatively large quantities of air ar 
water and accurate recording of the continuously changing a 
mospheric conditions. These measurement problems, of cours 
have arisen before in the testing of cooling towers. In this stud 
however, more than usual accuracy was required and the fr 
quency of readings needed to be considerably greater than 
normally used in cooling-tower-performance testing. 

For the purposes of the CTI field study, 20 industrial towers 
installed and operating in the Gulf Coast area were selected for 
test. Each was a “typical” installation, chosen to fill a par- 
ticular niche in the study of the effect of proportion, configuration, 
or operating characteristics on tower performance. All tests 
were conducted while the towers were under normal operating 
load. Because of the preponderance of the induced-draft de- 
sign, 18 of the studies were made of them while only two studies 
were made on forced-draft types. 


Mosi.e Test 


The instruments and other test apparatus described in the 
following text were mounted or transported in the mobile test 
unit shown in Fig. 1. The unit was built on a standard trailer 
chassis provided with interna] reels for the electrical cable. 
The sides and back of this trailer opened upward to provide in- 
strument protection against sun and rain. All sensitive equip- 
ment was mounted or packed in rubber to minimize damage 
while in transit. All of the equipment was of “explosion-proof”’ 
design to allows its use within refineries and other hazardous-area 
operations. 


Arr TEMPERATURES 


Air-temperature measurements were made in the entering 
and exit-air streams. The wet-bulb and dry-bulb temperatures 
of the entering air were found to be difficult measurements to 
make accurately. The quantity of air entering was so great 
and spread over so large an area that appreciable differences in 
temperature were found to exist from position to position. Also, 

1 Palo Alto, California. 

Contributed by the Power Test Codes Committee and presented 
at the Annual Meeting, New York, N. Y., November 25-30, 1956, of 
Tue AMERICAN Society OF MECHANICAL ENGINEERS. 

Nore: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, June 14, 
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there was variation from time to time as the temperature of the 
atmosphere was rising, falling, or fluctuating. 

To develop data on the extent of recycling of saturated vapors 
under certain wind conditions, the entering-air wet-bulb tem- 
perature on the leeward of the tower was compared to the en- 
tering-air wet-bulb temperature on its windward. To deter- 
mine this heat-content increase, frequent and accurate measure- 
ment of average inlet-windward wet-bulb temperature and 
average inlet-leeward wet-bulb temperature was necessary. 
To minimize the effect of the variations in temperature with posi- 
tion, five mechanically aspirated psychrometers were spaced at 
equal intervals along each side of the tower. Readings at these 
stations were recorded as nearly simultaneously as possible, and 
repeated every 5 min in order to detect the changes in tempera- 
ture with time. Another psychrometer was placed well upwind 
of the tower to measure the ambient wet-bulb and dry-bulb tem- 
peratures. This ambient position was selected to be remote 
from any influence of the tower and to show what temperature 
effect, if any, the tower was having on the air entering on the 
windward side Wind-direction recording instruments showed 
that the windward and leeward sides were being chosen cor- 
rectly at all times. 

The conventional sling psychrometer usually used to make 
these air-temperature measurements has several weaknesses. 
The speed with which the air passes the wetted wick on the wet- 
bulb thermometer will affect the indicated temperature slightly, 
with the possibility that swinging the psychrometer at different 
speeds may show somewhat different results. Also, the sling 
psvchrometer must be kept in motion long enough to reach 
equilibrium temperature and the water on the wick must last 
long enough to read this condition. Further complications with 
this method result from the fact that the number of measure- 
ments taken at any one time is limited to the number of men avail- 
able for taking them. 

We felt our first problem was to find a dependable temperature- 
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(Twelve mechanically aspirated electrical-resistance-type psychrometers are shown in foreground.) 


sensing device which would give an accurate and consistent wet- 
bulb temperature measurement at all times. The Foxboro 


mechanically aspirated psychrometer was selected for this 
service, Fig. 2. To record simultaneous readings from several 
points it also was necessary that the sensing elements in these 
mechanically aspirated psychrometers be of an electrical type, 
rather than mercury-in-glass thermometers, with all the values 


transmitted electrically to a central recording instrument. Re- 
sistance thermometers were chosen for this service over ther- 
mocouples for their greater accuracy in the lower temperature 
range and because they could be compensated when calibrated 
with small capacitors, making unnecessary the application of 
correction factors to the original readings. 

Motor-driven blowers attached to the water boxes developed 
air velocities of approximately 1,000 fpm across the wet-bulb 
and dry-bulb pickups. The wick for the wet-bulb pickup ex- 
tended down into a trough of distilled water, kept at a constant 
level by an attached reservoir. Approximately 1 inch of the 
wick was exposed between the surface of the water and the pickup 
to allow time for the water to approach equilibrium temperature 
before reaching the bulb. Wicks were removed and thoroughly 
washed at the end of each day’s run. Complete replacement with 
new wicks was made three times during the course of the summer. 

The sensitive portions of the resistance thermometers were of a 
small diameter and of such length as to give quick accurate 
readings of the changes in temperature. All pickups were 
shaded against direct radiation. A 3-wire cable was provided 
for each of the two bulbs and a 2-wire cable for the blower motor. 
These three cables plugged into a small panel on the back of each 
water box. At the mobile test unit they plugged into the central 
panel which was connected to a segmental switch recorder fitted 
with a circular chart graduated in 1-deg increments over a range 
of 30 to 110 F. The recorder and accompanying switching sys- 
tem were designed so that the pin depressed on the chart only 
long enough to make a dot, then the segmental switch shifted 
to the next position and another dot was made. This resulted 
in a series of 22 dots in approximately 90 sec, representing wet- 
bulb and dry-bulb temperatures at the 11 locations. The 
process was repeated every 5 min for | hr and 20 min to complete 
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The water boxes, Fig. 3, were mounted 
on aluminum tripods 5 ft high, and during a 
test were equally spaced down each side of 
the tower within 2 or 3 ft of the air-inlet 
louvers. The ambient station was located 
from 50 to 200 ft upwind of the cooling 
tower, depending on the surroundings. 
The plugs on both ends of the cables per- 
mitted quick assembly and disassembly. 
With cables varying in length from 50 
to 250 ft the mobile test unit could 
be placed at one end of the tower and 
the psychrometer stations positioned 
along the length of both sides for a dis- 
tance of almost 200 ft. 

This instrument gave fairly 
factory service in the field, the 
problem being to maintain clean and 
dry connections on the cables. The 
balancing mechanism on the recorder 
was very swift, balancing in approxi- 
mately 2 sec from reading to reading. 
The difference in length of lead wires 
was compensated by the addition of 
small capacitors of different sizes on each 


satis- 
main 


we 


Fic. 3 Water-Box AssemBty Mountep on 5-Fr Tripop 
Water-Bort.e Feepine Reservoir With Distittep WATER 


(Electrical conductors to resistance thermometers and blower motor plug into 
back side of mounting panel. Tripod assembly is made of aluminum to 
minimize weight and corrosion problems.) 


of the terminals to correct the reading back to the value received 
without the lead wires. The instrument was calibrated at the 
beginning of each test with a check coil, and the reading checked 
against a mechanically aspirated 18-in. mercury-in-glass ther- 
mometer to within 0.2 deg F. Both the recorder and switch 
units were mounted in rubber and required very little main- 
tenance, Fig 4. 

Exit-air wet-bulb temperature was measured by quadrants 
just below the top of the fan stacks in the exit-air stream by 
means of a shielded wetted-wick mercury-in-glass thermometer. 
Care was exercised to avoid contamination of the wick by en- 
trained droplets in the air stream. Readings were taken visually 
and reported in time sequence on the test data sheets. These 
measurements were made at the beginning and end of each test 
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(Unspooled lead wires shown in foreground. Standard test setup included ten stations at air inlets and 
i One spare unit was maintained in operating condition as 


one station in ambient-upwind position. 
standby.) 


to give an average exit-wet-bulb-temperature value to be used 
in calculating the heat balance on the tower and for determining 
exit-air density. The densities of the ambient and inlet air 
also were determined from their respective temperatures. 


AIR QUANTITY 


Air-velocity measurements were made to determine mass 
flow at the inlet and exit of the tower. The standard instru- 
ment used for such air-flow measurement is the Biram vane- 
type anemometer. The usual procedure is to tie a rubber band 
to the off-on switch which activates the counter and operate the 
anemometer when it is held at a distance by turning the switch 
“on” with a string. The objection to this method for meas- 
uring inlet or exit-air flow is that it is sometimes difficult to tell 
whether the anemometer is actually turned on and off at ex- 
actly the correct moment to agree with the stopwatch. To avoid 
this contingency and yet to provide for fast accurate readings a 
new instrument was devised. A standard 4-in. 8-blade Biram- 
type anemometer was equipped with a gear-and-cam mecha- 
nism which broke an electrical contact once for every equivalent 
25 ft of air that passed through. The anemometer head was 
mounted on an extension rod that could reach 12 ft. The elec- 
trical conduits were within the rod and plugged from the end of 
it into a magnetic counter. The counter was placed in an ac- 
cessible position and observed closely during readings to assure 
its proper continuous performance. 
it could be seen, accurate 1-min readings in each position could 
be taken with the aid of a stopwatch. The counter originally 
was designed for battery operation, but this proved unsatisfactory 
owing to short battery life in this service. Therefore, a sele- 
nium rectifier and transformer with proper resistance were as- 
sembled so that the counter could be operated on 110-volt 
alternating current. This gave satisfactory service for inlet- 
air readings but in the exit-air stream occasional wetting of the 
electrical circuit by condensate and entrained moisture caused 
erratic response. This was handled by drying the instrument 


With the counter where - 


horoughly and then repeating the run. 
To determine the exit-air flow the air 
elocity was measured on three wind- 
rard-side fans and three leeward-side 
ans. The free area of the fan was di- 
vided into five concentric equal-area 
annuli and I-min readings were taken in 
the center of each of these annuli on all 
yur quadrants, giving 20 readings per 
an which were averaged arithmetically. 
The angle of yaw was measured by lining 
up a string attached to a metal projection 
on the end of the extension pole and 
reading the angle on an indicator posi- 
tioned on the handle end of the extension 
rod. From this angle a yaw correction 
was applied to the anemometer reading. 
In the first few calculations the yaw cor- 
rection was made on each anemometer 
reading before averaging. However, after 
it was determined that no appreciable 
difference resulted, in reporting later 
tests the yaw correction was applied after 
the anemometer readings had been aver- 
aged. 

Nameplate data were taken off the 
tower fan motors and amperage to each 
motor checked by a clamp-on type am- 
meter. The voltage and power factor also 
were obtained for calculation of input 
horsepower. A curve of amperage versus air-discharge quantity 
(in actual cubic feet per minute) was plotted from the values of 
air discharge obtained on the six fans measured for air flow. The 
total actual exit-air quantity for all fans was then taken from this 
curve by reading the flow for each fan from the curve, knowing 
the amperage being drawn by each fan. Although this was a 
shortcut method, it was felt that, with the same type equipment, 
voltage, and power factor on each fan, the correlation would not 
introduce appreciable error. 

Inlet-air flow was caiculated from the inlet-air velocity meas- 
ured on one windward cell and one leeward cell. Velocity read- 
ings were taken at a distance of approximately 1 ft from the 
louver openings with the axis of the anemometer held perpendi- 
cular to the wall of the tower. Where there were large louvers 
with considerable free area between them, the anemometer was 
held between the louvers and the axis of the anemometer 
kept parallel to the air flow. In this case the free area between 
louvers perpendicular to the air flow was used as area in calcu- 
lating inlet-air flow. Six readings were taken from the bottom 
to the top of the louvers at four intervals across the length of the 
louvers giving a total of 24 readings of 1 min duration each. 
From the readings on windward and leeward sides, average inlet- 
air velocity and total actual inlet-air quantities were calculated. 

A separate hand-type calibrated Biram anemometer was kept 
as a standard to check the responsitivity on the magnetic- 
counter anemometer. Correction-factor charts were furnished 
by the respective anemometer manufacturers. 


Winpv VEvocity AND D1rRecTION 


A completely independent battery-powered (Beckman & 
Whitley) unit was used to record wind velocity and wind direc- 


tion. This unit, including the two Esterline-Angus strip-chart 
recorders, was placed upwind of the cooling tower in the same 
general location as the ambient-air-temperature station. Both 
sensing units were mounted on a tripod approximately 5 ft above 
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(Battery power pack is in base of control panel unit shown here on top of 
portable carrying case. All components except the wooed fit into protected 
compartments within the case for shipment and field handling.) 


Conventional procedure for measuring wind velocity utilizes 
an indicating 4-in. vane-type anemometer. With this type of 
instrument, however, it is difficult to keep the axis always par- 
allel to the fluctuating wind direction. A wind sock or vane will 
show wind direction roughly but these are usually unresponsive 
to small deviations in wind direction and are somewhat slow 
responding to rapid changes. Furthermore, they also have the 
disadvantage of being indicating instruments rather than the 
recording type. 

The Beckman & Whitley wind-velocity unit consisted of a 
cup-type anemometer with three cups rotating on a hollow verti- 
cal shaft. On the inside and at the base of this shaft was a 
small light source. A hole drilled on the side of the shaft per- 
mitted the light to flicker through once each revolution. The 
light coming through this hole fell on a germanium photoelectric 
cell. The impulses of electrical current thus generated were 
carried to the control unit where they were fed into a relay-type 
frequency meter. The output of the frequency meter was fed 
into a spring-driven strip-chart recorder of the continuous-drag 
pin type. This recorder gave a continuous record of the wind 
velocity directly in miles per hour with a range switch providing 
a choice of a range of 0 to 12 mph or of 0 to30 mph. The speed 
of the chart drive was adjusted to progress */, in. of chart for 
every minute of the test. 

The Beckman & Whitley wind-direction instrument con- 
sisted of a lightweight vane counterbalanced with a weight on the 
pointer end mounted in a free-moving bearing. The vane ac- 
tuated a simple voltage-divider circuit which was connected with 
a potentiometer in the control unit. The recorder was the same 
type as for the wind velocity and output was recorded on a 
strip chart with a scale of 360 deg in 5 deg increments. The 
instrument was located to record the base wind direction at the 
180 deg line. The angle between azimuth north and the longi- 
tudinal axis of the tower was determined by use of an alidade so 
that the angles at which the wind approached the -tower 
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could be calculated from the recorded wind-direction data. 

Six tests of 1 hr and 20 min duration each were run on each 
study to obtain a variety of wind conditions for interstudy cor- 
relation and the two instruments were operated to record with- 
out interruption from 5 min before each test to 5 min after that 
test. The time was noted on the strip charts at the beginning 
and ending of the test; then the charts were marked off in 5- 
min intervals to correspond with the taking of inlet-air wet-bulb 
and dry-bulb temperatures. 

Both recorders had a square-wave signal of small amplitude 
generated by a relay oscillator induced into the recorder circuit 
to reduce the pin-to-paper friction and to give higher resolution. 
The wind-velocity instrument was rated accurate to plus or 
minus 5 per cent of full scale and the wind-direction unit ac- 
curate to plus or minus 3 deg azimuth. Both circuits were 
checked in at zero at the beginning of every test. Battery life 
on this unit was good with one set of batteries lasting the 6- 
month testing season. 


WaTER TEMPERATURE 


The main difficulty in measuring water temperature is ob- 
taining a valid average. If a place where the water is well mixed 
is not accessible it is necessary to take several readings on a 
traverse to average out laminated conditions. In the CTI 
procedure, both the hot and cold-water temperatures were 
taken every 5 min to correspond with the other readings. Cali- 
brated mercury-in-glass thermometers graduated to 0.2 deg F 
were used to obtain water temperatures. When possible the 
hot-water temperature was taken in risers going into the dis- 
tribution system of the tower. Rather than using a totally 
encased thermowell, the thermometer was inserted in a short 
sampling pipe and an appreciable stream of water allowed to 
run by it continuously so slight changes could be picked up 
quickly and accurately. Care was taken to read all ther- 
mometers at right angles to avoid parallax. Readings were 
taken on several risers to verify the thorough mixing of the hot 
water or to obtain a valid average if it were not mixed thoroughly. 

Cold-water temperature was taken immediately after the pump 
discharge when possible to insure thorough mixing. In the case 
of several pumps the temperature was taken on the discharge of 
each pump and the weighted values averaged. Cold-water tem- 
perature was obtained by the same sampling technique as hot- 
water temperature. Measured hot and cold-water tempera- 
tures gave the cooling range; the approach was figured separately 
to inlet-air and ambient-air wet-bulb temperatures. etd) wah 
at? 


WATER QUANTITY 


Water flow was determined three times per test, at the be- 
ginning, during, and ending. This was one of the most difficult 


of measurements to make accurately. Some of the systems were 
equipped already with orifice plates and after checking the cieanli- 
ness and diameter the manometer readings of the orifice were 
used to calculate water-flow rate. Otherwise, a pitot tube 
was used as the preferred way of determining water flow. In using 
the pitot tube, care was taken to locate a straight run of pipe to 
assure uniform flow characteristics. A multipoint traverse was 
taken on two diameters 90 deg apart. The inside cross-sectional 
area of the pipe was divided into four or five concentric equal-area 


‘annuli and readings were then taken in the mid-point of 


each of these annuli on both diameters. The velocity in feet per 
second was figured by the standard formula V = C+/(2gh). 
The flow in gallons per minute could then be computed from the 
average velocity and the pipe area. Blow-down and make-up 
water flow were determined by meter, weir, or by volumetric 
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‘nance became simple routine. 
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OTHER OBSERVATIONS 


The barometer reading to the nearest 0.01 in. was recorded at 
the start and finish of each test, using a temperature-compen- 
sated aneroid barometer. Visual estimation of per cent cloud 
cover and of cloud elevation also was recorded at the beginning 
and ending of each test. Any precipitation during the test was 
noted on the test-data sheets. 

Tower-design details, structural configuration, relative posi- 
tion of adjacent structures, and other physical factors thought to 
influence recirculation were considered and tabulated carefully. 


CoNCLUSIONS 


Although many minor changes were made, both in instruments 
and procedures, during the first few weeks of the program, it 
was the critical opinion that the instrumentation and method 
represented a distinct improvement over earlier procedures. In- 
strument accuracy was consistently high. Instrument mainte- 
A three-man trained crew 
handled readings and recordings which heretofore were con- 
sidered so complex as to be virtually unobtainable. Further 
refinement was considered unnecessary except for the develop- 
ment of a wet-bulb temperature-recording system which would 
pin-point values within 0.25 deg F and in rapid sequence. 


Report PROCEDURE 


Curves were plotted for windward-side, leeward-side, and 
average inlet wet-bulb and dry-bulb temperatures; ambient 
wet-bulb and dry-bulb temperatures; hot-water temperature; 
cold-water temperature; wind velocity and wind direction. All 
these data were plotted one above the other using time as a com- 
mon abscissa. By following a vertical line, all the air and water 
temperatures at any given time could be established, as well as 
the corresponding wind velocity and wind direction. However, in 
order to synchronize the hot and cold-water temperatures with 
the other curves, it was first necessary to determine the cold- 
water “‘lag’’ time and the hot-water “‘lead’’ time. 

Cold-water lag time was calculated by figuring one half of the 
volume of water in the basin plus the volume in the sump and line 
up to the location of the cold-water-temperature measurement. 
This volume was divided by gallons per minute of water flow to 
give the average time it took the water hitting the surface of the 
basin to reach the point at which the cold-water temperature was 
measured. This procedure assumed complete mixing within the 
system and may have introduced some small margin of error but 
gave a close approximate time lag. The cold-water curve was 
shifted by the amount of this cold-water lag time. 

The calculation of hot-water lead time was made by figuring the 
volume in the system between the position of hot-water-tempera- 
ture measurement and the final distribution of the water in the 
top of the tower. Dividing this volume by the gallons per minute 
of water flow gave the time required for the hot water to start its 
downward trip through the tower after passing the hot-water- 
temperature-measuring point. The hot-water-temperature curve 
was shifted accordingly. 

Heat balances were approximated from the study data, using 


(HWT — CWT) X lb H,O per hr = 
(exit Heatering air) x lb air per br 
which might be written 


Range X (60 X 8.33 X gpm) = (H at exit WBT—4H at 
entering WBT) 

x acfm (at exit wet bulb) 
cu ft per lb BD air (at exit conditions) 


x 60 


More precise calculations were based on the formula 


(HWT CWT) lb H,0 per hr + (Wexit Watering sir) 
(CWT aie 32) X |b dry air per hr = (Hexit — Hentering air) 

x lb dry air per hr 
in which 
HWT = hot-water temperature entering tower 
CWT = cold-water temperature leaving tower 

H = total heat of air-water vapor mixture 
W = 


wen 


A. L. Hessetscuwerpt, Jr.2 As a member of PTC No. 23 it 
was the writer’s privilege to see the forerunner of the equipment 
described in this paper operating under field conditions at Bay- 
town, Texas, and the Cooling Tower Institute is to be commended 
for making available the results of their extensive investigation. 

The comment, in the paper, concerning the difficulty of ac- 
curately determining the wet-bulb and dry-bulb temperatures 
is very pertinent. On the inlet side of the tower the observa- 
tions can be made accurately but it is a question of how repre- 
sentative are the values. Exactly the reverse holds true in the 
case of the exit-air stream. Here the values are representative 
but their accuracy of observation can be questioned. This is a 
phase of the work which requires further investigation. 

In presenting the heat balances it is obvious that the term 


’ W, described as “average absolute humidity’’ really represents 


the specific humidity or humidity ratio. A somewhat similar 
comment is in order concerning the term H, described as “total 
heat of air-water vapor mixture.’’ In order to conform to normal 
usage this should be described as, “the enthalpy of the air-water 
mixture,’’ and the symbol small h should be used. 

Another minor point concerns the equation which employs 
the term “cu ft per lb BD air (at exit conditions).’’ Apparently 
the BD refers to “bone dry’’ and in air-conditioning work it has 
been found satisfactory simply to use the term “cu ft per lb dry 
air.”’ 

In conclusion, it is the writer’s opinion that the Cooling Tower 
Institute has rendered valuable service and deserves both thanks 
and credit. 


D. H. Hurcuison.* This paper is well written and provides a 
real contribution to methods of taking meteorological data under 
field conditions. In many of our scientific endeavors there is 
need for collection of considerable meteorological data in the 
field where neither shelter nor electric power is available. The 
writer believes that this is one of the best-designed units for field 
use, short of the elaborate tractor-and-trailer unit used by the 
military establishment. 

The authors have made as many observation recordings as 
possible. This is commendable because it reduces the human 
error to a minimum. 

There are two points on which the writer would suggest modi- 
fications. He believes that it would be much better to use the 
Foxboro mechanically aspirated psychrometer on the exit air 
as was done on the inlet air. However, there may have been rea- 
sons why this was either not desirable nor practical. 

It is believed that air-velocity measurements could have been 
obtained more easily and perhaps with more accuracy with a 
device other than the Biram vane-type anemometer. Was the 
hot-wire anemometer considered? This has a number of ad- 


2 Associate Professor of Mechanical Engineering, Massachusetts 
Institute of Technology, Cambridge, Mass. 
3 Stanford Research Institute, Menlo Park, Calif. _ 
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vantages including the fact that it is recording, will give accurate 
data on the variations in wind speed, and is automatic. There 
may be disadvantages to this type of air-velocity measurements 
of which the writer is not aware. 

The water-temperature measurements seem rather cumber- 
some but the writer has no better suggestion. 

In their conclusions, the authors indicate that they would like 
a pin-point recording wet-bulb temperature-measuring system, 
accurate to about 0.25 deg F. Has the electrical resistance-type 
device been tried? A lithium-chloride strip is used in raysonde 
equipment. The writer wonders if it would work in these 
circumstances. If the need is great enough, he is sure that an 
infrared-absorption technique could be developed. The Weather 
Bureau has done considerable work in this field. 

This paper represents an excellent contribution to methods of 
collecting meteorological data at field sites. 


AvutTHorR’s CLOSURE 


We acknowledge with thanks Professor Hesselschwerdt’s 
corrections for the definition of W and the enthalpy term H. 
He brings into sharp focus the difficulties involved in getting 
reliable measurements of wet-bulb and dry-bulb temperatures 
at either the inlet louver areas or the discharge stacks. We, 
too, are searching for a satisfactory answer. 

As Mr. Hutchison comments, it might be better to use a 
mechanically aspirated psychrometer on the exit air stream. 
CTI has such an instrument especially designed for this purpose. 
It includes cyclone-type liquid traps to eliminate entrained 
moisture and was used for certain measurements, but it was 
bulky and extoemaly,s slow for or taking multiple re readings within 


- recirculation upon cold water temperature. 


TRANSACTIONS OF THE ASME 


the specified test time. Cumbersome supporting devices would 
be required to carry the Foxboro electric-resistance type psy- 
chrometer securely across the discharge throat of a large diame- 
ter fan. Such a support would be both difficult and dan- 
gerous to handle from scaffolding over large fans and high stacks, 
particularly if it were to be moved from stack to stack. Our se- 
lection of instruments and accessories was influenced by the 
necessity of maximum portability and minimum setup time and 
with an eye on our perfect safety record. 

The hot wire anemometer was not used for air velocity de- 
termination because of the difficulty of eliminating entrained 
moisture in the exit air stream without at the same time changing 
the velocity of the stream at the point of measurement. En- 
trained moisture causes false readings on hot wire anemometers. 
Various types of hot wire devices have been tried in this appli- 
cation since 1946 but without success. Here again we are open 
for suggestions. 

The segmental recorder described in this paper does use elec- 
trical resistance bulbs for pickups. A zero balancing system 
compensated for differences in lengths of leads from the tem- 
perature-sensitive elements back to the recorder. 

The Cooling Tower Institute is continuing its efforts to de- 
velop improved equipment and simplified testing techniques. 
At the present time a more compact set of instruments, called 
the CTI Portable Test Kit, is being used for field performance 
testing. The Mobile Test Unit is used only for complete analysis 
of tower performance and the continuing study of the effect of 
Any comments 
from the readers for improvement of this equipment will be 


genuinely welcome. 
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Cooling towers are an important component in many of 
today’s large steam-electric generating plants and the 
power industry is looking forward to an even greater use of 
this equipment in the future. Certain problems and 
difficulties presently confronting the tower purchaser and 
user are reviewed in the light of the purchaser’s require- 
ments and the user’s operating experiences. Maintenance 
cost data for 50 cooling towers totaling 2,600,000 gpm ca- 
pacity are presented. The effect of tower thermal-per- 
formance deficiency on station capability and heat rate is 
discussed. The paper is concluded with a prediction of 
what the cooling-tower industry has to look forward to 
from the power industry as regards future cooling-tower 
sizes for both nuclear and conventional, fuel-fired power 
plants. 


INTRODUCTION 


HE application of mechanical-draft cooling towers in the 
systems of steam-electric power plants has 
~ seen its greatest acceptance beginning with the post-World 
War II utility expansion period. Today, scarcely 10 years after 
this first great commercial stride, cooling towers are acknowledged 
to be a proven power-plant component and an indispensable ele- 
ment in the long-range future expansion plans of some electric 
utility systems. They allow considerable flexibility in system 
planning by not restricting plant locations to the immediate 
vicinity of rivers or large bodies of water, but rather permitting 
new plants to be built near fuel sources and load centers which 
are the “raw product’’ and “consumer market’’ of the electric 
utility industry. 

On the basis of certain observations it appears that there will 
be an even greater number of cooling towers used to serve steam- 
electric generating plants in the future than there has been in the 
past. Some power plants presently located on small rivers with 
low minimum flows and employing direct cooling systems will 
find it necessary to use cooling towers with their future plant ex- 
tensions. Certain areas of the country are initiating statutory 
control of heat rejection into small lakes and streams because of 
its detrimental effects on fish life, thereby restricting the further 
industrial use of these surface waters. Favorable plant-site loca- 
tions on well-stabilized sections of large rivers are becoming more 
difficult to find because they are attractive to many other indus- 
tries which also need large quantities of cooling water and wish to 
take advantage of low-cost river-barge transportation. Land 
acreage necessary to create an artificial pond of sufficient size to 
serve a large generating-plant development located near a load 
center is becoming less readily available at a reasonable cost. 

In most instances the utilization of a cooling-tower circulating- 
water system is an economic choice studied at the time a new 


1 Mechanical Engineer, Ebasco Services Inc. Mem. ASME. 

Contributed by the Power Test Codes Committee and presented 
at the Annual Meeting, New York, N. Y., November 25-30, 1956, of 
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Norse: Statements and opinions advanced in papers are to be 
understood as individual expressions of their authors and not those of 
the Society. Manuscript received at ASME Headquarters, July 27, 
1956. Paper No. 56—A-59. = 
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power plant site is selected. The economic evaluation is made 
by comparing the cooling-tower closed system with one or more 
of the applicable open-type systems employing rivers, artificial 
ponds, lakes, or ocean bays. Such an evaluation gives weight to 
the first cost, annual fixed charges, and maintenance cost of the 
alternative circulating water system, and in addition, considers 
such other factors as delivered fuel cost, electric-transmission re- 
quirements, availability and cost of land, dependability of water 
supply, and other considerations, some of which are intangible 
and peculiar to each location. 

Cooling towers are very adaptable to power-plant application 
and would find even greater acceptance today if it were not for 
their deterring performance and maintenance problems which 
generally have been greater than those encountered with the 
open-type, circulating-water systems. The cooling-tower in- 
dustry has made substantial strides in abating some of these 
conditions but much still remains to be done before the cooling- 
tower performance record can compare with that of other power- 
plant equipment. 

To understand the problems presently confronting the tower 
purchaser and user it is best to review the purchaser’s require- 
ments, the user’s operating experiences, and the operating-loss 
penalties resulting from cooling-tower thermal deficiencies. 

PuRCHASER’S REQUIREMENTS 

Low Evaluated Cost. The fundamental requirement of a cool-_ 
ing tower is that it meet its thermal-performance guarantee and 
have a low total ennual fixed charge, maintenance, and operating 
cost. The evaluation is not absolute primarily because of the 
unknown future thermal performance and maintenance-cost 
items. 

In the economic evaluation of alternate design cooling towers, 
fixed charges are calculated not only for the cooling tower as 
supplied by the manufacturer but also for all other associated 
equipment whose costs are directly influenced by the tower design. 
The equipment and supporting installations generally considered 
in the economic evaluation of competitive design cooling towers 
are as follows: 


Complete cooling tower delivered and erected. 

Cooling-tower basin. 

Fan motors, transformer, controls, and wiring. 

Circulating-water pumps, motors, and controls. 
Circulating-water riser pipes and valves. 


A low total annual cost includes not only a low fixed charge, 
which implies a high service life, but also a low operating cost 
consisting of maintenance, operating labor, annual electric-energy 
cost for driving the cooling-tower fans and circulating-water 
pumps, and any applicable power-demand charges. 

The system-planning engineer’s desire for cooling tower circulat- 
ing-water systems as the ready-made answer to one of their most 
important problems in certain site selections may be realized if the 
total annual costs of the tower are reduced by improving its dura- 
bility and service life, thereby decreasing its assessed fixed-charge 
rates and maintenance costs and enhancing its competitive 
position in comparison with other types of circulating-water sys- 
tems. Additional reduction in cost may also be achieved by the 
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manufacturer offering his most economic tower frame siZe based 
on his study and selection of a single optimum combination of 
tower-basin area, circulating-water pumping head, and air flow, 
using associated equipment costs and energy charges supplied by 
the purchaser. 

Performance Characteristic. The tower purchaser seeks a more 
consistent predicted-performance characteristic of cold-water 
versus wet-bulb temperature than has generally been offered for 
alternate tower designs in the past. The tower thermal-per- 
formance data shown in Fig. 1 were obtained from a number of 
suppliers for a tower of identical design water quantity, cooling 
range, wet-bulb temperature, and approach. All of the counter- 
flow towers had about the same water/air loading, yet the pre- 
dicted-performance divergence at the lower wet-bulb tempera- 
tures is most interesting. At 50 F wet-bulb temperature and 
full range, the indicated divergence is about 6 F, and at half 
range it increases to about 8 F. It is doubtful whether 
such performance divergence actually exists in practice for towers 
of nearly the same water/air loading, and it might be question- 
able to attempt to economically evaluate it at the time alternate 
designs are being studied. 

This performance comparison does, however, point out to the 
purchaser the necessity for reviewing his basis for the selection 
of design wet-bulb conditions. In certain applications it has 
customarily been the practice to specify a cooling-tower-design, 
wet-bulb temperature which would be exceeded for only a certain 
small percentage of time during the summer months. Rather 
than use such criteria it appears to be advantageous to specify a 
design wet-bulb temperature as close to that prevailing at the 
time of the tower acceptance test as can possibly be predicted. 
By doing so there will be less need to rely upon the extrapolation 
of estimated performance curves which might favor deficient 
performing towers. 

The design wet-bulb-temperature specification is related 
directly to design approach. A cooling-tower specimen-per- 
formance characteristic is shown in Fig. 2 from which it can be 


95 


CONSTANT GPM 


COLD WATER TEMPERATURE -°F 


60 65 70 75 
WET BULB TEMPERATURE — °F 


2% 


Fic. 1 Comparison oF PrepicTEep CooLinc-TOWER PERFORMANCES 


| 


seen that there are literally dozens of design-approach tempera- 
tures that can be specified for an equal number of design wet- 
bulb temperatures, all for the same cooling tower. For ex- 
ample, the tower whose characteristic is shown in Fig. 2 could be 
specified for a 14 F approach to a 76 F wet bulb, a 20 F 
approach to a 63 F bulb, or a 26 F approach to a 52 F 
wet bulb without any change in tower size or design. 

Tower size is related directly to the economics of tower first-cost 
as compared to its thermal performance and resulting fuel savings, 
whereas the design wet-bulb specification, and its corresponding 
approach to give the desired tower size, should be related only to 
the expected wet-bulb temperature prevailing at the time of the 
tower-acceptance test. 

Thermal Performance. There is need for a more uniform sizing 
of cooling towers which will insure that the requested perform- 
ance will be met by all alternate designs prior to purchase. 
Calculated performance estimates of alternate designs made prior 
to a selection have shown as much as a 5 F approach defi- 
ciency from purchaser’s specifications in some instances. Since 
alternate designs are built to manufacturer’s standard frame sizes 
a specification of given duty ostensibly must generally fall in be- 
tween two standard sizes where the smaller is shy in performance 
and the larger noncompetitive. 

There presently is no published technical information which 
permits a tower purchaser to evaluate the thermal performance of 
alternate tower designs prior to a selection. If the selection later 
proves deficient, the user is required to perform a multitude of 
performance tests and then extend his tower piping, basin, and 
power facilities to permit a cell or cells to be added, with the re- 
sult that the installed tower is no longer the economic optimum 
by comparison with the originally quoted alternate selections. 
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The purchaser and user are therefore penalized with these added 
costs because of their inability to evaluate the thermal perform- 
ance of competitive tower designs. 

Experience in both buying and testing many large cooling 
towers has enabled the development of an empirical method of 
analyzing thermal performance with an accuracy sufficient for 
the purpose of inquiring further into manufacturers’ proposals 
which are considered to be deficient by a degree or two. The 
evaluation requires information which can only be secured from 
field-test data on towers of similar fill design and approximately 
the same service application. Irrespective of the proposed tower 
fill height, air quantity, water loading, design wet bulb, approach, 
and cooling-range temperatures, it can be compared to a tower of 
similar design but different performance specifications. 

For purposes of preliminary evaluation it has been found that 
the performance of a large nonrecirculating tower of given design 
is primarily a function of the water-to-air ratio and fill height, 
all other variables being of negligible value. Expressed in 
functional form the factors are 


where X is the performance index, L the water loading adjusted 
to a common performance base, G the actual air loading, H the 
packed height, and a and b exponential constants derived for a 
particular design tower. The performance index X is first 
determined by calculation for a field-tested tower and is then 
used as a base for evaluating other towers of similar design. 
The water loading L must be adjusted to a common wet-bulb 
temperature, cooling range, and altitude before the performance 
index is calculated. The quoted air loading G must be checked 
to be sure that it can be realized in practice. Deficient air 
flow has been the cause of many cooling-tower-performance 
failures in the past. 

It should not be necessary for purchasers to study and evaluate 
field-test data and make detailed thermal-performance estimates 
of alternate manufacturers’ proposed designs on the supposition 
that they may deviate from specifications. 

Recirculation. The subject of cooling-tower recirculation upon 
itself has received considerable unpublished comment by the 
manufacturers in recent years. There has been an attempt to 
persuade the tower purchaser to select and assign recirculation 
margins for inclusion in his inquiry specifications, and some cool- 
ing-tower-performance deficiencies have been attributed to 
recirculation by the manufacturer. Field tests reportedly have 
been conducted evaluating this detrimental influence but there 
has been no test information published to date on the subject. 
The purchaser presently has no yardstick with which to measure 
the effects of recirculation under varying atmospheric conditions 
and is at a loss to evaluate even such a commonly considered 
item as the true annual worth of high discharge stacks. 

It has been observed that under certain atmospheric conditions 
the water-vapor plume discharged from a cooling tower rises 
vertically with no visual evidence of recirculation, and it likewise 
has been noted that under different atmospheric conditions the 
vapor plume falls to the ground creating an obvious recirculating 
situation. The purchaser of a present-day design cooling tower 
probably could not afford to buy a tower with high enough dis- 
charge stacks that would absolutely obviate recirculation for all 
times. 

It is difficult to believe that any measurable recirculation occurs 
at the time of official performance acceptance testing. The 
results of many past acceptance tests have shown that recir- 
culation has not been a problem at the time of test. These 
towers were not sized with a recirculation allowance of the type 
presently spoken of, yet many did meet their performance guaran- 
tees. 
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Performance-acceptance tests are made under atmospheric 
conditions which are mutually acceptable to both the manu- 
facturer and the purchaser and may therefore be properly termed 
“select”? and “least conducive to recirculation.”” If the manu- 
facturer believes that his tower does recirculate under select 
atmospheric conditions, he should provide sufficient margin to 
insure that his tower does meet performance guarantees. 

Test Code. The tower purchaser and user are presently in need 
of a revised and up-to-date ASME cooling-tower test code which 
is simple, practical, and understandable. A test code is not 
simple, practical, or understandable if it attempts to prescribe 
conditions not capable of measurement or evaluation in the 
present state of the art and imposes costly test burdens on the 
purchaser and user. 


Usrr’s EXPERIENCES 

Maintenance Costs. Repetitive equipment failures and de- 
sign deficiencies are generally closely followed by manufacturers. 
Their engineeers are well aware of field operating conditions and 
equipment performance and are in a better position to under- 
stand the reasons for deficiencies and failures than either the 
purchaser or user. Once the equipment is installed and tested, 
the user’s primary concern is to maintain that equipment in a 
first-class condition at the least possible cost. For this reason, 
no attempt is made to detail and explain the causes for cooling- 
tower component failures in this paper; instead, experienced 
maintenance costs are presented as direct evidence of the general 
performance of the equipment. The cooling towers in all in- 
stances are attended by trained operators in accordance with 
manufacturers’ instructions and the best practices of the day, 
and maintained by experienced mechanics trained to keep plant 
equipment in a satisfactory working condition for the life of a 
power plant, generally considered to be about 40 years. 

It is difficult to generalize about maintenance costs unless a 
sufficient number of pieces of equipment are studied and cost 
categories are well defined and established. To present such 
experienced maintenance-cost data, a questionnaire was sent to 
the management of a number of operating electric utilities who 
consented to review and summarize all of their cooling-tower 
maintenance costs in accordance with a requested form. These 
utilities, operating both open and closed-type circulating water 
systems, are located in the South, Southwest, Middle West, 
and Mississippi Valley regions. The survey covers 24-steam- 
electric stations employing a total of 50 circulating-water-type 
cooling towers aggregating 2,600,000 gpm of cooling capacity 
serving 3,500,000 kw of installed electric generating capacity. All 
towers are of the induced-draft type with the exception of 
five which are forced draft. The smallest tower is 14,000 gpm 
and the largest 160,000 gpm; none is over 18 years old and only 
four are over ten years old. The average tower is of 52,000 
gpm capacity and 5.7 years old. The data presented herein 
represent all of the circulating-water-system cooling towers 
operated by the utilities and not one tower was eliminated from 
the study for any reason whatsoever. 

Plotted maintenance-cost data are shown in Figs. 3, 3(a), 
4, 4(a), 5, 5(a), and 6 and are expressed as maintenance cost 
in terms of per cent of initial tower cost. The maintenance 
cost is the total of material plus labor and does not include 
any material or labor supplied by the manufacturer making field 
repairs or alterations at his own expense. The initial tower 
cost is defined as the cost of the tower delivered and erected in- 
cluding fan motors but not the basin, electric wiring, or riser 
piping. The same tower-identifying numbers apply to all of the 
plotted data shown in Figs. 3, 3(a), 4, 4(a), 5, and 5(a). 

Fig. 3 shows the total cumulative maintenance cost of the 
complete tower. There are as many good performing towers as 
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there are poor performing towers, and utilities with several towers 
of about the same age group may have both kinds in their system. 
There appears to be no pattern as regards tower manufacturer 
operating utility, or water treatment from which any positive 
conclusions could be drawn presently. There is, however, a 
well-defined trend of average cumulative maintenance costs which 
is discussed later in connection with Fig. 6. 

For purposes of study the tower-maintenuance-cost data are 
subdivided into two major groups of which one is the redwood 
section consisting of the structure and fill and the other the com- 
bined mechanical and electric equipment. The total cumulative 
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maintenance costs for the redwood structure and fill are shown in 
Fig. 4. Those towers which have experienced more than 15 
to 20 per cent wood-maintenance costs, as shown in Fig. 4 
have generally had either all or a portion of their fill replaced. 
The cost of protective wood treat.nent applied to an operating 
tower is considered maintenance and is included in these costs. 
Thirteen towers were reported to have either partial or complete 
wood treatment while twelve others are scheduled to be treated 
in the near future. 

The total cumulative maintenance costs for the mechanical 
and electrical equipment are snown in Fig 5. The high main- 
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tenance costs shown for tower No. 42, for example, were divided TABLE 1 CUMULATIVE 
as follows: 42 per cent for gear reducers, 33 per cent for fans, Tower Total 
and 25 per cent for electric motors. pk Total ae 
Figs. 3(a\ 4(a), and 5(a) are annual average maintenance costs yeat) bey cer en age, years maintenance® 
derived by dividing the cumulative maintenance costs of Figs. 32, 38, 40, 46, 49 
3, 4, and 5 by the respective tower age. 
Fig. 6 is a summary compilation of all of the cooling-tower- 
maintenance costs. It is derived from Fig. 3 by averaging the 
cumulative maintenance costs for all towers in the same age 
group as indicated in Table 1. 
The correlation of maintenance costs averaged for the 50 
cooling towers as shown in Fig. 6 is surprisingly good considering 
that they represent towers built by four different manufacturers 
and installed in 24 steam-electric stations located in seven differ- te 
ent states. @ In per cent of initial tower cost. 


= P . - . + All of the 1 and 2-year old towers were combined in this grou 
The cooling-tower maintenance-cost data shown in Fig. 6 ¢ Does not include manufacturer's cost of replacing odlened fill, 
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should be most dependable for towers in the age range up to eight 
years for which there are the most cost data available. An aver- 
age tower eight years old is indicated to have a total cumulative 
maintenance cost of 37 per cent or 4.6 per cent per year. If the 
trend were extrapolated to 15 years the total cumulative main- 
tenance cost would be equal to the initial tower cost and would 
average 6.6 per cent per year. This curve must flatten some- 
where in the extrapolated range as it is inconceivable that it 
continues to follow an exponential ascent throughout the useful 
life of the tower. In any event, these experienced cooling-tower 
maintenance costs are high by comparison to average power-plant- 
equipment maintenance costs. 

Thermal-Performance Loss with Tower Use. The effect of heat 
and moisture on wood generally causes tower fill to deform and 
sag which permits water channeling that results in a less efficient 
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water distribution and a poorer thermal performance. Some 
cooling-tower users report a 3 to 6 F loss in thermal per- 
formance as a result of warped fill. A collapsed fill has been ob- 
served to raise the circulating water temperature by 8 to 10 F. 

Design and Construction Practices. Recent field investigation 
of towers which have had unusually high maintenance has dis- 
closed certain design and construction practices which could be 
improved. Some of the more important are listed in the follow- 
ing and may already have been corrected in the more recent tower 
installations: 


1 Cast-iron washers and other ferrous-metal fittings used 
in fastening fan-drive equipment to structural members pro- 
mote a brown cubicle rot in the redwood in the vicinity of contact. 
Such deterioration also has been observed elsewhere in the tower 
where ferrous-metal fittings contact redwood. The only one 
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application of ferrous-metal fittings which appears satisfactory 
is the use of cast-iron brackets installed in the submerged portion 
of the water basin. 

2 Inadequate air ventilation between double-sheathed ex- 
terior walls has been found to promote extensive redwood 
deterioration. 

3 A considerable amount of deterioration has been observed 
in structural members located in the hot vapor zone directly be- 
neath the fan deck. Some form of protective wood treatment is 
suggested to minimize deterioration in this area. 

4 Care should be exercised in field installation to insure that 
compression-type wind-bracing members are properly aligned 
and fitted with columns, girts, joists, and girders so as to transmit 
wind forces in the manner in which the frame structure is de- 
signed. 

5 Fill material should be adequately supported and of suffi- 
cient thickness to withstand abrasion, erosion, warping, and a 
certain amount of deterioration without sagging or collapsing. 
Drift-eliminator panels and bars should also be built more sub- 
stantially. 

6 Steel frames supporting the motor-fan drive and speed- 
reducing gear should be more adequately protected from cor- 
rosion with improved coatings such as neoprene. 


Performance-Acceptance-Test Results. In 1951 Louis Elliott* 
reported the results of 23 official cooling-tower acceptance tests 
in which only three towers met performance guarantees initially 
while the remaining 20 were deficient in the range from 1.0 to7.5 F. 

There has been considerable improvement in tower offerings 
since that time as there has also been a more concentrated at- 
tention given to specifications and preliminary thermal-per- 
formance evaluations as a result of that accumulated experience. 
Of a total of 20 power-plant towers tested since 1951 representing 


? “Cooling Towers for Steam-Electric Stations—Economic Applica- 
tions,”” by Louis Elliott, Trans. ASME, vol. 73, 1951, pp. 1027-1029. 


the designs of three large manufacturers, the performance results 
are given in T'able 2. 


TABLE 2 THERMAL-PERFORMANCE-TEST RESULTS 
Approach 
deficiency, deg F 


Inconclusive 
0.7 to 3.3 


OPERATING LossES 


A cooling tower which is deficient in its thermal performance is a 
continuous liability to the user both as to its effect on plant heat 
rate and on maximum turbine capability. Every kwhr gener- 
ated has a price tag attached to it and one of the items on that 
tag, which raises its price, is the circulating-water temperature. 

The thermal losses sustained by steam-turbine cycles as a 
result of cooling-tower deficiencies cannot be generalized upon 
because the loss characteristics are directly related to the turbine- 
exhaust size. Increasing the circulating-water temperature 
serving a given steam turbine of specified size and steam condi- 
tions produces a different thermal loss than a similar increase in 
temperature would in another installation of the same size, 
steam conditions, and cycle but of different turbine-exhaust size. 
Some of the various exhaust-end designs and sizes presently avail- 
able with different turbine ratings, and their corresponding ex- 
haust-steam loadings which relate directly to exhaust-loss char- 
acteristics, are shown in Fig. 7. A 150,000-kw turbine, for ex- 
ample, can be purchased with either a double-flow or triple-flow 
exhaust and with 23 or 26-in. last-stage buckets, giving four 
different rear-end combinations and four different exhaust-loss 
characteristics. 

An example of an exhaust-loss characteristic for a 100,000-kw, 
1450P/1000F /1000F reheat turbine-generator unit with a double- 
flow exhaust and either 20 or 26-in. last stage buckets is shown in 
Fig. 8. A change in circulating-water temperature which pro- 
duces a change in condenser pressure from 1.5 in. to 2.5 in. 
Hg abs at full load increases the heat rate of a turbine employing 
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20-in. last-stage buckets about 1 per cent, while a similar turbine 
with 26-in last-stage buckets would have its heat rate increased 
about 3 per cent or three times as much. Stated conversely, 
a change in cireulating-water temperature which produces a 
change in condenser pressure from 2.5 in. to 1.5 in. Hg abs at full 
load improves the heat rate of a turbine employing 20-in. last- 

tage buckets about 1 per cent while a similar turbine with 
26-in. last-stage buckets would have its heat rate improved about 
3 per cent or three times as much. It should be noted here that 
in this example, and the one following, the indicated changes in 
heat rate are relative changes and that the absolute heat rates 
for a 20 or 26-in. last-stage-bucket turbine are different for differ- 
ent loads and exhaust pressures. The procedure involved in the 
selection of a turbine with either a single, double, or triple-flow 
exhaust and with 20, 23, or 26-in. last-stage buckets is beyond 
the scope of this paper. However, it can be said that such an 
evaluation does take into account this relative exhaust-loss 
characteristic. 

The turbine exhaust-loss characteristic is of interest only in the 
study of the effect that circulating-water-temperature changes 
have on plant heat rate. An example of how a 2.0 F higher 
circulating-water temperature increases plant heat rate and de- 
creases maximum plant capability is shown in Figs. 9, 10, and 11. 

These plotted performance characteristics are based on a 100,- 
000-kw, 1450P/1000F/1000F reheat unit employing 20-in., and 
alternatively, 26-in. last-stage buckets. A 23-in. bucket is a 
more common selection for this size of unit; hence the 20 and 
26-in. buckets may be considered as the commercial minimum and 
maximum sizes. The degree of exhaust-steam loadings for these 
two selections can be noted in Fig. 7, where the 20 and 26-in. 
buckets are indicated as points A and B, and by comparison to 
the larger turbine sizes and exhaust selections, it can be concluded 
that the range of their exhaust-steam loadings and loss charac- 
teristics is generally representative of the minimum and maxi- 
mum obtainable for large turbine units. The 75 F wet-bulb tem- 
perature performance shown in Fig. 9 represents about the highest 
summer monthly average wet-bulb temperature for a typical 
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‘location in the West South Central Region of the country, while 


the 50 F temperature, Fig. 10, represents the lowest winter 
monthly average temperature. With full-load operation, 75 F 
summer wet-bulb temperature and 20-in. buckets, a 2 F 
higher circulating-water temperature has less than 60 per cent 
of the effect on change in plant heat rate than it has on the 26- 
in. buckets; the corresponding figure for winter operation is 
about 40 per cent. The reduction in plant capability resulting 
from a 2 F higher circulating water temperature for this 
example is shown in Fig 11 

A 2 F higher circulating-water temperature during full- 
load summer operation increases the plant heat rate about 0.3 
per cent with 20-in. buckets and 0.5 per cent with 26-in. buckets 
Assuming a 100,000-kw reheat unit operating at a 65 per cent 
annual load factor, a 10,000 Btu/kwhr plant heat rate and 20¢ 
per mB fuel cost, the 0.3 per cent increase in plant heat rate in- 
creases the plant annual fuel bill by about $3400; a 0.5 per 


cent increase in plant heat rate increases the annual fuel bill - 


about $5700. When capitalized at 15 per cent, these added 
annual fuel costs have a total equivalent value of $23,000 and 
$38,000, respectively. 

A thermal-performance deficiency from a cooling-tower size 
viewpoint is shown in Fig. 12. This characteristic, averaged 
from counterflow and crossflow performance data, shows that 
if a typical power-plant cooling tower is deficient by 2.0 F, 
the tower length and air supply must be increased about 13 
per cent before the tower will meet its contract performance 
guarantee. A 100,000-kw reheat unit requires about a 50,000 
to 60,000-gpm cooling tower which costs approximately $3 to $4 
per gpm—tower delivered and erected not including basin, fan 
motors, or circulating-water piping. Fifteen per cent of the 
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manufacturer’s total cooling-tower price represents about 
$22,000 to $36,000. Neglecting an exact incremental cost analy- 
sis in this example, these figures would, therefore, represent the 
approximate worth of a 2.0 F smaller tower from the cooling- 
tower manufacturer’s viewpoint. 

Future CooLtinc-Tower Sizes 

In planning its future cooling-tower designs, the cooling-tower 
industry can look forward to requests for larger size cooling 
towers for steam-electric power-plant applications Power- 
plant, cooling-tower size is a function of (a) turbine-generator 
size, (b) quanity of heat discharged to the circulatiug water per 
kilowatt of insta!led capacity, and (c) the design approach to de- 
sign wet-bulb temperature. 

A continually growing demand of the nation’s electric-power 
requirements and an increased tendency of neighboring utilities 
to participate in power-pool arrangements make large-size 
turbine-generator installations economically attractive. The 
growth of available turbine-generator sizes through the years is 
shown in Fig. 13 These are the 3600-rpm machines; the growth 
of the less common 1800-rpm units has been equally phenomenal 
with even larger size units installed at earlier dates. 

Although turbine-generator units have been growing in size, 
circulating-water-quantity requirements per kilowatt of in- 
stalled turbine capacity have been decreasing with technological 
advances over the years. The continuous improvement of plant 
heat rate has meant less heat discharged to the circulating-water 
system per unit of generated energy. Advances in high-tem- 
perature metallurgy, feedwater heating, reheating, and dual 
cycles have been responsible for decreasing circulating-water 
quantity requirements as shown graphically in Fig. 14. A tur- 
bine-generator unit of 1920 design required about 1'/, gpm per 
kilowatt whereas today’s supercritical-pressure plants need less 
than '/, gpm for the same circulating-water temperature rise. 

Future cooling-tower, sizes as affected by design approach are 
not as well trended as either turbine-generator sizes or circulating- 
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water-quantity requirements per kilowatt of installed turbine 
capacity. The design approach to design-wet bulb temperature 
is determined from the study of initial cooling-tower costs and 
fuel savings. For a given unit cooling-tower-cell cost, the greater 
the fuel cost the closer will be the justifiable approach and the 
larger the cooling tower—the less the fuel cost the smaller the 
justifiable tower size. 
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An indication as to how design approach may affect future 
cooling-tower sizes is shown in Fig. 15. This plot shows the 
trend of fuel prices and steam-electric-station construction and 
equipment costs for the predominantly gas-burning South 
Atlantic Region and the coal burning West South Central Region. 
Reliable cooling-tower price-trend data were not available; for 
this comparison, however, it might be assumed that cooling-tower 
price increases were substantially the same as those of the aver- 
age power-plant component. On the basis of that premise Fig. 
15 shows that although the South Atlantic Region had ex- 
perienced a 35 per cent increase in cooling-tower prices from 
1948 through 1954, it had no increase in coal costs for that same 
period. This region could, therefore, look forward to larger 
approaches and smaller cooling towers since the fuel savings 
cannot justify as large an investment in cooling towers as was 
previously the case. The West South Central Region, on the 
other hand, has experienced about the same cooling-tower price 
increases but its average gas-fuel costs had increased about 55 
per cent; therefore, its cooling towers should tend toward closer 
approaches in the future. 

In general it may be said that future steam-electric power- 
plant cooling towers will be larger due primarily to the con- 
templated larger turbine-generator units. Plant heat rates will 
continue to improve but probably at a slower rate than in the 
past, so that the circulating-water quantity necessary for each 
kilowatt of installed steam-turbine capacity will not decrease at 
any substantial rate in the near future. Design approach is a 
function of tower costs and local fuel costs; hence some regions 
will have large approaches while others will be able to afford 
closer approaches. An historical plot of the cooling-tower sizes 
serving the large turbine-generators of their day is shown in 
Fig. 13. 

Nuclear steam-electric power-plant installations have the same 
steam-condensing problems that the conventional fuel-fired 
plants have and hence also employ cooling towers where appli- 
cable. In so far as the general steam-turbine cycles are con- 
cerned they are comparable with each other with the exception 
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that the nuclear plant presently employs lower throttle steam 
temperatures and pressures and, therefore, discharges more heat 
to the circulating-water system. A nuclear plant designed for a 
600-psig saturated-steam cycle may need about 1.0 gpm of cir- 
culating water per net kilowatt of installed electric capacity. 
As metallurgy and nuclear technology advance, steam conditions 
undoubtedly will improve and circulating-water requirements 
will tend toward the '/, gpm per kilowatt figure as for the pres- 
ent-day high-pressure high-temperature reheat plants. Because 
of differences in fuel-cost concept, the design-approach speci- 
fication of a cooling tower serving a nuclear plant may not be 
as close as for the average conventional! fuel-fired units; however, 
it will have to be sufficiently close to avoid significant turbine 
capability losses during summer operation. 


SUMMARY 


Cooling towers are an important element in the plans for tomor- 
row’s steam-electric generating stations. Their outstanding 
advantage is the flexibility which they offer to new plant locations. 
Their present short-comings, by comparison with experienced 
power-plant standards, are generally their short service life, 
high maintenance costs, and thermal-performance deficiencies 
and losses. 

Cooling-tower owners with towers less than 10 years old who 
have already spent more than 50 per cent of the initial tower cost 
for maintenance probably could have well afforded a concrete- 
shell cooling tower with a fill of noncorrosive metal or some plastic 
material lasting perhaps 30 to 40 years. The answer to a de- 
pendable, durable and economic cooling tower may not be in 
today’s redwood towers: nor in an indestructible substitute- 
material tower, but it must lie somewhere in between. 

The responsibility for the design and development of a more 
dependable and longer life cooling tower lies in the hands of the 
manufacturer. The cooling-tower industry should solve the 
problems facing the purchasers and users today by establishing 
acceptable minimum standards of thermal performance and struc- 
tural and mechanical durability. By doing so, the industry 
will prepare itself to successfully meet the expanding future 
needs of the electric utility industry and grow in an atmosphere 
of confidence. 

The cooling-tower industry could presently start its future 
development program of providing a minimum standard of 
thermal performance by placing faith in its own product through 
the adoption of a contractual specification which would protect 
the purchaser of a new cooling tower from all costs incurred in 
installing additional cells and supporting facilities when such 
work is necessary to meet the manufacturer’s thermal-perform- 
ance commitments. Such an arrangement, coupled with field 
acceptance testing by all tower purchasers and users, would 
tend to stabilize certain difficult competitive aspects and elimi- 
nate any necessity for the standardization of cooling-tower de- 
signs, publication of manufacturers’ rating tables, or policing 
by a central organization. It would place established and repu- 
table manufacturers on an equal footing which would insure 
fair competition based on improved design, quality, and service, 
with benefit to all. 
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Discussion 


J. A. Cameron.* The author has done an excellent job in 
presenting the history of some cooling-tower installations and is 
to be congratulated on his commendable presentation. As he 
has mentioned, however, the data and comments are based on 
installations for power plants made in the past 10 years with some 
maintenance costs on several installations made 17 or 18 years 
ago. Also, of necessity, his comments are made about the cool- 
ing-tower industry as a whole which, unfortunately, precludes 
recognition of the sincere efforts of any one manufacturer. 

It was during World War II when towers of a size compara- 
ble to those mentioned in this paper came into popular demand. 
The demand blossomed almost overnight when manpower and 
materials were in scant supply, yet increased volume had to be 
produced. Many manufacturers at that time were short on re- 
search and know-how. The result was rather obvious—inade- 
quate towers made too often of inferior materials and poor de- 
sign. 

Since that time, manufacturers have increased their knowl- 
edge through research and field testing and have available better 
materials and engineering skill. More manufacturers today, 
compared even to five years ago, can furnish adequate towers that 
will meet guarantees when field-tested and will operate with less 
maintenance cost. 

Aggressive tower manufacturers today recognize their prob- 
lems and through research, study, and field testing are actively 
investigating the use of longer-lasting mechanical equipment and 
component parts made of concrete, plastics, better alloys, coat- 
ings, and so on, but because of the higher costs the question is 
“could they sell them?’ The responsibility for the design of 
longer life of cooling towers probably lies in the lap of the pur- 
chaser as much as in the hands of the manufacturer. 

At the same time, manufacturers are expanding their tech- 
nical knowledge on such subjects as recirculation, tower rating, 
installed fan performance, and so on. By and large, a tower 
produced today is much improved over one produced 10 or 18 
years ago and one produced 10 or 18 years from now will undoubt- 
edly be far superior to today’s product. 

From the experience of our company, tower deficiency and 
mechanical failure are now almost nonexistent. 

The author brings out several points which we heartily endorse. 
Among these are the selection of a realistic design wet-bulb 
temperature which will be encountered during the field accept- 
ance test; some formula or method that will enable the pur- 
chaser to evaluate the thermal performance of alternate tower 
designs prior to a selection; more accurate statements of fan 
capacity and efficiency; and reliable recirculation data. Per- 
haps the most important of these are installed fan capacity, 
static pressure, and efficiency. 

The size and cost of cooling towers used in power-plant work 
today clearly indicate that they are one of the principal auxiliar- 
ies. In order to protect his investment, the purchaser cannot af- 
ford to take thermal performance for granted. Each tower 
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should be tested after installation and under load to see that 
guarantees are met. 

The author has reported commendably on the tower installa- 
tions studied. It is believed, however, that today towers can be 
purchased that will meet performance guarantees and will oper- 
ate for a longer period with less maintenance cost although 
manufacturers fully realize that the ultimate has not yet been 
reached. 


K. E. Jounson.‘ This paper obviously represents much 
careful evaluation of operating experience by the author on a 
sizable group of cooling towers. However, it should be pointed 
out that the experience presented is confined to public utility 
operations and does not necessarily represent the operating ex- 
perience of other industries. 

The author’s discussion of the effects of a 2-deg circulating- 
water deficiency in the case of a 100,000-kw unit indicates that 
the annual increase in plant costs amounts to from $3400 to $5700 
which when capitalized has a total equivalent value of $23,000 to 
$38,000. 

He also points out that the cost of increasing the size of the 
cooling tower to make up this deficiency amounts to about $22,000 
to $36,000 not including basin, fan motor, or circulating-water 
piping. It is obvious that the additional expenditure for the 
increased tower capacity, coupled with the additional cost of the 
basin, electric wiring, and circulating-water piping, will make the 
installed cost greater than the savings in over-all plant economies 
attainable by these changes. In addition, one must consider the 
increased power costs of operating the cooling tower due to the in- 
creased fan capacity. This increased cost alone would very pos- 
sibly offset the annual fuel savings attainable from the 2-deg 
colder circulating water. 

From the foregoing it appears that the economics would justify 
purchasing cooling towers with a 2-deg or more longer approach 
than are presently being purchased. One cannot assume that the 
additional capacity of cooling towers can be obtained at no cost 
as has been the case in cooling towers in the past which failed to 
meet performance. 

Performance data and rating data now have been published on 
most cooling towers which will enable the purchaser to satisfy 
himself that he is obtaining adequate cooling capacity. With the 
information available today, there is little excuse for any pur- 
chaser knowingly selecting equipment which will not deliver the 
required performance. 

It is felt that the discussion of contractual guarantee is a 
matter of discussion between the purchaser and the vendor and 
the degree of risk either party is willing to assume is a matter of 
his own business judgment. However, it should be pointed out 
that any good contract involves an element of gain as well as risk 
on the part of both parties and any agreement which attempts to 
throw the entire responsibility on one party is not reasonable. 


F. F. Ross. The writer considers it to be justifiable to 
criticize an otherwise excellent paper on the conclusions drawn 
from the statistics. Statistics, it is well known, can be used to 
prove anything. For example, it was observed after the last 
war that the number of babies born in Britain correlated closely 
with the consumption of gasoline in the United States. What 
was left out of account in the paper was the reason for the main- 
tenance costs. In most cases the direct or indirect cause of 
damage is deterioration of the timber, and this can now be pre- 
vented. The writer has been in charge of cooling-tower-timber 
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research for the Central Electricity Authority for the past four 
years and recently has had an opportunity to study the same prob- 
lem in America with the assistance of cooling-tower manufactur- 
ers, the Forest Products Laboratory at Madison, Wis., utilities, 
and refineries. Ali the work to date will be reported to the 1957 
Annual Convention of the British Wood Preserving Association. 

In Britain the wood now specified to be used in cooling 
towers for the Electricity Authority is Scots pine (Pinus sylvestris) 
obtained largely from Finland and Scandinavia. The only im- 
portant cause of deterioration of this wood is soft rot, which is 
an attack by microscopic fungi which destroy the cellulose of the 
cell walls, leaving the surface soft when wet, corklike, and covered 
with shrinkage cracks when dried out. The rate of wastage of 
Scots pine is very slow, being of the order of 0.01 in. per year pene- 
tration into all exposed surfaces, but this is sufficient to limit the 
life of untreated wood packings to between 10 and 20 years. 
There is at present only one type of treatment which permanently 
protects the wood from this fungal attack. This type involves 
treating the wood with a solution in water of copper and chromate. 
Within the wood tissues some chromate is reduced to chromic, 
the solution is converted from being neutral or slightly acidic to 
being alkaline, and insoluble basic copper chromate is precipitated 
inside the wood tissues; it remains there until some organism 
tries to consume the wood and dissolves the poison in its gastric 
juices or secreted enzymes. 

It is fundamental that a poison must be soluble to be effective; 
barium is highly poisonous but a meal of barium sulphate is 
harmless. All organic preservatives applied to wood, such as 
pentachlorphenol or some constituents of creosote, will, under 
cooling-tower conditions, wash out in a limited number of years. 
Only the basic chromate type satisfies this paradox of being 
insoluble or soluble as required. Arsenate may be used to replace 
some of the chromate and perhaps also some of the copper, and 
this preserves the wood against organisms not poisoned by copper. 
The preservatives are available in Britain under the names 
Celcure (copper-chromate) and Tanalith C (copper-chrome-ar- 
senate) and in America under the names Celcure (copper-chro- 
mate) and Greensalt or Erdalith (copper-chrome-arsenate). 
Tanalith C should not be confused with Tanalith U which was a 
trade name for Wolman salts and is not used now for cooling 
towers because some important constituents wash out of the 
wood. Tanalith C is an improved formulation of the copper- 
chrome-arsenate type, containing more permanently fixed toxic 
materials (and is thus effective at lower dosages) than current 
American formulations. This type of preservative, it should 
be noted, is effective in sea water against marine borers. 

Celcure has been used for cooling towers in Britain at com- 
mercial dosages for many years, but was found ineffective against 
soft rot. Yet when applied to telegraph poles it was completely 
effective against the same soft-rot organisms. The reason, dis- 
covered only last year, is that small timbers require the same 
strength of solution but a higher dose of salt per cubic foot than 
large timbers. It is necessary to specify not only the preserva- 
tive but the solution strength and the treatment schedule (time 
and pressure) for each wood species. The Electricity Authority 
now has its own specification and similar specifications are being 
worked out and adopted in South Africa and Australia. 

In America the timbers used in cooling towers are Californian 
redwood chiefly and to a lesser extent Douglas fir. Treatment 
schedules need to be worked out for these, because they are less 
easy to impregnate under pressure than is Scots pine. It may be 
that a method of treating them with the same salts by the double- 
diffusion process (available commercially as Martreatment) 
evolved by the Forest Products Laboratory will prove at least 
as satisfactory. The treatment is applied to the wood in the 
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tower after a year or more of service, and is effective against 
soft rot as the writer has observed personally. 

However, there also has been a fair amount of direct chemical 
attack in American towers, due to a concentration of sodium 
carbonate after softening the make-up water by base-exchange, 
and due to the excessive use of chlorine. For long life, both ion- 
exchange softening and continuous chlorination should be aban- 
doned. Straight lime softening as used in Britain, or the controlled 
addition of sulphuric acid, will prevent scale in the towers, and 
intermittent chlorination is adequate for keeping condensers 
clean (for which purpose it should be injected at the condenser 
inlet.) and for keeping down growths of algae. 

There is one further complication in that some cooling-water 
circuits are protected from corrosion and scale by operating with 
a slightly acid water containing phosphate and chromate. This 
acid water may slowly dissolve out the basic copper chromate, 
and copper is objectionable from the corrosion point of view. 
Some protection of the wood can be obtained by using zine in- 
stead of copper as a wood preservative, and repeating the ap- 
plication by double diffusion as often as necessary. For how 
many years the treatment will remain effective with circulating 
water of a given acidity is as yet completely unknown. 

Of course the mist eliminators in a tower on an acid circulat- 
ing-water regime may be treated with copper chromate in the 
ordinary way, but for the irrigated packing another solution 
may be found desirable. It is possible that heavy intermittent 
chlorination may serve. Maintenance of a residual of 2 ppm of 
chlorine continuously might completely destroy the wood in a 
tower inside a year. Maintenance of such a concentration for 
only one hour every two days would probably serve to destroy 
any organisms beginning to attack the wood but might take 40 
years to destroy the wood by direct chemical action. The writer 
found the wetted timber in the towers at Glendale Power Station, 
Calif., where such a chlorination schedule is in force, to be in ex- 
cellent condition, and believes the idea to be worthy of further 
study. 


J.P. Wiseman.’ The author’s position and experience in the 
selection, comparison, and testing of cooling towers for power- 
plant application certainly qualifies him to present and discuss 
this subject. His statement regarding the past occurrence of the 
deterring performance and maintenance problems might be 
expanded. 

Some irregularities in the performance and unusual mainte- 
nance costs have in part been brought about by the change-over 
from forced-draft to induced-draft cooling towers; the placement 
and arrangement of extensions to cooling towers in congested or 
restricted areas of existing power plants, which impose new prob- 
lems in shape and size of the cooling towers; the use of less 
desirable locations from a geographical and/or topographical 
standpoint with the added factor of proximity to other build- 
ings resulting in unfavorable air movements; and lastly, the 
steady increase in the size of cooling towers. 

The buying habits of consulting engineers have changed re- 
cently. We can recall when it was the usual practice to buy the 
circulating pumps before the cooling tower and thereby arbi- 
trarily set up a pumping head limitation of 18 to 20 ft. It was 
and still is economically impossible to cool condenser water with 
this height of tower. If a higher tower was quoted, the offering 
was disqualified. The pumping head utilized today for similar 
duty varies from 35 to 50 ft depending upon the specific condi- 
tions. Similarly, the tower manufacturers advocated the split- 
ting of cooling towers into a number of smaller units to minimize 
recirculation. A number of years passed before this principle 
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was accepted by consultants as the multiple towers increased 
the cost of piping. These large-capacity low-head towers are the 
ones which have given the greatest performance difficulties. 

The CTI (Cooling Tower Institute) Performance Test Code 
and the proposed ASME Cooling Tower Test Code require the 
cooling tower to be large enough to compensate for its own re- 
circulation. We acknowledge our deficiency of information on 
this subject. The Cooling Tower Institute tested approximately 
20 towers for recirculation effects during the summer of 1955. 
Since the tests were not conclusive, another selected group of 
towers was tested during the past summer (1956) to complete 
the range of information. The method of testing is being re- 
ported in a companion paper. To give some idea of the com- 
plexities encountered, at least the following conditions affect the 
amount of recirculation; i.e., cooling-tower length, breadth, 
height, orientation, stack height, area between stacks, wind 
direction, wind velocity, air-exit velocity, and proximity of ad- 
jacent structures. Actually, recirculation was found on every 
tower tested and caused the towers to lose from 2 to almost 20 
per cent of their capacity. 

We believe that the cooling-tower users have usually obtained 
just about what they paid for. For instance, the author has made 
certain recommendations as to improvement in the design of 
cooling towers. We submit that all of these improvements are 
available and have been offered on standard cooling towers for 
years. The objection has been to the price. One or more 
major cooling-tower manufacturers offer completely nonferrous 
hardware, adequately ventilated exterior sheathing, protective 
wood treatment, and corrosion-protected mechanical support. 
Fill or decking material can be supplied to any thickness the pur- 
chaser wishes to specify. Incidentally, the writer does not know 
of a single case where decks of one inch thickness have had to be 
replaced even after many years of service. 

We also suggest that there is no necessity to encounter exces- 
sive gear maintenance. The AGMA standard has been used by 
some manufacturers for the past 15 years to produce thousands of 
units. Available records indicate the spare-parts business on 
units with up to 15 years of service, meeting AGMA standards, 
was less than $10 per unit in 1955, or approximately one per 
cent of present-day costs. The trouble occurs when it is assumed 
that all cooling-tower gears are rated on the same basis, providing 
an AGMA service factor of 1.5 is included in the specifications. 
AGMA Standards cover more than service factors; they also 
cover materials factors which give a true yardstick for the ex- 
pected life of the gear. Gear reducers supplied by some cooling- 
tower manufacturers for a given horsepower rating, e.g., 60 hp, 
are only one half the physical size of the reducers for the same rat- 
ing supplied by other manufacturers. We understand AGMA is 
presently preparing standard specifications for cooling-tower 
gears. The Cooling Tower Institute recommended this in Octo- 
ber, 1953. 

Our suggestion to the purchasers is to tighten their specifica- 
tions: 

1 Use the Cooling Tower Institute Performance Test Code 
which we feel is fair and it will correspond closely to the ASME 
Code which has been in its final draft form for some time. Use 
the CTI Code ATP-105 for the present. 

2 Specify the thickness and quality of lumber used in the 
various components, particularly tower filling. Deformation of 
tower filling decreases in direct proportion to thickness of mate- 
rials in such tower parts. Sagging of fill is one of the prime causes 
of poor water distribution and loss of performance and is entirely 
dependent upon the quality of the lumber, thickness of members, 
and the span over which it is supported. Use the CT1-STD-103 
as the specification for structural design data and application of 
the grades of redwood. : 4 
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3 Insist that gear units are designed utilizing not only serv- 
ice factors but all AGMA factors. 

4 Carefully select the type of materials to be used for hard- 
ware, fans, fan supports, and distribution systems. 

5 Follow the author’s suggestion in the use of a design wet 
bulb which is nearest to probable test conditions and also state 
the temperature range over which the tower will be evaluated. 
If the tower is to be evaluated on an annual performance basis, 
the temperature conditions throughout the year should be speci- 
fied. 

6 Furnish adequate instrumentation on cooling-water sys- 
tems. Cooling towers have been neglected in the matter of 
instrumentation. Customers measure steam, electricity, fuel, 
and so on, but the cooling-tower manufacturer is asked to use a 
pump curve as a meter or to run a performance test on the 
power plant to determine indirectly the water flow to the tower. 

7 In addition to but not as a substitute for item 2, consider 
the use of any one of a number of wood-preservative pressure 
treatments available for critical portions of the towers. The 
Cooling Tower Institute has a wide range of treated and untreated 
wood samples under observation in 105 cooling towers. This 
has been going on for five years and definite conclusions should be 
forthcoming which will allow tower manufacturers to recom- 
mend treatment for various circumstances. 


If the foregoing recommendations are included in the design 
and if the tower is kept clean and maintained as recommended 
by the supplier, cooling-tower performance should not be af- 
fected by age. 

We appreciate the opportunity of discussing our mutual 
problems and are sure that benefits to industry can be attained 
by consistent review of available information by the manufac- 
turer, designer, and user. 


AvuTHOR’s CLOSURE 


The cooling-tower industry is comparatively young and has 
not been without its growing pains, as Mr. Cameron recognizes. 
It has grown substantially in the past decade and is assuming a 
stature of progressively greater importance as natural cooling- 
water sources are becoming less readily available for large 
industrial applications. The purchaser’s present concern is that 
he is faced with the necessity of installing more and larger 
cooling towers in the future, when past experience has shown this 
equipment to be deficient in design and performance. The 
cooling-tower industry must accept the challenge of designing 
and building a more durable and eye-appealing product as the 
need for it is here and now. 

As Mr. Johnson points out, the hot-water cooling problems 
and experiences presented in this paper are only those of a 
portion of the public utility industry. Published statistics on the 
cooling-tower problems of other industries are meager and pre- 
sumably could be less than ours, although it is difficult to see 
why they should be. 

The question concerning the economics of the 2 F colder 
circulating water may be considered two ways. One viewpoint 
is that which Mr. Johnson presents wherein the purchaser 
could specify a 2 F longer approach and the other would be for 
the purchaser to buy a tower with a 2 F shorter approach simply 
because the added tower costs are $22,000 while the corresponding 
fuel savings are $38,000. Every tower selection requires its own 
economic analysis based on its particular costs and operating 
conditions. Equipment is usually sized slightly short of where 
operating costs and fixed charges on the investment are traded, 
dollar for dollar, for operating savings. 

There is neither singular nor collected published information 
available today which permits a purchaser to analyze the thermal 
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performance of all alternate tower bids of counterflow and 
crossflow design—this problem is also acknowledged by Mr. 
Cameron in his discussion. There has been a notable paper 
presented this past year on relative fill-performance by Messrs. 
Kelly and Swenson published in Chemical Engineering Progress. 
Although this paper is limited in scope, as it does not present 
data on all of the leading fill designs nor does it indicate the 
performance difference between the laboratory-controlled test 
cell and a commercial multi-cell tower installation with its 
inherent water channeling and mal-distribution of air, it 
nevertheless is an excellent contribution to the dearth of usable 
information published on this subject. Continuation of this work 
in the future on new commercial fill designs and other tower ele- 
ments would be a service to the industry. 

In respect to Mr. Ross’ observations about statistics in general, 
the fact remains that this singular group of statistics does show 
what experienced cooling-tower maintenance costs have been 
irrespective of reasons or conclusions. 

Mr. Wiseman’s general recommendation for the solution of 
cooling-tower problems is that the purchaser tighten his specifi- 
cations by specifying thickness and quality of lumber used in 
the various tower components; select types of material to be 
used for hardware, fans, fan supports, and distribution system; 
select gear units which are designed in accordance with all 
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AGMA standards; specify the application of wood preservative 
treatment in selected areas, ete. This recommendation for 
tightening cooling-tower specifications is a good one, but we do 
not believe it is the complete answer to our difficulties. Our 
problem is more basic than purchaser’s speci‘ications—it concerns 
standards and practices of the cooling-tower industry. 

This industry should stand in the same relationship to the 
purchaser as regards the design and engineering of its product as 
the turbine, boiler, boiler-feed-pump, etc., manufacturers do 
with their equipment. As an example, a turbine manufacturer 
offers but one grade of product for a given application using his 
superior knowledge and experienced judgement to determine 
material composition, treatment, size, and thickness, and in 
addition, applies all of the latest recognized code factors necessary 
for the proper design and construction of the individual com- 
ponents and assembly. Cooling-tower manufacturers could do 
likewise, having been informed beforehand of the application, 
operation, environment, chemistry of the cooling water, design, 
wind-loading, etc. It should be unnecessary for the purchaser to 
presently specify the details of a custom-built cooling tower 
considering that this equipment has now had the benefit of 
over 25 years of development and operating experience. 

In closing, the author wishes to thank each discusser for his 
thoughtful and constructive comments. 
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Ultrafinishing—A New High-Precision 


A number of important innovations have been made 
which permit the use of lapping for the production of ex- 
ceptionally smooth metal surfaces with precise geometrical 
contrel. This body of patented techniques, called ultra- 
finishing, includes the necessary variations in velocity to 
permit the lapping of soft homogeneous and hard hetero- 
geneous metals. The description of this process covers 
its similarity to lapping, its fields of application, and the 
response of materials from a metallurgical point of view. 
The application of this process can yield a 0.3 to 0.5- 
microin. finish rms with an over-all geometry control equal 
to or better than any commercial finishing method. 


INTRODUCTION 


ANY manufactured products require high-quality sur- 
M face finish. Such products as photographic-film base, 

plastic sheeting, and metal foils may require surface 
finishes that are comparable to optical surfaces. The most com- 
mon method of providing these surfaces is one of duplication; 
that is, the finish is a replica of the surface of a processing com- 
ponent. The master finish is, in many instances, the surface of 
roll. 

It is apparent that improved roll finishes are in line with im- 
proved product finish. However, commercial roll-finishing, 
practiced to the ultimate, does not yield all that is desirable for 
some applications. Of the metals available for rolls, only a few 
may be considered applicable from the viewpoint of finishing. 
When considering product requirements, the metals available are 
further limited. 

Commercial processes fail to produce the optimum finish be- 
cause of their inability to meet one or more of the following basic 
criteria: 

1 Good geometry control. 

2 Cutting of inclusions without dislodging them. 

3 Finishing pattern with a depth of a few tenths of a micro- 
inch. 

4 Finishing all constituents of the metal to equal elevation. 

A comparison of the various commercial finishing methods is 
made in Table 1, showing how well they meet basic requirements. 

Lapping does better than any of the other processes in meet- 
ing the requirements. It is seen to be equa! or better than any 
other method when comparing item by item. 

The author’s company, feeling that better roll finishes could 
offer an improvement in certain products, decided to initiate an 
improved roll-finish-development program based on lapping. 

The work that followed showed that achievement of our objec- 
tives in high-precision lapping would be dependent upon the ma- 
terials to be lapped. For relatively soft homogeneous metals of 
the electroplating variety such as nickel, a low velocity is essen- 
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TABLE 1 COMPARISON OF VARIOUS METHODS 


[ABRASIVE SUPER 
GRINDING] BUFFING LAPPING 


EXCELLENTIEXCELLENT 
GRINDING)| EQUAL) 


ISENSITIVITY 
TO 
INCLUSIONS 


— 
| FINISHING | LESS THAN LESS THAN 
ONE ONE 


EXCELLENT 


MODERATE HIGH |MODERATE |MODERATE |MODERATE 


RESISTANCE 


Low 
“ORANGE- PEEL 


HIGH HIGH HIGH 


#"=MICRO-INCH 


VEHICLE 


ROTATION 
OF WORK 


PATTERN 


diy 
al 


\ 
ABRASIVE 


Fic. 1 Components or LapPinG 
tial between the lap and the work. For hard heterogeneous 
metals including alloys, a high velocity between the lap and the 
work produces the best results. Within the company, surfaces 
obtained by either of these new lapping methods are called 
“ultrafinishes.”’ 

Ultrafinishing is basically a modified lapping process. Fig. 1 
shows the five components of lapping; namely, lap, work, abra- 
sive, vehicle, and pattern. A description of each component 
follows: 


1 The lap is that part which applies a force to the abrasive 
particle causing it to abrade the work and itself. 

2 The work is a surface to be refined to meet certain geo- 
metrical requirements. The refinement may be for surface 
finish only, or it may be for both surface finish and geometrical 
precision. 

3 The vehicle is generally a liquid in which the abrasive par- 
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ticles are suspended. It also affords a film between the lap and 
the work. 

4 The abrasive is a granulated substance having sufficient 
hardness to abrade the work and the lap. 

5 The pattern is the configuration of the relative motion be- 


tween the lap and the work. 


Ultrafinishing is a series of patented? techniques which differ 
from conventional lapping in one or more of the following re- 
spects: 

1 The lap is restrained about one or more axes with respect 
to the surface being finished. 

2 Control is exercised over the rate of change of shape of the 
lap by selection and combination of materials. 

3 Critical attention is paid to the abrasive-supporting surface 
of the lap at each of the several stages of the lapping process. 


Low-VeE.Locity ULTRAFINISHING FOR Sorr HoMoGENEOUS 
MATERIAL 


This method is characterized, as the name implies, by the rela- 
tively low velocity, which rarely ever exceeds 300 sfpm. It is 
applicable to electroplated copper and nickel. 

A good perspective of the process may be developed from the 
description of the finishing procedure of a 15-ft-diam by 60-in- 
long casting wheel which follows: 

The cylindrical face of the casting wheel is electroplated with 
about 0.040 in. of copper followed by 0.025 in. of electroplated 
nickel. At the completion of each plating operation, ultra- 
finishing is performed. 

Ultrafinishing is a progressive process where one starts with a 
coarse abrasive and in each succeeding step advances to a finer 
abrasive. In this case, 320-grit aluminum-oxide abrasive is 
used in the initial step with tool steel hardened to Rockwell 
C-60 as laps. This stepwise procedure is followed with 400 and 
500-grit abrasive with additional refinement of surface in each 
step. At the completion of the 500-grit step, the tool-steel lap 
is removed and replaced with pitch-backed fabric lap which will 
be described in detail under another heading. The fabric-lap 
phase is composed of two steps: (1) A pile-type wool fabric is 
used with levigated alumina as the abrasive, and (2) the wool 
fabric is replaced with silk of similar construction and Linde 
polishing powder is used as the abrasive. Throughout the ultra- 
finishing of the casting wheel, sperm oil is used as the vehicle. 
The lapping equipment provides a sinusoidal pattern. 

The ultrafinish in this instance is about 0.5 microin. rms and 
the over-all geometry is within 0.002 in. of an ideal cylinder. 

To develop a successful low-velocity ultrafinishing process, 
many details must be considered. These details will be dis- 
cussed under the headings that follow. 

Lap. Probably the most critical requirement of the lap is 
uniformity of structure of the material; that is, every area of 
the lap should be like all other areas making up the lap surface. 

A heterogeneous condition becomes evident as uneven abrasion 
resistance and dislodged particles from the lap. Tool-steel laps 
have given the most consistent performance. 

An inclusion in the lap can be a source of contamination of 
the vehicle-abrasive suspension in the form of relatively large, 
dislodged particles. If the size of the dislodged particle is larger 
than the abrasive particle, damage is done to the work in the 
form of a deep scratch. Thus, low-inclusion content or wide dis- 
persion of inclusions having a small size is desirable. In some 
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? The following patents were issued to the author: 
10/20 /53—2,655,769—Lapping machine. 
10 /20 /53—2,655,775—Lapping methods and tools. dew 
10/7 /52—2,612,736—Lapping methods and apparatus. 
10 /20 /53—2,655,772—Backing for laps. 
12/28 /54—2,697,900—Lapping methods for balsa wood. = 
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instances, laps with relatively large inclusions perform well; 
but the element of risk is much greater. 

Nonuniform abrasion resistance is a condition that causes a 
lap to have an uneven rate of wear and can cause the develop- 
ment of a high spot in the lap surface. Since the lap must bear 
on the work, this high spot may break through the film afforded 
by the vehicle. If this occurs, galling between the lap and the 
work may take place; thus damage is done. Another trouble- 
some aspect of this condition is the effect upon the geometry of 
the work. The high area of the lap produces a counterpart in 
the work which is made relatively low to the average work surface. 
This lap fault is generally found in metals other than tool steels, 
such as copper and lead. 


le 
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Fic. 2 


Fig. 2 is a drawing of the pitch-backed, fabric-type lap referred 
to previously. It is essentially a cast pitch block '/2 in. thick, 
enclosed in an envelope of oil-proofed canvas. The canvas is 
any of several types sold by tarpaulin manufacturers and sail- 
makers. After fabrication of the canvas envelope, it is coated 
with about three applications of shellac to make it oil-proof. 
The block is inserted and the remaining open side of the envelope 
is sewn to make a complete enclosure. This enclosure is attached 
to the lap holder through flaps. In use, several polishing fabrics 
will be used; so a separate means of attachment of the fabric is 
provided to allow for fabric changes without disturbing the en- 
velope. This pitch-backed, polishing-lap arrangement is very 
important to low-velocity ultrafinishing. It affords an easy 
means of shaping the lap to the wheel curvature. As the lap is 
loaded, the pitch will slowly flow to take on the roll curvature. 
The pitch also serves another purpose in promoting good wheel 
geometry. The fact that it conforms to the wheel curvature at a 
relatively slow rate is very important. This characteristic 
prevents the polishing of any low or depressed area that other- 
wise would come about by virtue of the metal surface being some- 
what less abrasion-resistant in certain areas. 

For optimum results with the pitch-backed, fabric lap, the 
fabric must be of a pile-type construction with the pile fibers 
turned back into the base material. Those fabrics with the pile 
fibers terminating at the surface are not satisfactory for they 
encourage “orange peel.’’ The pile-type construction allows 
for wear without the fabric falling apart. Wool and silk fibers 
yield the best results. Silk is used only in the final finishing for 
economy. 

The ideal lapping equipment would allow for complete self- 
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COMPLETE SELF -ALIGNMENT 


Fic. Axes Anour Wuicu ALIGNMENT oF Lap May Be REcKONED 


alignment of the lap to the work. To do this, the lap would 
have to span about a 60-deg are of the roll surface. For large 
rolls, the lap size would be of proportions that would demand lap 
forces reckoned in many tons. For example, the 15-ft-diam 
casting wheel would require a lap 7.5 ft high 5 ft long and a 
lapping force of about 54,000 Ib. It would be impractical and 
uneconomical to build laps and equipment to these proportions. 
Furthermore, such forces would destroy the fine geometrical 
tolerance. 

The actual are of contact is about 12.5 deg. Fig. 3 is a sche- 
matic drawing showing the lap and the work and three axes each 
90 deg from the others about which the lap alignment may be 
reckoned. Complete lap self-alignment would allow freedom of 
movement about all axes. However, with small angular con- 
tact, freedom of movement about zz’ cannot be tolerated. Slight 
variations in friction can cayse the lap to become skewed with 
the edges of the lap digging into the work. With restricted 
movement about ZZ’, good finishing could be obtained together 
with excellent geometry control. 

As part of the lap-mounting requirements, one must consider 
means of applying to the lap a force normal to the work. This 
force should be sufficient to yield a unit loading between the lap 
and the work at about 10 psi. Helical springs and pneumatic 
cylinders are convenient for this purpose. This force system is 
usually calibrated so that the operator can work at unit pressures 
from 3 to 10 psi. 

Lap rigidity must be given due consideration. In general, 
the lap may be considered as a uniformly loaded beam with 
sufficient rigidity to resist deflection beyond the tolerance of the 
contour of the roll. In the lap mounting on the 15-ft casting 
wheel, two pneumatic cylinders exerting a total force of 7200 Ib 
were spaced along the lap length 0.223 times the lap length from 
each end. These mounting proportions give a deflection at the 
center equal to deflection at each end. Also, such proportions 
give maximum rigidity with a minimum of mass. Discussion to 
follow will show that it is advantageous to keep this mass as low 
as possible. 

The self-aligning features of the lap make it an unstable ele- 
ment when not bearing on the work. On contact with the work, 
stability is established and even unit loading is maintained only as 
long as properly designed forces are acting upon the lap. Care 
must be taken to prevent additional forces from acting on the 
lap that would cause a nonuniform loading. Such unwanted 
forces can arise from couples introduced by having the lap- 


driving forces acting outside of the center of gravity rather than 
through it. Also associated with uneven loading is the frictional 
force of lapping. If these forces do not act through axes that 
provide self-alignment, a torque is introduced causing uneven 
loading. In a practical design, slight unevenness of loading 
must be accepted. However, one must be careful that it is not 
excessive. 

In large surface laps, the oil film afforded by the vehicle can 
build up to thicknesses greater than abrasive-particle size and 
prevent cutting. This condition may be alleviated by making 
serrations in the lap surface. In general, serrations in the form 
of grooves cut in the lap face parallel to the axes of the roll 
spaced about 3 to 4 inches apart are satisfactory. 

Lap length is of importance. To start with, the lap should 
be the same length as the roll face. However, if after extended 
lapping the roll tends to become crowned, the lap should be made 
slightly shorter. If the reverse is true, a slightly longer lap is 
required. These variations have been noticed from one lapping 
setup to another, and the exact cause of crowning or concaving 
is not clearly understood. But once the proportions of lap length 
to work face have been adjusted satisfactorily for a given setup, 
readjustment is seldom necessary. 

This discussion highlights conditions surrounding the lap. 
There are other types of laps and special conditions for applying 
them. 

Abrasive. Aluminum-oxide crystalline-type abrasives are 
almost exclusively used in low-velocity ultrafinishing. 

The important qualities are (1) uniformity of grading, (2) 
toughness of particle, (3) sharpness of particle. These qualities 
affect the ultrafinishing process in the following manner: (a) 
Uniformity of grading allows for the most uniform finish with 
fastest metal-removal rate. (b) Toughness of abrasive particle 
improves cutting rate by virtue of the particle retaining its 
original form for a comparatively longer period of time. (c) 
When microscopically examined, some abrasives exhibit a sharper 
appearance than others. Particles spherical in shape do not 
exhibit a cutting rate as good as particles of a polyhedron con- 
figuration. In special applications, other abrasives such as 
diamond, boron carbide, emery, iron oxide, magnesium oxide, 
and many others can show excellent performance. These rat- 
ings are based on the performance on electroplated copper and 
electroplated nickel and other metals of similar structure. 

Vehicle. Oils for the vehicle of animal or vegetable origin 
have yielded the best finishes. Olive oil, peanut oil, and sperm 
oil have been used with about equal success. Olive oil may be 
slightly less desirable because of higher cost and higher viscosity. 
Sperm oil is ideal from a cost standpoint, but it has an odor that 
is offensive to some. This undesirable trait may be removed by 
adding a deodorant. Peanut oils are higher than sperm oil in 
cost, but results are identical. 

Mineral oils have been tried with moderate success. The 
disadvantages become more pronounced as the finish becomes 
higher. The economies that could be afforded by using mineral 
oils has prompted efforts of doctoring them with additives. 
However, slight success has been noted. 

The qualities of a vehicle that determine its performance are 
(1) its wettability; it should exhibit good wetting characteristics 
for the work, the abrasive, and the lap. Fulfillment of this pro- 
motes a uniform film at the lap-work interface and it also affords 
uniformity of abrasive-particle concentration in the vehicle. 
(2) Its viscosity should be low rather than high. This allows 
for a lower power consumption in doing the work. There are 
other indirect benefits; namely, lower temperature gradients 
which make geometry control easier to handle and lower lapping 
pressures which cause less distortion and, hence, provide improved 
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In a continuous finishing process, the vehicle performs still 
another function and that is as a carrier for the used broken-down 
abrasive particles and the cuttings coming from both the work 
and the lap. 

Since the vehicle is used with the abrasive particles suspended 
in it, it is fitting that the proportions of abrasive to vehicle be 
discussed at this time. Should one start with low concentration 
of abrasive and gradually increase the concentration, he would 
find that the cutting rate would increase. However, if he would 
carry this procedure to extremes, a point would be reached where 
the process would become erratic and the general quality of 
finish would deteriorate. From this, one may define the optimum 
concentration of abrasive. The ideal ratio of abrasive to vehicle 
is one that produces the fastest cutting rate without sacrificing 
quality of surface finish. Also, should this procedure be carried 
out for various grit sizes, one would find the optimum concentra- 
tion to vary with the grit size. After gathering data relative to 
abrasive concentration versus abrasive-particle size, it is found 
that a relationship exists that can be expressed mathematically. 
If the various grit numbers are plotted on the abscissa and the 
weight of abrasive per unit volume of vehicle is plotted on the 
ordinate, the curve so plotted approximates a hyperbola. The 

weight of abrasive per unit volume of vehicle dagen 

= grit number of abrasive 
constant it 


The constant is developed from experimental data. The 
grit number is the standard method of designating abrasive- 
particle size. 

For aluminum-oxide abrasive in sperm oil for use with metal 


y= 


y = ounces of abrasive per gallon of sperm oil ) nn 
z = grit number 
500 = constant 


The relationship does not hold when using fabrics as a polish- 
ing element. Generally, the optimum proportions show more 
abrasive to oil than would be predicted by the aforementioned 
equation. 

Work. First, consider the plating quality. If there are voids 
in the plating, their presence will be accentuated by the process. 
If there are few such defects, they may be repaired locally. In 
general, commercial metals are not as sound as they may appear. 
This impression arises from the fact that small defects are made 
obscure by the smearing action of commercial finishing. How- 
ever, as a result of the relatively low smearing characteristic of 
ultrafinishing, the deposit must be sound for a blemish-free sur- 
face. This requirement must be met by any material that is a 
candidate for this process. 

The work also must be sufficiently rigid to withstand the forces 
exerted upon it by the process. If deflections in the roll are 
greater than the sought tolerance, it may be possible to hold 
the tolerance. This requirement becomes more difficult to meet 
as lap areas increase and the work is a wheel of spoke construction. 

The work, like the lap, should be reasonably free of inclusions. 
The bearing inclusions have upon the finished work is covered 
elsewhere in this paper. 

Pattern. The importance of the pattern configuration depends 
upon the soundness of the work surface. In cases where metal- 
lurgical defects are of low order, almost any random pattern is 
satisfactory. The determining factor may be the economics of 
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design. However, when the number of metallurgical defects 
is relatively high, certain patterns do a better finishing job than 
others. This is particularly true when the defects are voids. 
Now a void has edges which define it, and low-velocity ultra- 
finishing rounds these edges to varying degrees, depending upon 
the combination of a number of factors. Lap resilience, concen- 
tration of abrasive, and pattern have the most predominant 
effects. In the process of finishing electroplated surfaces, the 
resilient-fabric polishing element rounds the edges to a high 
degree. This accentuates the defect; however, proper pattern 
selection will minimize this effect. Consider first a sinusoidal 
pattern as indicated in Fig. 4. It is noted that rounding or 
dubbing is predominant only on a portion of the edge of the void. 
Of the patterns used, this one is least desirable. The rounding 
is deep and extends from the void many times its diameter. On 
the other hand, consider the circular pattern as indicated in 
Fig. 5. This pattern is considered as best, but is the most ex- 
pensive to provide. It can be seen that rounding occurs com- 
pletely around the void. But the depth of the rounding is much 
more shallow than that found with the sinusoidal pattern. Fur- 
thermore, the area of the rounding is less for a circular pattern. 
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These effects occur with hard, low-resilient laps, but on a 
much reduced scale. 

Another factor of pattern selection is inertia loading. This 
loading can vary with the various configurations, thus, it is good 
design to select a pattern that yields a low-order loading so long 
as it does not represent an over-compromise on other require- 
ments of the process. 


ULTRAFINISH FOR Harp HETEROGENEOUS 
ALLoYs 


Alloys, such as 440A stainless steel, do not respond to ultra- 
finishing at low velocities. Troubles arise from dislodged car- 
bides and inclusions. In efforts to overcome the difficulties, 
many changes were made in the components that make up the 
process. A review of these efforts indicated wide variations 
were made in most elements of the process excepting velocity. 
However, to explore the higher velocity ranges it was realized 
that a radical change in technique would be required. Up to 
this time, the maximum relative velocity was 600 sfpm. Inertia 
forces in the lap and lap mounting were difficult to deal with at 
higher velocities. 
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Fic. 6 Scuematic SHow1NG ARRANGEMENT OF WORK AND LAPPING 
WHEEL 


The arrangement shown in Fig. 6 was considered the most 
logical approach to higher velocities. The machinery involved 
was, for the main part, a cylindrical grinder modified to comply 
with lapping. The grinding-wheel spindle was removed and re- 
placed with a motorized spindle, mounted so that its axis of 
rotation was ().7 times the radius of the lapping wheel above or 
below the work axis. Also, the axis of the motorized spindle was 
90 deg to the normal orientation of the grinding spindle. With 
proper alignment of the spindle to the work, two working inter- 
faces were brought about. If the axis of rotation of the work and 
the axis of rotation of the spindle are horizontal, then the direc- 
tion of cutting at each interface is approximately 45 deg from a 
vertical center line. Thus, the direction of cutting at each inter- 
face is approximately 90 deg to the other. This affords pattern 
breakup. The work revolves at about 20 sfpm, while the lapping 
wheel is traversed across it at a speed to cause a slight overlap of 
pattern. At each end of the roll, one working face is allowed to 
travel beyond the roll end so that the remaining interface just 
covers the roll end. The lapping wheel has a relative velocity 
of about 9000 sfpm. Abrasive is applied to the work suspended 
in a vehicle in the same manner as it is in the low-velocity process. 
Processing is progressive. One starts with coarse abrasive and 
works through succeeding stages of finer abrasives. When this 
process was tried on the 440-A stainless-steel roll, it performed 
well. This is to say that it cut the carbides and inclusions with- 
out dislodging them. 

Details of the high-velocity process will be discussed under the 
headings of lap, abrasive, vehicle, work, and pattern. 

Lap. The lap reached its present stage of development after 
many materials were tried. Initial work was done with metals, 
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followed by plastics, and then wood. After investigating a 
variety of species, it was found that lignum vitae, a tropical wood, 
was far superior to any of the others. It is different in structure 
from most woods, having a specific gravity of about 1.2, contain- 
ing about 25 per cent. resins by weight. In the use of this wood 
that followed, several observations indicated that the resins of 
the wood were largely responsible for its unusual behavior. 

Abrasive. After trying a variety of abrasives, it was obvious 
that diamond was to be the only useful one. The results with 
the more common abrasives were varied. In some instances, 
cutting was nil; in others, the lapping-wheel wear was rapid. 

Vehicle. The vehicle behavior in this process approximately 
parallels the results obtained for the low-velocity one; animal 
and vegetable oils exhibited better results, with olive oil showing 
a slight superiority to others in this group. 

Work. In the work done thus far, the high-velocity process 
has shown good finishes when applied to materials typical of 
440-A stainless steel, X-alloy, SAE-52100, 316 stainless, 304 
stainless, BR-4 tool steel, stellite, and 17-4 PH alloy. With 
this variety of materials responding to the process, it is reason- 
able to believe that many other materials not yet tried will 
respond equally well. 

Roll or wheel design must allow for internal cooling where the 
ultimate in geometry is desired. With internal cooling, one can 
produce geometry equal to that of the best grinding. 

Pattern. As already mentioned, the pattern breakup for this 
process is afforded through the location of the work axis with 
respect to the lapping-wheel-spindle axis, and the ideal condition 
is to have cutting at one interface 90 deg to cutting at the other 
interface. The degree of departure from the ideal without com- 
promise varies with work materials. In finishing 304 stainless 
steel, the variation in angle of cutting may be wide with little 
noticeable effect. But with 440-A stainless steel, this angle 
should be held between 60 and 120 deg. 


SurFAcE-FINISH MEASUREMENTS 


In the early days of this work, surface finishes were evaluated 


by the stylus-type instrument; but it was soon realized that some ° 


very fine detail of surface character could not be evaluated be- 
cause of the size of the stylus. So, an instrument? called the 
multiple-beam interferometer was developed for surface-finish 
measurement, thus allowing surface detail less than 1 microin. in 
depth to be observed. With such an instrument, the surface finish 
of both the low and the high-velocity processes are evaluated. If 
sound material is at hand, both of these processes can yield a 
surface finish of 0.5 to 0.3 microin. rms. It is believed that with 
the present knowledge of finishing and with better work materials, 
it is possible to ultrafinish to 0.1 microin. rms. 


METALLURGICAL ASPECTS OF ULTRAFINISHING 


Since the objective of ultrafinishing is to generate a surface 
that conforms to an idealized geometrical shape, any departure 
from this concept even on a macro or micro scale is undesirable. 
How closely one can adhere to this concept is dependent mostly 
upon his ability to deal with the adverse effects that are inherent 
to metals. 

First of all, metals have a polycrystalline structure. This, in 
itself, presents conditions that are adverse to the objective of 
ultrafinishing. Each crystal can show a difference in abrasion 
resistance; hence, the source of a slight rise and fall in the 
surface as one would scan it from crystal to crystal. In work 
done with large crystals, different physical qualities have been 


*‘‘An Interferometer for Examining Polished Surfaces,”” by R. E. 
Sugg, Mechanical Engineering, vol. 75, 1953, pp. 629-631. 

4“Grindability of Tool Steels,”’ by L. P. Tarasov, Trans. ASM, 
vol. 43, 1951, p. 1157. 
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observed when comparing the 
various crystal faces. In dia- 
mond polishing, it is a well-es- 
tablished fact that the abrasion 
resistance varies over a wide 
range depending upon the crys- 
tal orientation with respect to 
the polishing action. So, it is 
not unreasonable to believe that 
of the many crystals which make 
up a surface, each presents a 
slight difference in abrasion re- 
sistance. 

Then, there are those metals 
that are not only a polycrystal- 
line structure but also are made 
up of crystals or particles of 
different materials. Alloys give 
various combinations of the ele- 
ments to provide many struc- 
tures, each having its particular 
characteristic and with 4 wide 
physical variation from struc- 
ture type to structure type. 

The various inclusions differ 
from each other as well as the 
metal. 

The adverse effects inherent 
in metals can be dealt. with in 
a way to obscure them almost 
View or 15-Fr-Diam Castine WHEEL W ITH ELECTROPLATED NICKEL SuRFACE FINISHED BY completely. The techniques de- 

Low-Vetociry ULTRAFINISHING vised limit most of the effects to 


the extent that, reckoned on a 
macro or a micro scale, they 
measure only a few tenths of a 
microinch. In most cases, ge- 
ometry considerations show 
ultrafinishing to be equal to or 
better than commercial proc- 
esses. 

In order to relate the depar- 
tures from ideal geometry to 
metallurgical effects, first one 
must have a concept of the me- 
chanics at the lap interface. In 
general, two surfaces, one of the 
lap and one of the work, are in 
relative motion and are sepa- 
rated by the film of the vehicle. 
Suspended in the film are abra- 
sive particles. The thickness of 
the film is less than the average 
abrasive-particle size. The rela- 
tive motion between the lap and 
the work causes the abrasive 
particle to abrade both the lap 
and the work. 

Now it is the objective of the 
finishing process to remove 
metal in a manner to attain a 
geometry approaching the ideal, 
regardless of scale considera- 
tions. When consideration is 
given to the variation in abra- 
sive-particle size for a number- 
one, graded, diamond abrasive, 
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it is seen that the range in 
particle size is two microns, ap- 
proximately 80 microin  Im- 
mediately the question arises, 
“How is it possible to produce a 
surface geometry with variations 
less than 1 microin. with abra- 
sive particles varying 80 mi- 
croin.?”” The answer lies in the 
relative hardness or resilience of 
the lap material as compared to 
the hardness of the work. Now 
in order to do effective abrasion, 
the film thickness at the inter- 
face must be something less than 
the average particle size and in 
this case less than 40 microin. 
With film and abrasive-particle 
proportions as stated, the larger 
particle penetration into the 
lapping wheel would have to be 
at least 40 microin. So, for this 
case, the degree of difference in 
hardness of the lap as compared 
to the work is quite large. 

The soft-lap characteristic 
that corrects for the variations 
in abrasive-particle size isa 
source of error when considering 
macro geometry and over-all 
geometry. By virtue of its soft- 1 
ness or low modulus of elastic- 
ity, the lap face readily con- 
forms to the contour of the work, allowing it to 
polish low areas as well as high. This leads to 
“orange peel’ in the finish and poorer control of 
the over-all geometry. The counter measure for 
this effect is a hard lap with higher modulus of 
elasticity. So it is seen that there is an opti- 
mum hardness of lap for any work material, 
being hard to the extent that the orange peel 
and the scratch pattern are of equal depth. 
That is, a lap softer than optimum accentuates 
orange peel while diminishing the size of the 
cut, and a lap harder than optimum accentu- 
ates the cut while diminishing the orange peel. 

In consideration of the inclusions and their 
effects upon the ultrafinishing processes, their 
effects are varied. For the hard-type inclu- 
sions, the high-velocity process is least affected 
by their presence. In some instances, this type 
is sufficiently tough and sound and with good 
adhesion to the base material that they offer no 
obstacles to either finishing process. At the 
other extreme, the hard-type inclusion can be 
brittle, porous within itself, and have poor ad- 
hesion to the base material and, under such 
conditions, it is virtually impossible to produce 
a blemish-free surface by any process. For the 
soft type, neither process is affected by its pres- 
ence to the extent that it interferes with the finish on the sound 
portion of the surface. However, there is generally some degree 
of erosion to this type, leaving a void proportioned to the size 
and softness of the inclusion. 

Now, it is virtually impossible to obtain metals completely 
free of inclusions. But the physical qualities of the inclusions 
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can be dealt with to some degree to lessen their effects upon the 
finish. Any technique in the manufacture of the metal that 
causes wide dispersion is desirable. This may be affected by 
melting and hot-working techniques. The net result is more 
inclusions by number, but each inclusion is smaller. Several 
small inclusions are easier to contend with than one large one. 
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If all of the hard inclusions could be made sound and tough and 
with good adherence to the base materials, their presence would 
not be objectionable as far as ultrafinishing is concerned. But 
when the ultrafinished surface is put into service, the inclusion 
may be a source of rapid deterioration. In one experience, 
several sound silicate inclusions were not detectable at the time 
of ultrafinishing. But after months of service, the surface of 
the inclusions degraded, making their presences observable. 
These defects were reproduced in the product. 

Fig. 7 shows a completed 15-ft-diam casting wheel finished by 
the low-velocity ultrafinishing process. The surface is electro- 
plated nickel with a finish of about 0.5 microin. rms. The image 
in the cylindrical surface is composed of a portion of the windows, 
wall, and vertical sliding door. At the lower left side in the 
reflecting surface are diagonal lines which are images of seams in 
the vertical door. Special attention to these images will give a 
clearer understanding of the next two figures. 

Fig. 8 is a photograph involving the same casting wheel. In 
this instance, the entire view is a reflected image from the wheel 
surface. The image is composed of a vertical column, shown at 
the right, and the vertical sliding door with diagonal seams. 
Outside of the general curvature caused by the 
cylindrical surface, the seams are undistorted. 
This is an indication of good wheel geometry. 

Fig. 9 is a photograph involving another 
casting wheel finished by buffing with skill 
practiced to a very high degree. The images 
of the seams are distorted, indicating a poorer 
wheel geometry. This condition is further 
emphasized by the distortion of the heavy 
black lines on a placard shown at the center. 

Fig. 10 is an interferogram of a precision- 
ground roll with about a 1-microin. finish rms. 
The sharp deviations from a straight line indi- 
cate the sharp peaks of the grinding pattern. 
This finish represents the best commercial 
grinding practice. 

Fig. 11 contains two interferograms of finely 
finished 440-A stainless steel. At the left, the 
interference fringes indicate orange peel to a 
depth of about 2 microin. This surface was 
provided by a metallurgical-polishing tech- _ 
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nique. At the right is an interferogram of a surface provided 
by high-velocity ultrafinishing. This surface has an rms value 
of about 0.2 microin. 


CoNCLUSION 


Ultrafinishing techniques surpass all commercial finishing 
techniques when judged on the basis of (1) over-all geometry 
control, (2) cutting inclusions without dislodging them, (3) 
providing a finishing pattern with a depth of a few tenths of a 
microinch, and (4) finishing all constituents of the metal to equal 
elevation. No commercial process embraces all four of these 
items. 

From the standpoint of economics, the low-velocity technique 
can be practiced at about half the cost of competing commercial 
ones. Furthermore, the competing processes do not offer as 
good geometry control. 

The high-velocity process does not offer the same economic 
advantages as competing processes. On the other hand, the 
competing processes do not yield a surface of equal quality. 
Therefore, for the manufacture of certain high-quality sheet-like 
materials, there is no substitute for ultrafinishing. 
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Standard analog computing equipment is combined 
with electromechanical ‘‘map readers’’ made from modi- 
fied X- Y plotters to forma gas-turbine-engine performance 
computer. The complete engine computer assembly is 
composed of a number of smaller assemblies, each of 
which represents a separate element of the engine. All of 
these smaller computers, working simultaneously, ex- 
change and combine information to compute the per- 
formance of the entire engine. The computer can be 
made to represent any gas-turbine engine of any degree 
of complexity by merely adding the required additional 
engine element computers. It may be used to explore 
engine behavior, to obtain both steady-state and transient 
engine operating data, and to test various control systems. 


NOMENCLATURE 
The following nomenclature is used in the paper: 


absolute enthalpy, Btu/Ib* 

sea-level standard enthalpy (123.96 Btu/Ib) 

total temperature, deg R* 

sea-level standard temperature (518.4 R) 

mechanical equivalent of heat (778 ft-lb/Btu) 

total absolute pressure, psia* 

standard pressure at sealevel(14.7psia) 
rotor speed, Tpm 


T\* 


h 
h, 
T 
J 
P 
P, 
N 
6 


h 
referred enthalpy (*) 


P a 
referred total pressure ( 


rotor moment of inertia, slug-ft* 

angular velocity of rotor shaft, radians per sec 
gas flow rate, lb/sec* 

fuel flow rate, lb/sec 

turbine power, ft-lb/sec 

compressor power, ft-lb/sec 

. = rotor accelerating power, ft-lb/sec (P, — P,) 
* Numerical subscripts refer to stations in the engine, as de- 
fined by Fig. 1. 
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INTRODUCTION 


Complete and accurate performance data for gas-turbine en- 
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gines in the preliminary design stage can be obtained from a 

special performance computer, composed of standard electronic- 

analog-computing equipment and using modified X-Y plotters as 

electromechanical map readers. 

Such a computer may be regarded as an operating analog of the 
actual engine, with d-c voltages representing the various engine 
variables, such as rotor speed, temperatures, air weight flow 
rates, and pressures. In fact, many test data usually obtained 
from running the engine can be more easily and inexpensively ob- 
tained from the computer. Obviously, a computer of this type 
has many uses. 

In early engine studies, the computer may be used to explore 
engine behavior. It can predict the performance of various 
proposed designs, and it is especially useful in determining the 
operating characteristics of twin-spool engines, turboprop en- 
gines, and other engines which are extremely difficult to analyze 
by conventional methods. In addition to this, it becomes an in- 
valuable tool for acquainting engineers with gas-turbine-engine 
behavior. 

Such a computer can be used for power-control studies as soon 
as the performance characteristics of the engine elements are 
known. This permits most of the power-control system to be 
designed before the actual engine has been constructed. The 
ease and rapidity by which the computer produces engine-per- 
formance data permits a much more thorough power-control 
study than could be accomplished by hand computation alone. 
Any proposed fuel-control designs can be simulated electronically, 
and the control principles can be tested by connecting the control 
simulator to the engine-performance computer. 

An actual working model of the engine-control system may be 
tested on the computer if suitable transducing equipment is 
available to convert pressures and shaft positions to analog 
voltages, and analog voltages to pressures, temperatures, and 
shaft positions. Under these conditions the computer is serving 
as an engine simulator. 


INFORMATION FLow IN ENGINE AND IN COMPUTER 


Fig. 1 illustrates the station numbers assigned to the various 
points in the engine. Air enters the compressor at station 2, 
undergoes compression, and leaves the compressor at station 3, 
where it enters the burner, or combustor. The heated gas from 
the combustor enters the turbine at station 4 and leaves the tur- 
bine to enter the exhaust nozzle at station 5. The gas leaving the 
exhaust nozzle at station 8 produces the thrust. The gas flowing 
through the turbine turns the turbine rotor, which transmits 
power to the compressor rotor through a shaft. 

Fig. 2 is a block diagram showing the flow of information 
within the engine-performance computer. The compressor, 
combustor, turbine, and nozzle are each represented by a separate 
block. The equations within each block show the functional re- 
lationships existing between the outputs and inputs for that 
block. For example, the compressor block contains three equa- 
tions: The first specifies corrected air-weight flow as a function of 
pressure ratio and corrected rotor speed, and the second specifies 
corrected enthalpy rise as another function of pressure ratio and 
corrected rotor speed. The third equation states that the inlet 
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air-weight flow equals the outlet air-weight flow, thus assuming 
the absence of interstage bleed. The functional relationships of 
the first two equations cannot easily be expressed analytically but 
are usually available as families of curves, obtained from tests of 
the compressor. Use of these maps of compressor characteristics 
placed on electromechanical map readers which are intercon- 
nected by conventional analog-computing equipment permits the 
computation of all required output variables from the compressor 
block, using the input variables as basic information. 

Similarly, each of the other blocks can compute its output in- 
formation from its input information, using the relationships speci- 
fied within that block. 

One of the basic outputs of the compressor block is air-flow rate, 
W;. This information passes on to the combustor, where it is 
combined with fuel flow to give the gas flow leaving the combustor 
and entering the turbine. In passing through the turbine block, 
it is usually unmodified, but is used in performing some of the 
computations in that block. It emerges from the turbine block as 
W, and enters the exhaust-nozzle block, where it is used in deter- 
mining the pressure ratio across the exhaust nozzle. Thus air- 
flow information moves downstream in the computer. 

Similarly, temperature, or enthalpy, information also flows 
downstream from the compressor. It originates as the compres- 
sor inlet enthalpy ratio,@ Inthe compressor bleck, the enthalpy 
rise across the conipressor is added to ¢» to give @;, the corrected 
enthalpy at the combustor inlet. In the combustor block, the 
enthalpy rise across the combustor is added to @; to give q,, the 
corrected enthalpy of the gas entering the turbine. In the tur 
bine block, the enthalpy drop across the turbine is subtracted from 
gd, to give ¢,; and in the nozzle block, @; along with W; and at- 
mospheric pressure are used in determining the nozzle pressure 
ratio and the thrust. 

Pressure information originates at the nozzle and flows up- 
stream. The nozzle pressure ratio and the ambient pressure are 
used to determine 6;, the corrected pressure at the nozzle inlet. 
The turbine pressure drop and 6; then determine 6,, the turbine- 
inlet corrected pressure. The combustor pressure ratio and 6, 
are used in the combustor block to compute 6;, the combustor- 
inlet pressure. The compressor-outlet pressure and inlet pres- 
sure (supplied as an external input) form the compressor-pressure 
ratio, which becomes one of the variables used in computing the 
compressor-output quantities. 

The rotor-dynamics computer uses the difference between tur- 
bine power and compressor power to determine the rotor ac- 
celeration, which is integrated with respect to time to give the 
rotor speed N The rotor speed is an input to the compressor and 
turbine blocks 


ComPuUTER SYMBOLS 


Fig. 3 shows typical symbols for analog-computer elements, as 
well as the mathematical operations performed by these com- 
ponents. Fig. 3(a) is the symbol for a summer, an operational 
amplifier using resistors for inputs and for feedback As shown by 
the formula, the output is the negative of the sum of the input 
voltages, with each input voltage multiplied by the gain coefficient 
of that particular input. Fig. 3(b) is the symbol for an electronic 
integrator, an operational amplifier using resistors for inputs and 
a capacitor for feedback. The output of this device is the nega- 
tive of the integral with respect to time of the sum of the inputs, 
with each input multiplied by the gain coefficient for that input. 
The output of the integrator also includes the initial condition 
(abbreviated IC) corresponding to the constant of integration, 
the value of the integral at’ = 0. Fig. 3(c) is the symbol for a 
coefficient potentiometer, a device which multiplies the input 
voltage A by the potentiometer setting ¢ to give cA. Such a 
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d. Used to Obtain a 
Fixed Voltage 


c. Multiplying a Variable 
by a Constant a 
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potentiometer also may be used as shown in Fig. 3(d) to obtain 
a fixed voltage if its input is connected to a fixed voltage. 

The symbol used in this paper to represent a single-variable 
function generator is shown in Fig. 3(e). The output voltage Y 
may be made any desired single-valued function of the input 
voltage X by proper preparation of the function generator itself. 
The actual function generator may be any of the conventional 
available types, such as photoformer, diode, or servo. 

Fig. 3(f) is the symbol used to represent a function generator 
giving a function Z of two variables X and Y. This type of func- 
tion generator may be considered an electronic map reader, since 
it consists of a servodriven plotting table which has an electronic 
map of the function to be generated placed on its plotting surface 
and an insulated read-out probe substituted for the pen. Fig. 4 
is a photograph of such a map reader. The map itself consists of 
a sheet of glass coated with partially conducting graphite paint, 
and on this surface are plotted lines of constant Z. The con- 
stant Z-lines are composed of conducting silver paint, and each 
line is held at an analog voltage corresponding to the value of Z 
for that particular line. Voltages for points on the plate between 
the lines are produced by the electrical interpolating action of the 
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graphite-paint film. The X and Y-inputs to the plotting table 
move the probe to the corresponding X and Y co-ordinates on the 
plate, and the voltage received from the plate by the probe 
corresponds to the value of the function Z for the given X cna is 


inputs. 
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The d-c voltages in the computer are scaled to represent 
logarithms of the variables rather than the variables themselves. 
Use of logarithmic representation converts the operations of 
multiplying, dividing, squaring, and taking square roots to those 


Use or LoGarituMic REPRESENTATION 


of adding. subtracting, doubling, and halving, respectively. This 
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eliminates the need for large numbers of analog-computer multi- 
pliers, which are more expensive and less accurate than summing 
amplifiers. 

An additional advantage resulting from the use of logarithmic 
representation of variables is an increase in the accuracy of com- 
putation. T'wo factors are responsible for this improved accuracy: 
(a) For a given analog-voltage error, the per cent error for the 
variable is a constant, regardless of whether the voltage itelf is 
near 100 volts or near zero. (b) Through proper scaling, the 
operating range of the variable may be made to fit exactly 
the operating range of the computer, thus making use of the com- 
puter’s full voltage range, from —100 to +100 volts. 
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DESCRIPTION OF THE COMPRESSOR 

Space does not permit a detailed description of the entire gas- 
turbine-engine-performance computer. Since the compressor 
represents a typical block for the entire engine, a description of 
information flow through this block will serve to illustrate the 
analog-computer principles involved. 

A simplified computer diagram of the compressor is shown in 
Fig. 5. The inputs to this part of the circuit are shown at the 
left, and the outputs are shown at the right. The inputs consist 
of analog voltages representing the logarithms of inlet pressure, 
inlet temperature, rotor speed, and combustor-inlet pressure. 
The pressures are shown as ratios of the pressure involved to 
standard atmospheric pressure at sea level (14.7 psia). Thus the 
pressures are actually represented as logarithms of 6: and 6; in- 
stead of the logarithms of P: and P;. The ratio 6 is a function of 
engine speed and altitude and is set in as a fixed input from 
potentiometer P1, while the ratio of P; to P,, or 4s, is a variable 
and is obtained from the combustor block. The inlet temperature 
is shown as @¢2, the ratio of the enthalpy of the inlet air to the 
enthalpy of air at sea level under standard conditions, and is also 
obtained as a fixed input from a potentiometer. 

The logarithm of the inlet-pressure ratio and the negative of 
the logarithm of the combustor-pressure ratio are added in sum- 
ming amplifier A, and their sum is inverted in sign to give [6;/é:], 
which is used as an X-input to the two map readers labeled Table 
Aand Table B. The required Y-input to these two tables, or map 
readers, is obtained by summing the logarithm of N and the 
logarithm of 1/+/¢:2 to give [N/+/¢:], at the output of amplifier 
B. The quantity —[N] is obtained from the rotor-dynamics 
computer, while — [1/+/@2] is obtained by using potentiometer P3 
to multiply — [1/2] by 0.5. 

The electrical map on Table A gives corrected air-weight flow, 
W-~/ ¢:2/é2, as a function of compressor-pressure ratio, 5;/52, and 
corrected rotor speed, N/+/¢@z, all in logarithmic form. The elec- 
trical map on Table B gives corrected enthalpy rise across the 
compressor, using the same input variables as Table A. The 
logarithm of absolute air-weight flow is obtained by amplifier D, 
in which — [W2+/¢2/62] is added to —[1/+/¢2] and — to 
leave — [W:2], which becomes inverted in sign to [W:] at the out- 
put of amplifier D and is passed on to the combustor. The out- 
an of Table B, representing the corrected enthalpy rise, [(h3 —h2)/ 
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C. Table C is a single-variable function generator, giving [X] or 
|hs/h2] as an output when [X — 1], or [(h3/h2) — 1], is its input. 
The constant h,, shown also as the input, may be absorbed by 
properly biasing the function. The output of Table C, which is 


[h3/he], is added to [2], or [h2/h,], to give — [ds], or — |h3/h,], as 
an output of amplifier G. This information is then passed on to 
the combustor. 

As shown in the diagram, amplifiers E, F, and H properly com- 
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needed in the rotor-dynamics computer. 

Thus, by use of summing amplifiers and function generators, 
the compressor block accepts all available input information and 
converts it to the output information required by other parts of 
the computer. 


CoMPUTATION OF Rotor SPEED 


The rotor-accelerating power is equal to the difference be- 
tween the turbine power and the compressor power. If the ac- 
celerating power is denoted by P,, the turbine power by P,, and 
the compressor power by P., this becomes in equation form P, = 
P,— P.. 

If these powers are expressed in pound-feet per second, then 
P, = (torque) X (w), and torque = Jw. Thus 
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The block of the computer labeled “Rotor Dynamics,”’ in Fig. 


6, accepts power information from the compressor and turbine 
and computes rotor speed, using the relations derived in the fore- 
going. The input from the compressor is 
~ 


This quantity is converted to direct, or antilogarithm, form by the 
function generator labeled Table D. A corresponding quantity 
representing the quotient resulting from dividing turbine power 
by w? is obtained from the turbine block and converted to anti- 
logarithm form by Table E. Amplifier A inverts the expression 
P,,/? to permit amplifier B to form the difference between it and 
P./o* as shown in Fig. 6. This difference is multiplied by the 
constant [e]/J by potentiometer P1 and integrated by integrator 
C to give —[N] directly. The moment of inertia of the rotor 
may be changed at will to any desired value by adjusting the 
potentiometer Pl properly. The integrator C is the only integra- 
tor used in the entire computer, so its rate of integration deter- 
mines the “time scale” of the computer circuit. For example, 
the computer operates in “real” time if potentiometer P1 is set 
to the actual value of [e]/Z, but if it is set to one tenth of this 
value, the computer operates only one tenth as fast as the actual 
engine would operate. Any desired change of time scale may be 
made easily. 
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SuMMARY OF THE ENTIRE CoMPUTER 


Each block in Fig. 2 is “mechanized’’ on the computer in a 
manner similar to that for the compressor and rotor-dynamics 
computers, and computes all of its required output information, 
using the available input information as shown in Fig. 2. Then, 
when the computer blocks are interconnected as shown in Fig. 2, 
and the computer is placed in operation, the various map readers 
and function generators will adjust themselves to positions such 
as to satisfy simultaneously the conditions specified by the laws 
of thermodynamics and by the relationships placed on the map 
readers. If the analog voltage corresponding to the logarithm of 
fuel flow is then varied, the entire computer will respond and give 
the proper transient response, corresponding to the transient re- 
sponse of the engine to a similar variation in fuel flow. The rotor 
speed as well as any desired temperature, pressure, or flow rate 
may be read out by connecting a Brush recorder or some similar 
mechanical oscillograph to the proper points of the circuit. 

A performance computer for more complex engines, such as a 
turboprop or a twin-spool engine, can be constructed by adding 
any necessary additional blocks. An afterburner is easily added, 
and a simulated power control can be mechanized and added to 
the computer if desired. Descriptions of some of these more com- 
plex configurations may be found in references (1) and (2).‘ 


APPLICATIONS OF THE COMPUTER 


Steady-State Data. The possibilities of the computer may per- 
haps be illustrated better by describing some of the ways in which 
it can be operated to obtain data. For example, steady-state 
operating information is obtained by first allowing the rotor speed 
to stabilize for a given setting of fuel flow and inlet conditions, 
and then measuring the voltages representing the logarithms of 
the desired output variables by using a d-c potentiometer bridge, 
or a digital voltmeter. If a number of output variables, such as 
[N], [4], [63], and so on, are to be read for each steady-state 
operating point, the voltage-measuring device is connected to the 
arm of a selector switch and the contact for each position of the 


4 Numbers in parentheses refer to the Bibiliography at the end of 
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switch is connected to a point in the computer circuit producing 
a voltage corresponding to the logarithm of a variable to be 
measured. Then, when the computer has reached a steady-state 
condition, the switch may be rotated and the voltages on the arm 
for each position measured and recorded. 

Although the information obtained from the computer is in 
logarithmic form, it may be converted easily into the correspond- 
ing value of the variable by using conversion curves which show 
the engine variable plotted against its corresponding voltage in 
the computer. If the conversion curve for a variable is plotted on 
semilogarithmic graph paper, it becomes a straight line and thus 
can be determined completely from two points. 

For steady-state operation, either the fuel flow or the inlet con- 
ditions (inlet pressure and temperature) may be varied as de- 
sired. Thus, operating characteristics of the engine at any alti- 
tude and with any desired airspeed may be investigated as readily 
as those for sea-level static conditions. Fig. 7 is a plot of digitally 
computed steady-state operating curves for an actual engine. 
Points obtained from steady-state operation of the analog com- 
puter are plotted on the same sheet in order to facilitate com- 
parison. 

Surge Data. Before the acceleration schedule for an engine 
control can be specified, the conditions of engine operation which 
cause surging must be known. The performance computer can be 
used to determine these conditions rapidly. The surge phe- 
nomenon in the computer may be explained by referring to the 
compressor characteristics maps. Fig. 8 is a sketch of a com- 
pressor map of the type used as the function for Table A in Fig. 
5. The surge line is the dividing line between normal operation 
and surging operation of the compressor. Compressor operation 
is not defined for the surge region, although the lines of constant 
corrected air-weight flow have been extended slightly into this 
region in order to improve the electrical interpolating action of 
the semiconducting plate. The surge line on the function-gen- 
erating plate is covered by a narrow strip of plastic electrical tape. 
If, during the operation of the engine computer, the pr 
map reader starts to cross the surge line, it becomes insulated tru... 
the function-generating plate by this tape and causes the com- 
puter to become unstable, thus simulating surge in the engine. 

A pair of curves such as those shown in Fig. 9 can be obtained 
in the following manner: The computer is first allowed to reach 
steady-state operation for some value of fuel flow, and thus to 
locate a point on the operating line. Then, the integrator in the 
rotor-dynamics computer is made to “hold” to the value of [N] so 
determined, and fuel flow is advanced until surging is encountered. 
The value of N at which the rotor speed is being held and the 
value of fuel flow which barely causes surging determine a point 
on the surge line of Fig. 9. The integrator may then be allowed 
to operate and the process repeated to obtain additional points on 
the surge line and uperating line until these two lines are clearly 
defined. 

Sensitivities of Feedback Variables to Control Variables. After 
the acceleration schedule for an engine control has been determined, 
it is necessary to compute the sensitivities of various engine varia- 
bles to changes in other variables, in order that time constants 
and gains for the power control may be specified. Suppose, for 
example, that the turbine-outlet pressure is to be used as a feed- 
back rn to the power control. In this case the derivative 


should be known for the entire range of N for the wanes. This 
may be found from operating the engine-performance computer 
as shown in Fig. 10. The voltage representing the logarithm of 
6; is connected to the Y-axis and the voltage representing the 
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logarithm of W, is connected to the X-axis of a servo-driven X-Y 
plotter. The computer settles at a steady-state operating point 
for some fixed value of fuel flow, and the position of the pen on the 
plotter is marked. Next, the integrator in the rotor-dynamics 
computer is held at the value of [N] for this point, and the fuel- 
flow input is manually varied back and forth from this point by 
adjusting the fuel-flow potentiometer P. The resulting curve 
traced by the plotter has a slope at the operating point of 3(6;]/ 
o[W,]. A straight line may be drawn tangent to this curve 
through the operating point, and its slope measured. This slope 
may then be converted to 06;/0W, as follows: Since [z] = 
[e] Inz 
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The sensitivity of 5; to changes in W, for other steady-state 
points may be determined in a similar manner until the desired 
range of N has been covered. 

Other Applications. Further applications of the computer are 
listed in the following. In most cases, making the required 
measurements involves no particular difficulty, and the method of 
manipulating the engine performance computer for each type of 
measurement listed should be readily apparent. 


(a) Measuring transient response of various engine variables, 
particularly N, to step changes in fuel flow, exhaust-nozzle area, 
or other control variables. Output data are recorded on a multi- 
channel recorder. 

(b) Testing simulated fuel controls for stability and accelera- 
tion performance when combined with the engine. 

(c) Investigating effects of changes in operating characteristics 
of engine elements. 

(d) Determining effects of compressor bleed (either fixed per- 
centage or scheduled by rotor speed). 

(e) Effects of imposing limits on pressures and temperatures. 

(f) Testing the performance of the simulated engine with a 
simulated airplane. 


CONCLUSION 


The degree of agreement between computer results and data 
from actual engine tests depends mainly upon the validity of the 
maps and curves used in the computer to describe the operating 
characteristics of the engine elements. Steady-state results from 
the computer usually agree with hand-computed steady-state data 
to within one or two per cent, if the same data are used for hand 
computation as are used by the computer. 

Although it is not necessary to have variables represented 
logarithmically, it has been found desirable to use this technique 
in order to reduce the complexity of the computer and to obtain 
sufficient accuracy. Conversion of data to antilogarithmic form 
is not especially difficult or time-consuming if conversion curves 
are used. 

At the present time there have been developed a number of 
methods of generating a function of two variables, some of which 
show considerable promise. It is felt, however, that the electro- 
mechanical map reader is the simplest and most reliable device so 
far available for this purpose. 

The method of computing gas-turbine-engine performance as 
described in this paper has been in use at the Willow Run Labora- 
tories of The University of Michigan for over three years and has 
proved successful for several types of gas-turbine engines. Based 
upon experience with the computer, it is estimated that the 
average error in results due to the computer is from 0.1 to 3 per 
cent, depending upon the variable under investigation. 


ACKNOWLEDGMENTS 


The initial feasibility study was sponsored by the Power Plant 
Laboratory of the Wright Air Development Center, Wright 
Patterson Air Force Base, Ohio. Subsequent work has been 
sponsored by Westinghouse Electric Corporation, Aircraft Gas 
Turbine Division, Kansas City, Missouri; and by the Allison 
Division of General Motors Corporation, Indianapolis, Indiana. 


BIBLIOGRAPHY 


1 “A Dynamic Performance Computer for Gas Turbine Engines,” 
by V. L. Larrowe, M. M. Spencer, and M. Tribus, University of 
Michigan, Willow Run Research Center (Contract AF 33(616)-2074), 
Phase I, Final Report, WADC TR 54-577 (December, 1953). 

2 ‘A Dynamic Performance Computer for Gas Turbine Engines,” 
by V. L. Larrowe and M. M. Spencer, University of Michigan, Willow 
Run Research Center (Contract AF 33(616)-2074), Phase II, Final 
Report, WADC TR 54-577 (August, 1955). 

3 “A Conventional X-Y Plotter Converted Into a Two-Variable 
Function Generator,”’ by V. L. Larrowe, University of Michigan, 
Engineering Research Institute, Report 2489-1-F, August, 1956. 

4 “Uniformly Conductive Surfaces,’ Icing Research Staff, Uni- 
versity of Michigan, Engineering Research Institute (Contract AF 
18(600)-51), Project M992-4, September, 1953. 

5 “Use of Semi-Conducting Surfaces in Analog Function Gen- 
eration,” by V. L. Larrowe and M. M. Spencer, Proceedings of the 
National Simulation Conference, Dallas, Texas, January, 1956, pp. 
33.1-33.6. 

6 “Logarithmic Representation of Variables in D.C. Analog 
Computers,”’ by V. L. Larrowe and M. M. Spencer, unpublished 
paper presented at a general meeting of Association for Computing 
Machinery, Ann Arbor, Mich., June 24, 1954. (Copies are available 
from the authors.) 

7 “Theory and Design of Gas Turbines and Jet Engines,” by 
E. T. Vincent, McGraw-Hill Book Company, Inc., New York, N. Y., 
first edition, 1950. 

8 “Jet Propulsion and Gas Turbines,” by M. J. Zucrow, John 
Wiley & Sons, Inc., New York, N. Y., 1948. 


COMPUTER 
or 
—— 
| 
- 


